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Abstract

High-speed permanent magnet machines (HSPMM) are a competent candidate for high-
speed applications due to its better efficiency, power factor, and utilization factor in comparison
to other types of high-speed electrical machines. In this thesis, both the electromagnetic and
mechanical issues of HSPMM including rotor split ratio optimization, rotor stress analysis, and
parasitic effects such as rotor eddy current loss and UMF are investigated elaborately by means

of analytical and finite element analyses, together with experimental validation.

Firstly, the optimal rotor split ratio of HSPMM is investigated analytically with
consideration of stator iron loss as well as rotor mechanical stress. The influence of design
parameters such as air gap length and rotor pole pairs on the optimal split ratio is investigated.
Both analytical and finite element analyses reveal that the optimal split ratio for HSPMM will
be significantly reduced when stator iron loss and mechanical constraints are taken into

consideration.

Secondly, the rotor eddy current loss of the four-pole HSPMM with alternate stator winding
configuration is investigated. The contribution of each harmonic in the production of magnet
loss, either from PM field or armature field, is determined by the proposed method with
consideration of stator slotting effect. In addition, the armature reaction induced magnet losses
with different stator winding configurations are compared as well. It is found that the value of
magnet loss is dependent on both the penetration depth and the amplitude of asynchronous

spatial harmonic, which are determined by the specific slot and pole number combination.

Following from this, the existence criterion of UMF in PM machines with odd number stator
slot is determined. In addition, the influence of slot and pole number combination on the rotor

UMF is investigated.

Finally, a novel HSPMM design methodology considering both electromagnetic and
mechanical issues is illustrated. The rotor stress is firstly analysed with consideration of PM
segmentation effect. The corresponding worst operating scenarios and influential factors are
then investigated. Based on the stress analysis of the HSPMM, the mechanical stress limitation
is incorporated as the geometric constraints in the electromagnetic design so that the mutual

influence of two different design aspects can be considered.
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Chapter 1 General Introduction

1.1 Introduction

High-speed electrical machines (HSEM) have been widely used in various applications such
as high-speed spindles [ZWY09], turbochargers for more electric engines [GER14], micro-gas
turbines [FER95], [GOLO03], flywheel energy storage system [TSA03], and compressors and
air blowers [KOL11], [ZHA16], [HUA16]. They have been gaining increasing interest from
machine designers in the past twenty years. There are at least two benefits for increasing
operating speed of electrical machines. One of the commonly acknowledged advantages of
HESMs lies in the reduction of overall mass and volume for the same power requirement. This
is particularly desirable for applications which demand a high system power density. The
second advantage of adopting high-speed machines is the enhancement of system robustness

and lower maintenance due to elimination associated accessories such as gearboxes.

The high-speed permanent magnet (PM) machine (HSPMM) is a competent candidate for
high-speed applications due to its better efficiency and power factor, compared to other HSEMs
[BIAO4]. However, there are still many challenges and obstacles in terms of both mechanical

and electromagnetic aspects for HSPMM which are summarized in the following paragraphs.

Under the high-speed rotating, all components in the rotor will suffer significant centrifugal
force and tangential stress, which can be further aggravated by the rotor temperature rise
[BINO6]. As the most vulnerable part, the rotor magnets are rather brittle with small tensile
strength [DU19], [ZHA16]. Sleeves are therefore adopted to retain the magnets in surface-
mounted PM (SPM) machines. Hence, rotor stress analysis is a key issue for the design of
HSPMMs in order to keep the maximum induced rotor stress within the material strength limits,

especially for PMs [BINO7].

On the other hand, for low to medium speed operating electrical machines, the rotor
dynamics are typically not a significant issue since the operating speed range is normally far
below the first critical speed. For HSPMM, the rotor dynamic issue becomes more crucial and
challenging in that resonant vibration could easily happen with an improper rotor design

[ZHU02].

Compared with high-speed induction machines, the HSPMMs are equipped with a more



compact size featuring high power density and loss density, thus imposing a great challenge on
the cooling system design. The stator core loss and AC copper loss should be accounted under
the high-speed operation. Meanwhile, a significant amount of rotor magnet loss and sleeve loss
if applicable will be induced. This would cause severe rotor temperature to rise which may
cause the PM irreversible demagnetization. On the other hand, the potential unbalanced
magnetic force (UMF) in HSPMM with an odd number of stator slots may deteriorate the high-
speed bearing wear which is vital for the rotor robustness. Hence, the electromagnetic issue in
the analysis of HSPMM consists at least two aspects: (a) Understanding the generation
mechanism of electromagnetic loss and UMF, as well as their precise prediction, especially at
the worst operating scenario; (b) reasonable selection of machine topologies and other

measures for the electromagnetic loss and UMF reduction.

It should be noted that the electromagnetic issues and the mechanical issues in HSPMM are
not independent. They are strongly coupled to one another due to the link of rotor geometry.
Both considerations from electromagnetic and mechanical aspects should be accounted for the
HSPMM rotor design. Furthermore, the influence of one aspect on the other becomes more
obvious in HSPMM, compared to low speed machines. The optimal design in one domain may
be altered when the other issue is considered, which will be addressed in Chapter 2 and Chapter

5.

In summary, the essence of HSPMM analysis is a multiple iteration process which
incorporates the electromagnetic, mechanical and other factors. Usually, design trade-offs must
be made between different aspects according to the specific case. The aim of this chapter is to
provide a systematic overview of the key design considerations and tradeoffs for HSPMM with

regard to the aforementioned aspects.

This chapter will firstly discuss the definition of high-speed and summarize the alternate
high-speed machine technologies. Advantages and disadvantages of each high-speed machine
type will be identified. Then, both the electromagnetic issues and mechanical issues in HSPMM

will be reviewed in detail. Finally, the main contribution and future work will be presented.
1.2 High-speed Machine Technologies

In this section, the definition of high-speed is firstly discussed. Then, the high-speed machine

technologies are classified into three typical groups: induction machines (IM), switched



reluctance machines (SRM), and permanent magnet (PM) machines. The operating power as
well as the speed of each type of machines are compared so that the suitable applications for

different high-speed machines can be determined.

1.2.1 Definition of High-speed

As shown in Fig.1.1, the operating speed and power ranges of different types of high-speed
machines are very wide. However, the boundaries are simply defined by two special types of
high-speed machines. One type of machine is featured with ultra-high operating speed but
relatively lower power rating [ZWYO05], [SHEO06], [PFI10], [HON12]. On the contrary, the
other type of machine exhibits much higher power rating but relatively lower operating speed
[ZHAT15], [LUI14], [DU19]. Both should be considered as high-speed machines. Therefore, it
is not wise to take either the maximum operating speed or the power rating as the only criterion

for the definition of high-speed.

The definition of high-speed should be considered mainly from the perspective of the
challenges the machine is faced with. Hence, the peripheral speed is normally adopted to
identify high-speed machines [SIL16]. This criterion initiates from the constraints of rotor
mechanical stress. As is well known, the rotor tangential stress due to rotation is proportional
to the square of circumferential speed. Classification according to the peripheral speed could
easily identify the realization difficulties of mechanical robustness. Similar criterion is also
reported in [GER14]. HSEM is defined as electrical machines with r/minVkW over 1x10° and
operating speed over 10kr/min. This definition is still mechanical difficulties oriented. It
provides a quick and reliable guide number to access from the combinations of speed and power
the likely severity of dynamic problems such as critical speed. High values of bearing DN and
sensitivity to good balancing [MIL91]. In [BINO7], the HSEM is defined as the inverted-fed
machines with fundamental frequency up to several kHz. This criterion focuses more on the
control difficulties of high-speed machines. Another way of high-speed definition is concerned

with correlations between operating speed and power rating [RAHO04].
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Fig.1.1. Operating power and speed of high-speed machines in literature [GER14].

1.2.2 High-speed Machine Types for Various Applications and Specifications

Over the last two decades, numerous overviews on HSEM topologies have been published
[REI95], [RAMO4], [BINO7], [MOG14], [GER14], [TEN14], [XIA15], [SIL16]. This section
will summarize and analyse high-speed machines found in literature. The targets mainly
focuses on high-speed induction machines (IMs), high-speed switched reluctance machines
(SRMs) and high-speed PM machines (HSPMMs). Emphases are put on the rotor structures
for each type of high-speed machines in terms of dealing with rotor stress and loss. In addition,
a schematic comparison between different topologies in terms of reachable power and

maximum operating speed will be made in order to identify the suitable cases for each topology.

A. High-speed IMs

IMs equipped with simple and robust rotor are normally adopted in applications such as
compressors and spindles. Table 1.1 illustrates the high-speed IMs in literature. The table is
sorted according to the value of peripheral speed (vc). The highest achievable peripheral speed
of IMs has reached 367m/s with a solid coated rotor in [SAA94] whilst the maximum power

can reach 8MW for compressor applications in [PYR10].

It is obvious that the solid-rotor type is more favourable because of highest mechanical
stiffness. Generally, there are four solid rotor topologies for IMs, namely smooth solid rotor,
slitting solid rotor, solid rotor with copper coat and solid rotor with cages. The smooth solid

rotor is the simplest and most robust. However, the lack of low impedance path for the rotor



current makes it relatively low efficiency. Hence, the axially slitting solid rotor was proposed
to push the fundamental flux into the rotor while reducing the rotor eddy current [AHOO7].
The slitting technology has also applied to the containing sleeve of high-speed SPM machines
for the eddy current loss reduction [SHE13]. [ARU16] also proposes a high-speed IPM
machine with solid slitting rotor. Fundamentally, the slits in rotor reduce the eddy current loss
significantly. The friction loss, however, could be increased accompanied with reduction of

mechanical strength.

To further improve the rotor, the solid rotor coated with the copper layer is proposed in
[SAA94]. Such a design will retain the high robustness compared with the simple solid rotor
whilst exhibiting high efficiency as well. The maximum peripheral speed achievable in
Tablel.1 is realised with this topology. The trade-off of this topology is the increase of effective
air-gap length, thus inducing poor power factor. [LAHO02] investigates the application of a
squirrel caged solid rotor. This topology tries to integrate the robustness of solid rotor with the

electromagnetic performance of squirrel cage rotor.

Several papers compare the laminated—rotor topology with alternate kinds of solid rotor
configuration [IKE90], [BOG92], [LAHO02], [LATO09]. It is widely acknowledged that the
laminated rotor can be adopted when it is mechanical endurable because of the significantly

higher overall efficiency by reduction of iron loss.

The operating power and speed of IMs are illustrated in Fig.1.2, Fig.1.3 and Fig.1.4. A few

findings can be summarized as:

(1) Most of high-speed IMs operate below the speed of 60krpm.
(2) MWe-Ievel high-speed IMs account for a significant part of the working region.
(3) The value of r/minVkW for most of high-speed IMs drops below 8x10°.



Table 1.1 High-speed IMs in literature

Power Speed Ve r/minVkW
(kW) (r/min) (m/s) (x105) Rotor Type Ref
60 100000 367 7.74 Solid coated | [SAA94]
300 60000 342 10.39 Solid coated | [GIE12]
2000 15000 290 6.70 Laminated | [CAPOS5]
60 60000 283 4.64 Solid coated | [LAHO2]
8000 12000 250 10.73 Laminated | [LATO09]
50 50000 236 3.53 Solid caged | [LAHO02]
8000 12000 204 10.73 Solid slitted | [PYRI10]
2610 11160 193 5.70 Solid caged | [WOO97]
100 30000 185 3 Laminated | [VIG92]
6000 10000 182 7.74 Laminated | [HONO97]
10 90000 180 2.84 Laminated | [GER12]
6.3 120000 177 3.01 Solid [BUMO6]
35 40000 168 2.36 Laminated [SIE90]
65 30600 144 2.46 Laminated | [LAHO02]
11 56500 138 1.87 Laminated | [KIMO1]
21 50000 134 2.29 Laminated | [SOO00]
250 12000 126 1.89 Solid slitted | [HUPO04]
200 12000 126 1.69 Laminated [IKE90]
12 24000 124 0.83 Solid caged | [PYR96]
1.5 50000 120 0.61 Laminated | [LARO3]
120 10000 102 1.09 Solid slitted | [AHOO07]
0.7 24000 63 0.20 Solid coated | [LAHO2]
12 13500 62 0.47 Solid slitted | [PYR96]
0.075 45000 60 0.12 Laminated | [ANB96]
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B. High-speed SR machines

Switched reluctance machines (SRM) are advantageous for their simple and robust structure.
There are neither windings nor permanent magnets on the rotor. Thus, this type of machine is
inherently suitable for high-speed applications. Table 1.2 lists the development of high-speed
SRMs in literature and industry. The maximum power achievable for SR machines is 250kW
with the rated speed of 22000rpm. The maximum operating speed achievable for SR machines

has reached 200000rpm. The following findings can be summarized:

(1) Ultra-high-speed SRMs (>90krpm) account for a significant part.

(2) The majority of high-speed SRMs power rating is normally less than 250kW.

(3) The value of r/minVkW for most of high-speed SRMs drops below 3x10°.

One typical application for SRM is low cost applications low power such as home appliances
[BRA11], [KIMOS], [LEE13]. They are commonly constructed with two-phase, four-slot-two-
pole configuration. Another typical application for high-speed SR machines is the integrated

starting generator in aero-power system [RIC97], [FER95].



On the other hand, the most challenging issues for high-speed SRM are the significant
windage loss resulting from small air gap and uneven rotor surface and the torque ripple. Hence,
in [DAN15], a rotor flux bridge is adopted to reduce the windage loss. For the reduction of
torque ripple, several literature can be found on the method of rotor shape profiling [LEE13],

[HUA18].

Table 1.2 High-speed SRMs in literature

Power Speed Ve r/minVkW Air-gap Ref.
(kW) (r/min) (m/s) (x10%) length (mm)
0.1 750000 235.5 0.24 0.35 [KUN12]
45 32000 197.6 2.15 0.64 [BAR14]
1 130000 176.8 1.3 0.2 [ZHO09]
100 20000 153.0 2 2.00 [IKA14]
1.5 100000 136 1.22 0.2 [JINO9]
0.3 100000 136 0.547 0.2 [SUNO7]
7.5 20000 125.6 0.55 0.25 [FANO6]
1.6 100000 110.9 1.26 0.15 [PEI13]
0.6 30000 46.315 0.23 0.25 [LEE13]
1 17000 32.91 0.17 0.35 [ZHU14]
250 22200 N/A 3.51 N/A [RIC97]
32 48000 N/A 2.72 N/A [RAHO04]
30 52000 N/A 2.85 N/A [FERO95]
1 200000 N/A 2 0.4 [MORO0]
1 60000 N/A 0.6 0.3 [BRA12]
1 48000 N/A 0.48 N/A [KIMOS]
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Fig.1.5. Power versus speed of SR machines in literature (Table 1.2).
*
2
N g
¢ *
* L 4
4 *
& ¢
0 30000 60000 90000 120000 150000
Speed(r/min)

Fig.1.6. r/min VkW versus speed of SR machines in literature (Table 1.2).

10



Distrubution rate

100-150

Speed region(r/min)

Fig.1.7. Distribution of SR machine working region (Table 1.2).

C. High-speed PM machines

PM machines are becoming more popular in recent years due to their high-power density as
well as high efficiency, which are highly desirable for high-speed operation. Table 1.3 lists
current HSPMMs published in literature and industry. As can be seen, the maximum power
achievable for HSPM machines has reached 8 MW with the rated speed of 15000r/min [BAI09].
The proposed machines equipped with SPM construction are designed for a gas turbine. On
the other hand, the maximum operating speed achievable for HSPM machines is proposed and

tested in [ZWYO05]. This machine is adopted in mesoscale gas turbine at the speed of

300-350
200-250

Power region(kW)

500000r/min.
Table 1.3 High-speed PM machines in literature
Power | Speed ve | r/minYKW | Rotor Retaining Ref
ef.
(KW) | (r/min) | (m/s) | (x10%) Type sleeve
1500 | 20000 | 314 7.7 SPM | Carbon fiber [PAUO4]
22 120000 | 294 5.63 SPM Alloy [WANI10a]
2 220000 | 288 3.11 SPM Carbon fiber [NOGO07]
N/A | 200000 | 280 N/A SPM | Carbon fiber [BOR10]
1 500000 | 261 5 SPM Titanium [ZWYO05]
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8000 5000 | 250 13.4 SPM | Carbon fiber [BAIO9]
11 50000 | 233 1.66 IPM Laminated [HON97]
15 120000 | 220 4.65 SPM Inconel78 [HONO09]

117 60000 | 207.2 6.49 SPM Alloy [LI14]
5 240000 | 201 5.37 SPM Alloy [SHIO4]

1100 | 30000 | 200 9.95 SPM | Carbon fiber [GER14]

75 60000 | 190 5.20 SPM | Non-magnetic [XIN10]
Steel enclosure

5 120000 | 188 2.68 SPM Alloy [GER14]

2.3 | 150000 | 188 2.27 SPM Alloy [SHE12]

1120 | 18000 | 180 6.02 SPM | Carbon fiber [FEN15]
2 200000 | 172 2.83 SPM Alloy [PFI10]
0.5 | 400000 | 167 2.83 SPM Alloy [HON13]
40 40000 | 161 2.53 SPM | Carbon fiber [BINO6]
0.1 | 500000 | 157 1.58 SPM Alloy [ZWY05]
46 32000 | 154 2.17 SPM Alloy [FER14]
50 16000 | 135 1.13 IPM N/A [HSUOS]
10 70000 | 125 2.21 SPM Alloy [SHE13]

150 | 24000 | 111 2.94 SPM Alloy [DON14]
0.5 60000 92 0.42 SPM | Carbon fiber [SCHOS]
0.5 | 100000 | 91 0.71 SPM Alloy [JTA11]
2.5 24000 84 0.37 SPM Alloy [UPA09]
1.5 60000 82 0.73 SPM Carbon fiber [HWAT14]
8 40000 74 1.13 IPM N/A [KIM12]
25 20000 56 1.0 SPM Alloy [PAP14]
1 28000 51 0.28 SPM Alloy [CHOO06]
1.3 20000 38 0.23 SPM Alloy [ZHU97]

5000 | 15000 | N/A 10.6 SPM | Carbon fiber [GON14]

1000 | 15000 | N/A 4.74 SPM | Carbon fiber [RAHO04]

640 10000 | N/A 2.52 SPM | Carbon fiber [LUI14]

100 | 30000 | N/A 3.0 SPM Alloy [SMI10]
75 36000 | N/A 3.11 SPM | GH4169(Alloy) | [DON14]
70 45000 | N/A 3.76 SPM N/A [RAHO04]
60 10000 | N/A 0.77 SPM Alloy [BOU14]
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55 64000 | N/A 4.74 SPM Alloy [JANO4]
50 40000 | N/A 2.83 SPM N/A [YONI12]
40 60000 | N/A 3.79 SPM N/A [LONO98]
30 96000 | N/A 5.26 SPM Alloy [XIA1S5]
18 50000 | N/A 2.12 SPM Alloy [HAS14]
11 32000 | N/A 1.06 IPM Alloy [CHOO06]
7.6 50000 | N/A 1.38 SPM N/A [NAGO5]
5 150000 | N/A 3.35 SPM Carbon fiber [TAK94]
3 150000 | N/A 2.59 SPM Alloy [HU14]
1.85 | 136000 | N/A 1.85 SPM Alloy [LINOS]

Fig.1.8. 100-W 500000-r/min high-speed PM machine [ZWY05].

From Table 1.3, the maximum peripheral speed for SPM machines with carbon fibre has
reached 314m/s whist the figure for those employing metallic sleeve is 294m/s. A higher

peripheral speed can be realised for [IPM machines by means of exotic steel laminated rotor or

solid rotor [HON97], [ARU16].
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Fig.1.9. High-speed IPM machine with slitting solid rotor [ARU16].
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Fig.1.10. Power versus speed of PM machines in literature (Table 1.3).
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Table 1.4 summarizes key parameters of the feasible topologies of high-speed electrical

machines. A few observations can be concluded:

1) The maximum peripheral speed can be realized with solid-rotor IM topology, followed with
the SPM machine with carbon fibre sleeve. These two topologies are the most selected

solutions in the MW level high-speed applications.

2)The IM with strengthened laminated rotor shares equal value of r/minVkW with SPM
machine with a metallic sleeve. However, the maximum power achievable for SPM
machines is only 150kW which is far behind that of IMs. This can be attributed to the thermal
limits of the permanent magnet under the protection of thermal limits. The induced sleeve

loss imposes a great threat on the magnet, thus restricting the improvement of power level.

3) Switched reluctance machines are relatively advantageous in the tolerable operating speed
thanks to its unique rotor structure. However, the large iron loss and windage loss make them

not so competitive with SPM machines and IMs.
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Table 1.4. Summary of key parameters for feasible topologies of HSEM

Machine Type

Max.
power
(kW)

Max.
speed
(r/min)

Max.
r/minVk
A%
(x10%)

Max.
peripheral
speed
(m/s)

Ref.

Solid-rotor
IMs

60

10000

7.74

367

[SAA94]

IMs using
high-strength
sheet steels

IMs for rotor

2000

15000

6.70

290

[CAPO5]

IMs with
conventional
laminated
rotor

280

90000

3.0

185

[GER12]

SPM
machines
with carbon
fiber

8000

220000

13.4

314

[PAU04]

SPM SPM

machines
with metallic
sleeve

22

120000

5.63

294

[WAN10a]

IPM machine
with high
strength
laminated
rotor

11

50000

1.66

233

[HON97]

IPM IPM

machines
with normal
laminated
rotor

50

40000

1.13

135

[HSUOS]

SRM SRMs

250

220000

3.51

210

[RIC97]
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Fig.1.13. r/min kW versus speed of different types of HSEMs in literature (Table 1.1, Table
1.2, and Table 1.3).

To conclude, the PM machine is superior to the SRM and IM in terms of power density and
efficiency, whilst sacrificing the rotor mechanical stability and the temperature endurance
capabilities. By contrast, SRM has the superior mechanical robustness, high durability in harsh
environment due to its unique rotor topology, but at the expense of high torque ripple, high
iron loss, high windage loss, and thus low efficiency and complicated inverter. IM has a robust
and cheap construction, ensuring high reliability in the harsh environment. However, the trade-
offs lie in the lowest power density and sophisticated power converter for both control and field
excitation. Table 1.5 illustrates the advantages and disadvantages of feasible topologies of
high-speed electrical machines. This thesis will focus on the issues related with high-speed PM

machines
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Table 1.5 Advantages and disadvantages of feasible topologies of HSEMs

Machine Type Advantages Disadvantages
. Robustness and low High rotor loss thus low
Induction . .
. maintenance efficiency
machines
Low power factor
Large airgap length (SPM) Rotor robustness
Radial PM H¥gh efficiency Rotor eddy current loss
machines High power factor (SPM)
High power density thus PM temperature endurance
compact size (SPM)
High power factor and Increased cost
Axial PM efficiency Complicated structure
machine Low rotor loss
Large airgap length
Homopolar High power factor Large Wlndage loss
. Easy field adjustment Large iron loss
machine .
Simple rotor structure
High power factor Complicated 3D rotor
Claw-pole Easy field adjustment structure
machine High rotor loss and leakage
flux thus low efficiency
Switched Fault tolerant due to lack of | Low torque density
reluctance PMs High torque ripple
machine Robust and simple rotor Small airgap required
Fault tolerant due to lack of Low power density
Synchronous .
PM Small airgap length needed
reluctance .
. Relatively robust rotor
machine

structure
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1.3 Electromagnetic Issues in High-speed PM Machines

The electromagnetic analysis of HSPMM has never only been about the improvement of
efficiency and power density. Instead, design guidelines in terms of topology such as slot and
pole number combination should be considered more from the loss and stress point of view.
This section will discuss various aspects of electromagnetic design considerations which is
quite interdependent on the rotor thermal stability and mechanical robustness, reflected by the

electromagnetic loss and unbalanced magnetic force.

1.3.1 Machine Topologies

There are several factors related to machine topologies of HSPMM. This section mainly
focuses on three aspects: stator topologies, including slot and pole number combinations; and
winding configurations and the rotor configurations, especially for the location of magnets.
Table 1.6 gives the stator and rotor configurations as well as winding design in existing

literature.

Table 1.6 Stator and rotor configurations of HSPMM in literature

Power | Speed | Stator- | Rotor- Winding Rotor Ref.
(kW) | (r/min) | pole pole configuration Type
1500 20000 12 8 Non-overlapping | SPM | [PAU0O4]
18 50000 | Ironless Overlapping SPM | [HASI14]
50 16000 48 Overlapping IPM | [HSUO0S8]
60 10000 48 Overlapping SPM | [BOU14]
100 30000 8 Non-overlapping | SPM | [SMII0]
8000 15000 48 Overlapping SPM [BAIO9]
5000 15000 48 Overlapping SPM | [GON14]
1120 18000 27 Overlapping SPM | [ZHA15]
55 64000 24 Overlapping SPM | [JANO4]
640 10000 | Slotless Overlapping SPM [LUI14]
7.6 50000 24 Overlapping SPM | [NAGOS5]
25 20000 6 Non-overlapping | SPM [PAP14]
0.5 60000 6 Non-overlapping | SPM | [SCHOS]
117 60000 36 Overlapping SPM [L114]
5 240000 6 Non-overlapping | SPM [SHI04]

[N O T I SN I I S I N [ SN I S I S B "N (e ) W e I [ e I e o)
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75 60000 24 2 Toroidal SPM | [XIN10]
1 500000 | Slotless 2 Overlapping SPM | [ZWYO08]
5 150000 - 2 - SPM | [TAK9%4]
75 36000 24 2 Toroidal SPM | [DON14]
2 220000 6 2 Non-overlapping | SPM | [NOGO07]
150 24000 24 2 Toroidal SPM | [DON14]
2 200000 | Slotless 2 Non-overlapping | SPM | [PFI10]
0.5 400000 6 2 Non-overlapping | SPM | [HON13]
3 150000 24 2 Overlapping SPM [HU14]
40 40000 - 2 - SPM | [BINO6]
23 150000 12 2 Overlapping SPM | [SHEI12]
10 70000 12 2 Overlapping SPM | [SHEI13]
1.85 136000 24 2 Overlapping SPM [LINOS8]
11 50000 - 2 - IPM | [HON97]
0.1 500000 | Slotless 2 Toroidal SPM | [ZWYO05]
8 40000 18 2 Overlapping IPM [KIM12]
11 32000 24 2 Overlapping SPM | [CHOO06]
1.5 60000 3 2 Non-overlapping | SPM | [HWA14]
0.5 100000 12 2 Overlapping SPM [JIA11]
2.5 24000 24 2 Overlapping SPM | [UPAO9]
1 28000 24 2 Overlapping SPM | [CHOO06]
1100 30000 - - - SPM | [GERI14]
30 96000 - - - SPM | [XIA15]
1000 15000 - - - SPM | [RAHO04]
15 120000 - - - SPM | [HONO9]
40 60000 - - - SPM | [LONOS]
70 45000 - - - SPM | [RAHO04]
50 40000 SPM | [YONI12]
5 120000 - - - SPM | [GERI14]
46 32000 - - - SPM | [FERI14]
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A. Stator configurations

Both the stator and the stator winding of HSPMMs are immersed in the high frequency
variable magnetic field. Hence, the design of stator parts should be considered more from the

perspective of loss reduction and heat dissipation.

Generally, the stator configuration of HSPMM can be classified into two kinds: slotted stator
and slotless stator, as shown in Fig.1.14. For the HSPMM with slotted stator, the spatial
harmonics caused by stator slotting effect would induce a significant amount of eddy current
loss in the rotor of SPM machines which will be discussed in detail in Chapter 3. On the other
hand, the number of stator slot number also makes a difference to the slotting effect. In [XIN10],
it was pointed out that the rotor loss will be significantly reduced with the increasing slot

number due to weakened slotting effect.

In order to fully eliminate the influence of slotting effect, slotless stator structure can be
found in several papers [BIA04], [BIAOS], [PER10], [LUI14], [CHE15]. A few features of this

type of stator can be summarized as:

1) The rotor loss due to the PM field pulsation is fully eliminated. This is quite desirable for
high speed machines with lower number of stator slots, where slot harmonics order is
relatively low thus penetrating into the rotor magnets easily. The cogging torque has been
mitigated as well. From Fig.1.15, for the machine with slotted stator, significant flux
distortion appears in the air gap, which will yield parasitic effects such as rotor loss or UMF.
On the other hand, the open-circuit air gap flux density is quite sinusoidal for in HSPMM
with a slotless stator. However, this merit is at the expense of a lower torque density. A lower
amplitude of fundamental flux due to the increased reluctance will be observed in slotless
machines. Hence, normally, the Halbach magnetization will be adopted together with the
slotless structure to compensate for the reduced flux density [JANO1], [JANO3], [PRA12],
[LUI14].

2) The stator core loss will be significantly reduced due to decreased iron volume and stator

flux density.

3) The relatively large equivalent air gap also acts as a double-edged sword. On the one hand,
the armature reaction is negligible, thus having a lower demagnetization risk and lower rotor

eddy current loss. On the other hand, the phase inductance will be significantly reduced,
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making the high-speed machine more difficult to be controlled due to the increased current

ripple and distortion [BIAO6a].

4) The elimination of stator slot provides more freedom for the configuration of air gap winding,
especially in the axial direction. On the other hand, for the air gap winding, due to the direct
exposure in the variable field, AC loss should be more concerned compared with the slotted
winding. Moreover, the winding thermal dissipation will also become an issue. The winding

configuration in slotless stator will be discussed in the following section.

Table 1.7 illustrates the advantages and disadvantages of HSPMM with the slotted and
slotless stators. It should be noted the term of high or low is only applicable in the comparison

of two machines.

(@) (b)

Fig.1.14. Stator configuration for 6-slot 4-pole high-speed PM machines. (a) Slotted stator.
(b) Slotless stator.
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Fig.1.15. Open-circuit air gap flux density of different types of stator.

Table 1.7. Comparison of HSPMM with slotted and slotless stator

Stator Type Slotless Slotted
Open-circuit flux density Low High
Torque density Low High
Armature reaction Weak Strong
Demagnetization risk Low High
Stator iron loss Low High
Stator AC copper loss High Low
Stator DC copper loss High Low
Winding embedding Complex Easy
Stator thermal dissipation capability Weak Strong
Rotor eddy current loss Low High
Control difficulties High Low

B. Winding configurations

Typically, the stator winding of HSPMM can be classified as overlapping winding and non-
overlapping which are quite related with the specific slot and pole number combinations.
Normally, the HSPMMs with an integer number of slots per phase per pole (SPP) will employ
the overlapping winding [JANO04] [BAI09], [KIM12], [SHE13], [LI14]. Typical slot and pole
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number combinations are 12-slot/2-pole, 18-slot/2-pole, 24-slot/2-pole, 12-slot/4-pole, 48-
slot/4-pole. On the other hand, the HSPMMs with a fractional number of SPP will normally
employ the non-overlapping winding also known as fractional-slot concentrated winding
(FSCW) [REF10]. Typical slot and pole number combinations are with the classical 3s/2p
series such as 3-slot/2-pole [ZHU97], [MA19], 6-slot/4-pole [SCHO8], [PAP14], 12-slot/8-pole
[PAUO4].

The advantages and disadvantages of overlapping and non-overlapping windings have been
heavily reported in literature [BIAO6b], [BOGO09], [REF10], [PFI10]. For HSPMM, the
concern is how these two winding configurations make a difference in terms of aforementioned
rotor loss and rotor mechanical robustness. To be more specific, attention should be paid on
the produced MMF harmonics as well as the end-winding length of these two types of windings.
The rotor loss is significantly dependent on the produced MMF. The rotor critical speed will
be significantly increased with the enlarged end-winding length. There is no doubt that the
overlapping winding is superior in terms of spatial harmonic contents and the non-overlapping
winding is more preferred due to shorted end-winding length. Hence, the selection of the
winding type should take the requirement of operating speed and power into consideration.
From Table 1.6, it is obvious to find that the overlapping winding is more preferred in the
HSPMM with high power rating [BAIO9], [GON14], [LUI14], [ZHA15] in which the rotor loss
is quite an issue. By contrary, the non-overlapping is more inclined to be adopted in HSPMM
with ultra-high speed [SHI04], [NOGO07], [PFI10]. This basic rule is also capable of explaining
the increasing popularity of 6-slot/2-pole HSPMM with non-overlapping winding in the recent
decades [UZH16], [WAN18], [MA18]. Although the winding factor of this configuration is
only half of that in non-overlapping configuration, the reduced end-winding length is more

advantageous for ultra-high-speed application.

Another typical method to reduce the end-winding length is the adoption of toroidal winding
as shown in Fig.1.16. The overlapping winding or non-overlapping winding is wound in the
stator yoke instead of stator teeth. The advantages of this type of winding includes three aspects:
better thermal dissipation; increased machine integrity due to short end-winding length, and
easy manufacturing compared with the overlapping winding. Accordingly, there are also at

least two applications suitable for the adoption of the toroidal winding in HSPMM:

1) Compared with overlapping winding, the end-winding length is significantly reduced; and

the stator thermal dissipation capability is greatly strengthened. Hence, in the high-power
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high-speed application, where the integral number of SPP is needed from the point of view
of loss reduction, the toroidal overlapping winding is normally adopted [XIN10], [DON14],
instead of the conventional distributed tooth-wound overlapping winding. It resembles the
merits of distributed winding in terms of MMF and the non-overlapping winding in terms of

shortened end-winding length.

2) The stator thermal dissipation capability is significantly increased due to the direct contact
with the stator housing and the presence of the extra air-duct. Hence, it is quite suitable to
be adopted in a slotless stator where the winding heat dissipation is an issue. A few pieces
in literature reported a combination of slotless stator and toroidal winding [ZWYO05],

[BOR09] [GIL16], [TUY17].

(a) (b)

(©)

Fig.1.16. Winding configurations for 6-slot 2-pole high-speed PM machines. (a)
Overlapping winding. (b) Non-overlapping winding. (¢) Ring-wound (Toroidal) winding.
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C. Rotor configurations

The selection of rotor topologies for HSPMM is a vital issue which is involved with both
electromagnetic and mechanical problems such as magnet utilization and protection. The
electromagnetic performance, such as power density and efficiency, and mechanical robustness
of HSPMM are quite dependent on the rotor design. Basically, the rotor design of HSPMM can
be regarded as the search for a reasonable combination of magnets, rotor iron and retaining
sleeve if applicable, by making trade-offs between the PM containment for mechanical

robustness and PM utilization for high efficiency.

This section will briefly summarize and give a schematic analysis of the rotor configurations
of HSPMM and try to discover the reasons behind it. From Table 1.6, it can be seen that the
SPM machines with the retaining sleeves are widely used for high speed applications. On the
other hand, the IPM machines with strengthened material together with the magnetic bridge
and shaping techniques are also gaining popularity in the last decade [KIM12], [JIA15],
[ARUI16].

(a) High-speed SPM machines

As proven in the previous section, the SPM machines are more favored due to mechanical
robustness. Normally, the HSPMM rotor topologies can be grouped into two categories
according to the rotor pole number. The rotor pole number of HSPMM is usually selected to
be 2 or 4. Generally, the 2-pole rotor is more preferred due to lower fundamental frequency
which is extremely desirable for ultra-high-speed applications. The rotor configurations for the
2-pole HSPMM are illustrated in Fig.1.17. The solid magnet type is the most adopted
configuration due to the easy manufacturing and magnetization [ZWY05], [ XIN10], [JIA10],
[PFI10], [HON13]. The cylindrical magnets are diametrically magnetized so that the sinusoidal
back-EMF can be acquired. In addition, the solid magnet ensures the rotor integrity. Meanwhile,
this will induce the significant magnet loss, making it unsuitable for the high-power

applications.

Another popular 2-pole rotor topology is the hollow magnet type shown in Fig.1.17 (b)
[NAGOS], [SHEI13]. This configuration increases the utilization rate of the magnets in solid
magnet type whilst still maintaining a sinusoidal air gap flux density. The parallel magnetized

PMs naturally can be regarded the 2-pole Halbach array.

On the other hand, the 4-pole rotor is more inclined to be adopted for high-power high-speed
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applications due to reduced end-winding length and stator copper loss, which are quite
advantageous for stator thermal equilibrium in high power applications [JAN04], [BINO6],
[LUI14], [ZHA1S5].

Fig.1.18 (a) shows a typical 4-pole rotor for the SPM machine [PAUO4], [HUYO09]. The
parallel magnetized magnets are bread-loaf shaped to obtain the sinusoidal air gap field. The
rotor eddy current loss can be maintained to a relatively low level. However, the biggest issue
for this configuration is the localized rotor mechanical stress in the inter-pole gap. The unique
shape of magnets results in the geometry discontinuity, which finally leads to the stress

concentration in the retaining sleeve [BINO6].

Sleeve
Sleeve

PM

PM

(a) (b)

Fig.1.17. Rotor configurations for 2-pole high-speed SPM machines. (a) Solid magnet type.
(b) Hollow magnet type.

In order to facilitate the sinusoidal PM field as well as mitigating the concentrated sleeve
stress, the segmented magnets are evenly distributed in the circumferential rotor surface,
together with the inter-pole filler is reported in much of the literature [BIN06], [WAN10b],
[YONI12], [L114], [HWAT14], [FEN15], [ZHA16], [DU19]. The ratio of pole arc to pole pitch
is selected to be less than 1 so that the inter-pole leakage flux can be suppressed and more
sinusoidal PM field can thereby be obtained. On the other hand, the non-magnetic pole fillers
such as stainless steel are inserted into the gaps between the adjacent poles in order to reduce
to concentrated stress in the sleeve. The magnets are segmented so that the reduced PM eddy
current loss is expected. Overall, this rotor configuration is the most widely adopted for 4-pole

HSPMM.
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As mentioned in the previous section, the Halbach array is normally adopted in the slotless
stator for production of stronger air gap field [HON97], [MYEO3]. The inherent self-shielding
property and sinusoidal air gap field distribution is quite desirable for the rotor of 4-pole
HSPMM [JANO4], [LUI04]. The inter-pole gap can be eliminated while a much stronger and
sinusoidal air gap field can be obtained. The rotor magnet loss is also significantly lower
because of magnet segmentation and sinusoidal field. The main challenges for this type of

configuration are the massive consumption of magnets and high manufacturing cost.

Pole filler
PM PM

Sleeve

Sleeve
(a) (b)
PM

Sleeve
(c)

Fig.1.18. Rotor configurations for 4-pole high-speed SPM machines. (a) Broad-loaf magnets
type. (b) Segmented magnets with inter-pole filler. (c) Halbach magnetized magnets.

29



(b) High-speed IPM machines

Although IPM machines are not typical design solutions for high speed application, they are
still gaining increasing attention due to the outstanding flux-weakening performance [DEG96]
and lower rotor losses [YAMO09], especially at high speed. More importantly, the magnets are
naturally protected by the rotor iron bridge to withstand the huge centrifugal force. Retaining
sleeve is no longer needed so that a much smaller air gap can be expected. Thus, the main
concern in terms of mechanical robustness becomes the rotor iron bridge where the Von Mises
stress will be concentrated, instead of the magnets in SPM machines. The iron bridge, the
thinnest area in rotor core, is mechanically the weakest point and the shape of the bridge
significantly affects leakage flux and determine the electromagnetic performance to a large

extent [JUN12]. Hence, trade-offs have to be made in the design of the iron bridge.

Typical methods for rotor robustness improvement can be concluded as increasing bridge
thickness [JUN12], making dual or triple bridge [KIM12] and bridge corner shaping [ARU16].
However, these methods either sacrifice the electromagnetic performance due to more linkage

flux or increase the manufacturing difficulties, which is not suitable for mass production.

Fig.1.19. High-speed IPM machines with buried magnets [DEG96], [BINO06].
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Fig.1.20. Techniques for rotor stiffness improvement of high-speed IPM machines. (a)

Multiple bridges. (b) Iron bridge edge shaping.
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In recent years, the “hybrid” concept is gaining substantial attention in the rotor stiffness
improvement of IPM machines. In [JIA15], a hybrid rotor configuration is reported for high-
speed interior permanent magnet motors, as shown in Fig.1.21. The rotor stiffness is enhanced
with the inter-stacked silicon sheet and high-strength stainless sheet. In [ARU16], a novel IPM
machine with circumferentially slitting solid rotor is proposed in order to overcome this
mechanical constraint in high speed region as shown in Fig.1.9. The solid rotor exhibits much
stronger mechanical stiffness than that of laminated one. Meanwhile, the slitting technique is

adopted in order to reduce the significantly larger eddy current loss in the rotor iron.

Overall, the speed limit of high-speed IPM machines has always been pushed forward with
the development of high-strength steels and manufacturing techniques. However, compared
with high-speed SPM machines, IPM machines still exhibit quite a limitation in terms of
maximum operating speed, which is demanding in certain applications such as spindles. Hence,
although this thesis would only focus on the design guidelines of high-speed SPM machines,
it is also helpful and provides more insights to also study the design of high-speed IPM

machines.

Shaft
N, % PM
7 7 g
| LR
i 7) 1 Silicon-Steel Sheet
% 2 -—7 b
N — 1 Stainless-Steel Plate
o a4
9 |2 7 7

Fig.1.21. High speed IPM machines with inter-stacked rotors [JIA15].

1.3.2 Stator AC Copper Loss

There are generally two types of loss in high speed PM machines, electromagnetic loss
including stator copper loss and rotor eddy current loss and mechanical loss including
aerodynamic loss and bearing loss. These losses result from the high-frequency pulsated flux
and high-speed friction, respectively. Both can be dominant depending on the specific speed
and power. In ultra-high-speed application [ZWY05], the mechanical loss dominates the total
loss. In MW-level high speed application [BIA09], the rotor eddy current loss is significant.

For HSPMM, the accurate loss calculation is extremely important due to the low thermal
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endurance of the rotor magnets. Meanwhile, the mechanical stress is also affected by the
thermal expansion [BINO6]. The understanding of loss production mechanism and precise
prediction will lay a solid foundation for the proposal of targeted loss mitigation strategy. This
section will try to give a brief analysis of the losses and summarize the alternate techniques for

reduction in the existing literature.

Under high-speed operation, the stator AC copper loss will rise rapidly as a result of the skin
effects and proximity effect [SUL99]. The skin effect refers to the trend for high-frequency
currents to travel on the conductor skin; whereas the proximity effect refers to the inclination
for current to flow in a non-uniform pattern on the cross-section of conductors. These
undesirable patterns tend to form the concentrated current loops because of the nearby magnetic

field.

There are several papers involved with the calculation of AC copper loss under high-speed
operation. In [LUOO09], an analytical model is reported to predict the AC copper loss of a 100W,
50krpm slotless PM machine. In [THOO09], a simple analytical model is established to estimate
the proximity loss in high-speed flux switching machines. Those analytical methods could give
a rough evaluation of stator losses. However, the accuracy is not satisfying due to the
negligence of the non-linear factor, slot opening flux leakage and other theoretical assumptions.
Hence, in [REDO0S], the 2-D analytical model is proposed for predicting strand-level proximity
losses with consideration of the slotting effect. In [RED10], the stand-level and bundle-level
proximity loss due to both armature reaction field and PM field can be predicted with an

integrated analysis tool.

In order to cope with the significant AC copper loss in HSPMM, [MELO06] points out that
the reasonable arrangement of conductors will significantly mitigate the proximity effect. The
stator winding should be placed in the rear parts of stator slot with the minimized radial height.
On the other hand, the skin effect can be suppressed with the adoption of smaller conductor
strands. Hence, Litz wire, consists of hundreds of smaller conductors, is typically one of the
most preferred techniques [SUL99]. However, this will also reduce the slot packing factor and
thermal dissipation capability. Meanwhile, the high cost of Litz wire is the main issue for its
massive implementation. Hence, use of transposed wire bundles as an alternative method of
proximity loss reduction is investigated in [RED09] [RED11]. 3-D FE method is adopted for

the investigation of the influence of different strand number and transposed degrees.
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Fig.1.22. Transposed wire bundles [RED09].

1.3.3 Iron Loss

Due to high fundamental and switching frequency, the stator iron loss of HSPMM is
significantly increased compared with that in low to medium speed operating PM machines.
Hence, the estimation of stator iron loss in HSPMM is quite necessary to provide more accurate

basis for the following thermal analysis.

The well-known Steinmetz equation is widely adopted for the rough prediction of iron loss

[BERSS], [ATA92], [BOG03], [[ONO7]:

Pc = kpB* + ke(Bf)z + kex(Bf)l'S (1.1)

where a is the Steinmetz coefficient and B is the iron flux density; f denotes the frequency; ke
is the coefficient of eddy current loss; kn denotes the coefficient of hysteresis loss; kex represents

the coefficient of excess loss.

It should be noted that this equation is under the hypothesis of strictly sinusoidal field.
However, in real cases, the existence of flux distortion and DC basis makes the loss coefficients
no longer constant. Hence, several modified equations have been reported with the
consideration of aforementioned factors [IONO06], [MTHO06], [POP07], [YAMIOa].
Furthermore, in [ XUE18a], the influence of temperature on the coefficient of hysteresis loss

and coefficient of eddy current loss is investigated.

The material properties of stator lamination also affect the value of stator loss to a large
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extent. While the frequency and stator core flux density is given, the iron loss is mainly
dependent on the lamination thickness and the final annealing method. Electrical steels with
0.1mm thickness, yielding extremely low iron losses have been reported in [HAY09], [CHI11].
In recent years, the amorphous alloy is gaining more popularity for certain applications due to
significant reduction of core losses [LUO09], [HON13]. [DEM14] reported a high-speed
induction motor with stator core made of amorphous material, as shown in Fig.1.23. However,
this material is rigid and brittle, and thus only suitable for stator lamination. In addition, soft
magnetic materials (SMC) with low permeability is also raising attention due to the elimination

of core eddy current loss in high frequency [BIAO6b], [CHEO09].

Fig.1.23. Stator core made from the amorphous material [DEM14].

1.3.4 Rotor Eddy Current loss

The issue of rotor eddy current loss has always been the concern for HSPMM. Generally,
the generation of rotor eddy current loss can be attributed to the field variation seen by the rotor.
This field variation results from the following reasons: (a) nonsinusoidal stator MMF
distribution due to stator winding disposition. (b) permeance variation due to slotting effect
and local saturation. (c¢) nonsinusoidal phase current due to BLDC control and PWM. The
existence of spatial and temporal harmonics in the air gap field will yield a significant eddy
current loss in the rotor magnets, the rotor yoke as well as the metallic sleeve for magnet
retaining. The risk of demagnetization will be increased due to the difficulties of rotor cooling,
especially for the rotor magnets sheltered by the sleeve with low thermal conductivity such as

carbon-fiber.

Hence, the accurate estimation of rotor eddy current loss is of great importance to the thermal
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equilibrium of HSPMM. The calculation methods for rotor eddy current loss can be found in
several papers [ZHU93], [ZHUO04], [WAN10b], [LAZ10], [JUMI15]. Those methods can be
divided into the analytical and finite element analysis (FEA) method. The analytical solution
is always applied in SPM machines. The permeance variation resulting from slotting effect is
ignored. The permeability of iron core is assumed to be infinite. The stator winding is
represented by an equivalent ampere-conductor distribution over the stator slot openings. A
typical analytical model with consideration of the eddy current reaction field is reported in

[ZHUO04], shown in Fig.1.24.

Current sheet

Stator

/ ; ! Region III ! g
Region I “ PMs ~ Region 11
Mechanical airgap ™~/ Sleeve

Fig.1.24. Models for analytical prediction of rotor eddy current loss [ZHU04].

The analytical method is more preferred at the preliminary design stage due to its
convenience and rapidness. It provides a rough evaluation of the rotor eddy current loss, which
distinguishes the bad electromagnetic designs from the good ones in terms of rotor loss.
However, it makes a lot of hypothesis which is not the real case. The accuracy of results cannot
be ensured. Hence, 2-D FEM is more popular in the prediction of eddy current loss with
acceptable accuracy. The computation time is also acceptable with the development of
advanced business software. The problem for the 2-D FEM is the ignorance of the end-effect
and segmentation effect. It is obvious that the 3-D FEM would solve this problem at the cost
of computation time. Hybrid solutions which combine the 2-D FEM and 3-D FEM are proposed
in [SABO6], [YAMO09]. Nevertheless, the evaluation of rotor eddy current loss ensures a better
understanding of the loss generation mechanism so that the corresponding reduction techniques

can be taken.

Fundamentally, the methods for eddy current loss reduction can be classified into three

groups according to their different aims. One group of methods aims to suppress the spatial or
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time harmonics which are the sources of the rotor eddy current loss, [ZWYO05], [BINO7],
[REFO0S8], [XIN10], [MA19]. Another group of methods aims to increase the resistance of the
eddy current flowing loop [YAMO09], [SHE13], [HUN15]. The other group of methods aims to
shelter the magnets from the penetration of asynchronous harmonics thanks to shielding effect
of the coated copper layer [VEE97], [SHAO06], [ETE12], or the metallic sleeves such as Inconel
or Titanium [ZHOO06], [LI14].

Normally, the MMF spatial harmonics can be effectively suppressed by choosing reasonable
stator slot/pole combination as well as winding configuration. A typical example is the
structure with 2 poles, 6 slots and overlapping/non-overlapping windings, which performs far
better than the common structure with 2 poles, 3 slots and non-overlapping windings in terms
of rotor eddy current loss [ZHOO06]. In [MER15], the 2-pole HSPMMs with alternate stator
winding configuration are compared with the consideration of PWM influence, as shown in
Fig.1.25. However, all these observations focus on the 2-pole HSPMM only; there is few
literature concerned with the 4-pole HSPMM with alternate stator configurations, although the
4-pole, 27-slot HSPMM with overlapping winding configuration is reported in [ZHA15],
[DU19]. The influence of different stator winding configurations and the resultant MMF on the
rotor eddy current loss remains to be systematically investigated. Hence, in Chapter 3, the
analysis of the rotor eddy current loss of 4-pole HSPMM with alternate stator slot number and

winding configuration is conducted.

Essentially, the winding technique has been widely used in PM machine with fractional-slot
concentrated winding for the cancelation of sub-harmonic. Typical methods are multi-phase
winding [PAT14], [CHE14], multi-layered winding as shown in Fig.1.26, [ALB13], [WAN15],
winding connection alternation [ZHO18]. These techniques can be applicable for the spatial
harmonic elimination in HSPMM with mild influence on the amplitude of the working
harmonic. Although few publications can be found on the application of winding techniques
for the rotor loss reduction in HSPMM. It is believed to be one of the most favorable ways for
the higher efficiency of HSPMM. In addition, no changes are needed in the rotor, which is
quite desirable from the mechanical point of view. In [ZHA19], a split phase winding

configuration is proposed for the rotor loss reduction of HSPMM.

Other harmonic mitigation techniques include the rotor surface shaping [YAM10b], rotor or
stator slitting [CHO16], stator dummy slot [MA19] or dummy teeth, stator flux barriers

[DAJ14]. The common principle of those methods is creating a flux path with increased
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reluctance for the loss contributing spatial harmonics. However, the fundamental harmonic is
reduced to some degree. The rotor loss reduction is at the expense of loss of electromagnetic
torque. The loss of power outweighs the gain of rotor loss reduction, especially for the low-

power, ultra-high speed HSPMM [MA19]. The overall efficiency is reduced.

(a) (b)

() (d)

Fig.1.25. 2-pole HSPMMs with alternate stator winding configurations [MER15]. (a) 3-
slot/2-pole with non-overlapping winding. (b) 6-slot/2-pole with overlapping winding. (c) 6-
slot/2-pole with non-overlapping winding. (d) 12-slot/2-pole with overlapping winding.
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Fig.1.26. Multi-layered winding technique in FSCW machine [ALB13].

Fig.1.27. Dummy slot for HSPMM [MA19].

For the reduction of slot harmonics resulting from the slotting effect, small slot openings of
the stator core are reported in [TODO04], or even the closed slot opening [PAP14] and the
slotless configuration [BIA04], as shown in Fig.1.28. However, smaller slot openings or closed
slot openings increase the difficulties of winding embedding. Meanwhile, the linkage flux will
be increased as well. Extra ohmic loss as a result of significant skin effect and proximity effect
will also be induced. The slotting effect on the rotor eddy current loss due to both the PM

harmonics and armature reaction harmonics will be discussed in detail in Chapter 3.
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Fig.1.28. Stators of HSPMM with different slot shape. (a) Open slot. (b) Small open slot
[TODO04]. (c) Closed slot [PAP14].

As for temporal harmonics, the combination of a dc/dc converter, a dc link filter and a non-
PWM inverter instead of a single PWM inverter, as combined drive isolates the PWM
harmonics from motor in [SHE13]. In [BINO7], [ZWYO08] a novel three-level inverters to
reduce at a given switching frequency the current ripple by about 50% with respect to

conventional 2-level inverters.

The principle of a second group of methods for rotor eddy current loss reduction is the
physical isolation of eddy current. Hence, the magnet segmentation [BIN06], [YAMO9],
[WANI10b], [YON12], [LI14], [ZHA16] and the sleeve slitting [JUN15] or grooving [SHE13]
must be the most efficient way. In [YAMAO9], it is pointed out that the axial PM segmentation,
is more preferred than the circumferential one for SPM machines, whereas the effects of these
segmentation methods are nearly identical in the IPM machine. For the metallic sleeve slitting

or grooving, the mechanical robustness should be considered.
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Fig.1.29. Circumferential magnet segmentation for HSPMM [Y AMO09].

Fig.1.31. Sleeve slitting for eddy current loss reduction [JUN15].
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Another widely adopted method for rotor eddy current loss reduction is copper shielding
[VEE97], [ZHOO06], [SHAO06], [REFO08], [NIU12], [ETE12], [LI14]. The idea of a conducting
copper shield dates at least to the days when the superconducting field windings were
considered in the rotor [VEE97]. There are two purposes for the copper layer: mechanical
oscillation damping and field shielding for super-harmonics. The influence of copper layer on
the working harmonic is negligible. The copper layer acts as the field shielding between the
permanent magnet and retaining sleeves. This is extremely desirable in SPM machines with
carbon-fiber sleeve, as shown in Fig.1.32 (a). In addition, the copper shielding can also be
clapped into the surface of the metallic sleeves such as Inconel and Titanium [SHAO09], as

shown in Fig.1.32 (b).

Copper layer Carbon-fiber sleeve

Copper layer Metallic sleeve

PM

(b)

Fig.1.32. Copper shielding technique for rotor eddy current loss reduction.
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1.3.5 Rotor Unbalanced Magnetic Force

Unbalanced magnetic force (UMF), one of the machine parasitic effects which jeopardises
the bearing life and yields noise and vibration, may occur in fractional-slot machines with odd
number of stator slots, even when there are no rotor eccentricities or other manufacturing
tolerances [BI97], [DORO08], [LI09], [ZHUO7b]. However, this is not a typical issue for
HSPMMs without rotor eccentricity since almost all the HSPMMs employ an even number of
stator slots as can be seen in Table 1.6, except for the 3-slot 2-pole HSPMM which can be
applied in ultra-high speed applications [ZHU97], [MA19]. In [ZHU97], it is pointed out that
mechanical resonance may be induced as a result of the UMF. Meanwhile, there is no doubt
that the existence of rotor eccentricity will yield significant UMF due to asymmetric field

distribution.

The production and characteristics of UMF in different types PM machines with and without
rotor eccentricity are comprehensively studied [JAN96], [JANO3], [MIC14] [MAHI15],
[KIM16]. On the one hand, the UMF in the 2-pole HSPMM has been widely investigated
[JANO3], [KIM16], [MA18]. In [JANO3], it is pointed out the Halbach magnetized rotor
exhibits lower radial force under the rotor eccentricity scenarios compared with that of the
radial magnetized rotor. In [KIM16], an analytical model for the prediction of UMF in a
toroidally wound high-speed BLDC motor is developed. In [MA18], the auxiliary slots are
inserted in the 3-slot/2-pole HSPMM, ensuring over 90% reduction the on-load UMF. However,

the effectiveness of the proposed method is quite dependent on the load.

On the other hand, in recent decades, the HSPMMs with an odd number of stator slots for
certain applications are emerging [RED11], [ZHA15], [ZHA17], [DU19]. However, the
existing literature only focuses on the electromagnetic performances such as rotor eddy current
loss or mechanical performances such as rotor stress. It is unknown how the UMF will be
affected in these fractional-slot PM machines with lower pole number. In Chapter 4, a
comprehensive investigation will be conducted on HSPMM machines with an odd number of

stator slots.
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1.4 Mechanical and Aerodynamic Issues in High-speed PM

Machines

In high speed applications, the mechanical issues are second to none with respect to electrical
ones. The structural challenges of rotor component as well as rotor dynamics are key issues
that should be taken into consideration. In this section, all these mechanical design

considerations will be addressed.

1.4.1 Rotor Stress

Due to the huge centrifugal force in the high-speed operated rotor, stress analysis is the key
issue for mechanical robustness of HSPMMs. The most important issue is how to obtain the
exact value of stress in all rotor parts. Then, the maximum stress induced in each component
of the rotor should be ensured within the material strength under all operating speed and
temperature, especially for PMs. In addition, the contact pressure pointing to the inner side
should always exist so that the electromagnetic torque can be transferred to the shaft. These

two conditions are fundamental requirements for the safe running of high-speed PM machines.

The methods for stress calculation can be classified into analytical and numerical ones.
Several papers on the analytical calculation of rotor stress can be found [BIN06], [WANO07],
[BOR10], [BUR17]. [BINO6] proposed a simplified analytical model for stress calculation with
the hypothesis that the rotor is strictly rotational symmetry. In [WANO7] and [BOR10], the
displacement technique was adopted for the stress calculation of the HSPMM with the
nonmagnetic alloy sleeve. In [BUR17], a 3D analytical model considering the axial stress was
established for both solid and hollow magnet rotors in the plane strain condition. Although all
these analytical solutions can provide a fundamental insight from the stress generation to
reduction, as pointed out in [BINO06], the non-linear factor such as geometry discontinuity and
edging effect cannot be considered in the analytical model. A derivation can still be generated
in the analytical models. Hence, in order to obtain the exact value of rotor stress, 2D or 3D
FEA are more widely adopted in the calculation of rotor stress with complicated structure or
other non-linear factors. In Chapter 5, the limitation of analytical calculation will also be

highlighted.

Another important issue which needs to be considered is the localized rotor stress occurring

at the magnet edges. In [BINO6], it is pointed out that the inter-pole should be avoided due to
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the presence of concentrated sleeve stress which may degenerate the life of sleeves as shown
in Fig.1.33 (a). Hence, the final design eliminates the inter-pole gap in order to ensure an evenly
distributed sleeve stress, as shown in Fig.1.33 (b). However, the main issue for this rotor
configuration lies in the non-sinusoidal air gap flux which will yield many parasitic effects
such as extra current harmonics and rotor loss. Thus, in [ZHA15], in order to obtain the
sinusoidal air gap field as well as the elimination of concentrated stress, the inter-pole gap is
filled with pole fillers made of non-magnetic material with similar Young’s modulus and

coefficient of thermal expansion (CTE) with the permanent magnet.

Air

Sleeve Sleeve

(a) (b)
Pole filler
Sleeve

(c)
Fig.1.33. Different rotor configurations in HSPMMs. (a) Rotor with inter-pole [BINO6].
(b) Rotor without inter-pole. [BIN06]. (c) Rotor with inter-pole fillers [ZHA15].
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1.4.2 Rotor Dynamics

For low-speed electrical machines, the rotor dynamics are normally not an issue as the
operating speed range is far away from the critical speeds. However, for high speed machines,
the rotor dynamics analysis plays a pivotal role for the safe operating of rotors. In fact,
HSPMMs normally consist of the magnets and a retaining sleeve. These parts may aggravate
the rotor dynamic performance since they increase the rotor mass whilst making no

contribution to the rotor robustness.

The most common analysis methods that are used in rotor dynamics can be divided into two
kinds: the so-called transfer matrix method and the finite-element method (FEM) as shown in
Fig.1.34. The former has a small amount of calculation, but at the cost of large error and
possibility of lost root phenomenon, with the development of modern computing technology,
the analytical method has already lost its value. On the other hand, in the last two decades,
there are many publications in which FEM is successfully applied in the area of rotor dynamics

as in [ZHU02], [ZWYO05], [GER09], [HWA16].

It is reported that three different bending and vibration modes exist for the rotor which will

occur at three specific natural frequencies. In [ZHUO02], the analytical equations for the three

’ El
Wn = ay m (12)

where E represents the Young’s Modulus, / denote the inertia of rotor, y, is the mass in per

natural frequencies is given as

unit length, / denotes the rotor axial length, and a,, is the constant obtained by the Rayleigh
method, which is related with the boundary conditions. It is obvious that the axial length
reduces the natural frequency significantly. Hence, the non-overlapping winding is more

preferred for the ultra-high-speed application.
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Fig.1.34. 3-D beam FE model for rotor dynamic analysis [ZHUO02].

1.4.3 Aerodynamics Loss

For high speed electrical machines, the friction forces due to high speed rotation become
strong enough to produce significant mechanical loss which cannot be ignored. Aerodynamics
loss is defined as the losses produced by the viscous shear stress and the aerodynamic effects
in the end windings surrounding areas. It can be the dominant loss for HSPMM operating in
ultra-high-speed applications [ZWY 10], [PFI10]. The general estimation of acrodynamics loss

at the radial surface of the rotor can be written as [GER09]:

P, = nCrpr*w3L (1.3)

where Cr denotes the coefficient of rotor skin friction, which can be calibrated from the
experimental data. However, due to the existence of turbulence in the air flow and the axial

cooling flow, the accuracy of (1.3) cannot be assured.

The recent improvements in numerical computing such as Computational Fluid Dynamics

(CFD) allowed the analysis of complex airflow to be easier to perform.
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1.5 Research Scope and Major Contributions

1.5.1 Outline of Thesis

In this thesis, the analysis of high-speed PM machine with particular focus on both the
electromagnetic and mechanical issues is conducted. For the electromagnetic issue, the rotor
eddy current losses of the 4-pole HSPMM with alternate stator configurations are analysed in
depth. In addition, the existence criterion of unbalanced magnetic force in PM machine with
an odd number of stator slots is determined. The influence of slot and pole number combination
on the unbalanced magnetic force is investigated. As for the mechanical issue, the rotor
mechanical stress considering the PM segmentation is analyzed. Following from this, the
worst-case operating scenario is determined. Finally, the influence of the mechanical issue on
the electromagnetic one is discussed with the focus on the optimal split ratio of rotor outer
diameter to stator outer diameter, considering mechanical stress constraints. This thesis is

organized as follows. Fig.1.35 shows the structure of the thesis.

Chapter 1 reviews alternate high-speed machine technologies, covering both electromagnetic
and mechanical issues.

Chapter 2 investigates the optimal split ratio of HSPMM with consideration of stator iron loss
and rotor mechanical stress constraints.

Chapter 3 investigates the rotor eddy current loss in the 4-pole HSPMM with alternate stator
configurations. The contribution of both the armature reaction harmonics and the PM
harmonics as well as the slotting effect are quantified.

Chapter 4 investigates the unbalanced magnetic force in PM machines with an odd number of
stator slots. The existence criterion of UMF in PM machines is determined. The
influence of slot and pole number combinations on UMF is discussed in detail.

Chapter 5 investigates the rotor mechanical stress of HSPMM with the consideration of PM
segmentation. In addition, a novel design methodology of HSPMM considering both
electromagnetic and mechanical issues is proposed.

Chapter 6 makes a conclusion of the work in this thesis and discusses the future work.

APPENDIX A shows the engineering drawings of the four prototyped PM machines.
APPENDIX B lists the publications in the PhD study.
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1.5.2 Major Contributions of the Thesis

The major contributions of this thesis include:

1) The influence of mechanical constraints on the electromagnetic issue of HSPMM is firstly
clarified. A novel design methodology considering both the electromagnetic issue and
mechanical issue is proposed. The optimal split ratio of HSPMM considering the stator iron

loss and the rotor mechanical stress constraints is determined.

2) Both the armature reaction and PM field induced rotor magnet losses in HSPMM are
determined. The contribution of each harmonic due to armature reaction, PM field and
slotting effect is quantified. The impact of the winding configuration on the resultant MMF

harmonics and rotor magnet loss is discussed in depth.

3) The existence criterion of PM machine with an odd number of stator slots is clarified. In
addition, the UMF in PM machines with both an odd number of stator slot and lower pole

number is investigated.

4) The rotor mechanical stress is firstly analysed with the consideration of PM segmentation.
Rotor stress concentration due to PM segmentation is firstly revealed. The corresponding

worst-case operating scenarios and influential factors are then summarized.
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Fig.1.35. Structure of thesis.
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Chapter 2 Rotor Split Ratio Optimization for High
Speed PM Machines with Consideration of Stator

Iron Loss and Mechanical Stress Constraints

The split ratio, i.e. the ratio of rotor outer diameter to stator outer diameter, is one of the
most vital design parameters for PM machines due to its significant impact on the machine
torque or power density. However, it has been optimized analytically in existing papers with
due account only for the stator copper loss, which is reasonable for low to medium speed PM
machines. For high speed PM machines (HSPMM), the ignorance of stator iron loss and the
mechanical stress on the rotor will lead to a deviation of optimal split ratio and actual torque
capability. In this chapter, the optimal split ratio of HSPMM is investigated analytically with
consideration of the stator iron loss as well as the rotor mechanical stress. The influence of
design parameters such as air gap length and rotor pole pairs on the optimal split ratio is
elaborated. Both the analytical and finite element analysis reveal that the optimal split ratio for
HSPMM will be significantly reduced when stator iron loss and mechanical constraints are

considered.

This chapter is based on the author’s own papers [WAN18], [FEN19], [ XUE18b].
2.1 Introduction

High-speed electrical machines have been widely used in a variety of applications including
domestic appliances, electrical spindles, turbochargers, electrical turbo-compounding systems,
and have been attracting increased interest from both industry and academia, particularly in the

past two decades [ANC10], [GURI13], [BIA04], [BORI10].

As a competent candidate, the high-speed permanent magnet (PM) machines (HSPMM) are
a very promising design alternative for high-speed applications due to high power density as
well as high efficiency and compactness compared with other types of electrical machines such
as induction machines and switched reluctance machines [ZHU97], [BINO7], [LUOO09],
[KOLO09], [GER14].

However, the inherent high speed and induced high frequency will yield a huge centrifugal

force and a significant electromagnetic loss in the rotor and stator. These two limitations
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impose a great constraint on the capability of power density and efficiency [BIA04], [YAMI13].
Under high-speed operation, the rotor components will suffer huge centrifugal stress, making
the magnet retaining extremely important [BINO6]. The centrifugal stress is influenced by a
few factors, including the rotor diameter. On the other hand, the split ratio, the rotor outer
diameter to the stator outer diameter, is also an important design parameter for any PM machine.
It has a great impact on the torque/power capability and efficiency for the given frame size.
[CHA94] derived a simple analytical expression of optimum split ratio for maximum torque
density. In [PANO06], the optimal split ratio of both brushless AC and DC motors with either
overlapping or non-overlapping windings were investigated. In addition, the influences of air
gap flux density waveforms, stator tooth-tips as well as the end-winding on the optimal split
ratio were discussed. In [WU10a], the optimal split ratio as well as the flux density ratio were

analyzed both individually and globally in a fractional-slot IPM machine.

For HSPMM, the design of the split ratio is even more important. Not only is the torque
density of HSPMM significantly influenced by this parameter, but also the mechanical stress
of the rotor and stator iron loss are greatly impacted by this ratio. Hence, it is necessary to
investigate the optimal split ratio for HSPMM. In [EDEO1], the stator iron loss was considered
in the analysis of optimal split ratio of a high-speed PM machine. It was found that the optimal
split ratio is slightly reduced compared to that with a fixed copper loss only. [REI13] introduced
the current density as the local thermal constraint which is reasonable only when considering
the local overheat in stator end-windings [BOGO09]. In [FAN16], the thermal network was
adopted in order to obtain the winding temperature rise of HSPMM directly and a more
accurate value of optimal split ratio could be acquired. However, compared with the stator
temperature, the temperature rise in the rotor should be more of a concern for HSPMM since
the permanent magnets are vulnerable to the temperature rise resulting from the induced PM

eddy current loss.

In summary, in existing papers, the split ratio of HSPMM has been optimized with the
consideration of thermal constraints only. The mechanical constraints, including the stress limit
and rotor dynamics issues are ignored, leading to the deviation of the optimal split ratio and
actual torque/power capability. In this paper, the optimal split ratio for HSPMM is obtained
with the consideration of the mechanical constraints, with particular focus on the rotor stress.
The stator iron loss is also considered. The impact of the sleeve material and maximum

operating speed on the optimal split ratio is elaborated. In addition, the influence of the flux
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density ratio, i.e. the ratio of stator lamination flux density to airgap flux density on the optimal

split ratio is analyzed.

The chapter is organized as follows. In section 2.2, the optimal split ratio for maximum
torque is investigated with due account of copper loss constraints only. Then, the influences of
stator iron loss on optimal split ratio as well as actual maximum torque are analyzed in section
2.3 which further clarifies why and how the optimal split ratio for actual maximum torque will
change when both copper loss and stator iron loss are taken into consideration. Section 2.4 aims
to illustrate how the mechanical stress constraints including the tangential and radial stress
limitation make an impact on the actual optimal split ratio. Finally, in section 2.5, both the rotor
stress constraints and the stator iron loss are considered simultaneously in the determination of

optimal split ratio of HSPMM with the conclusions in section 2.6.
2.2 Optimal Split Ratio Accounting for Copper Loss Only

Fig.2.1 shows the structure of a typical HSPMM with 6s/4p-non-overlapping winding
configuration. The permanent magnets are protected by the retaining sleeve in order to
withstand the huge stress resulting from high speed. The specifications of the machine are given
in Table 2.1. Generally, when the air gap flux distribution is uniform, the armature reaction is
ignored and the phase back-EMF is in phase with the current, the electromagnetic torque of a

three-phase brushless PM motor can be expressed as [PANO06], [LI18]:

T=2DIN kI B 2.1)

32
2 mes
where Ds is the stator bore diameter. /; is the active stack length and Nw represents the serial
turns of each phase. kw denotes the winding factor. /. is the RMS of the phase current and By is
the air gap flux density. It should be noted that the split ratio for HSPMM in this chapter refers
to the ratio of rotor outer diameter to stator outer diameter which is different from definitions
for low-speed electrical machines. The influence of air gap length on optimal split ratio for
HSPMM is significant and will be addressed in this section. Hence, A denotes the split ratio

which is defined as:

A=— (2.2)
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where D:r is the rotor outer diameter and Do is the stator outer diameter. The stator bore diameter

can be expressed as:
D =AD, +2g (2.3)

where g denotes the total air gap length. The torque can be further given as [PANO06]:

3If(w +2 )/ wl;*;vslak B, (2.4)

where As is the slot area and s is the slot packing factor. Ns is the slot number and peu is the
resistivity of copper. On the other hand, ignoring the effect of saturation, flux-leakage as well

as slotting effect, the air gap flux density Bg can be accordingly expressed as [LIP11]:

B, =—"—8B
h g (2.5)

where /m is the PM thickness. When (2.5) is substituted into (2.4), the electromagnetic torque

can be derived as:

})C‘MkYN l
(2.6)

where

i A+ 28| 20y 2y -1
7D D, |3p 3p
4 =" 2.7)
© 4N, 2g.. 1
A+ 1y +1
D~ 3p

o

where p is the rotor pole pairs and Ns denotes the stator slot number and y represents the flux

density ratio which is defined as:

y=—= (2.8)

max

where Bmax is the maximum flux density in the stator iron. Hence, the electromagnetic torque

with respect to the split ratio can be expressed as:
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T o f(A)=4,(D,A+2g) (2.9)

The optimal split ratio for maximum torque can be obtained by solving the following

differential equation:

I _, (2.10)
EYl

The optimal split ratio can be given as:

2
3 2y e, 2g @.11)

’ a, D,
where
a, :S{k—ﬂ(k—ﬂ+2)y2+2y—l} (2.12)
P P

kx
b, =6(—+1)y (2.13)

P
k =§ for motors with stator non-overlapping winding (2.14)

While the split ratio increases, the tooth width and yoke thickness will become larger
correspondingly when the air gap length and the flux density ratio are confirmed. The resultant
slot area will decrease with the increase of split ratio. Hence, there will always exist an optimal
split ratio at which the electromagnetic torque reaches maximum. The minimum air gap length
(g=2mm) is obtained with the usage of the empirical equation in [PYROS]. A suitable value for
the length of the air gap of an inverter fed, high-speed machine (the peripheral speed of the

rotor>100 m/s), can be calculated as:

520001+ 2 ¥ (2.15)
0.07 400

where Drdenotes the rotor outer diameter and v denotes the peripheral speed of the rotor.

The copper loss is fixed to ensure the same thermal performance. As for the value of copper
loss, when the machine frame size is given, the total heat transferred through the external

surface depends on the specific cooling type. This heat source, namely electromagnetic loss,
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can be written as [BIA04]:
Plimit = hUmﬂ-Dola (216)

where £ denotes the thermal heat transfer coefficient and vm denotes the maximum allowed

temperature corresponding to specific insulation level.

On the other hand, the range of feasible split ratio is significantly limited by the geometrical
restrictions. The maximum split ratio depends on the air gap length and flux density ratio when

the stator outer diameter is given.

Fig.2.2 shows the variation of torque with split ratio and air gap length. The optimal split
ratio for maximum torque is significantly reduced with the increase of flux density ratio. This
can be attributed to the increase of stator teeth and back iron due to larger flux density ratio.
Thus, the slot area is accordingly reduced. The split ratio is then reduced to make up for the

shrink of space so that the copper loss can be constant.

From (2.11), it is obvious that the optimal split ratio is also influenced by the air gap length.
Fig.2.3 illustrates the variation of torque versus split ratio with respect to different air gap
length. The optimal split ratio will be significantly reduced with the increase of air gap length
when the flux density ratio is constant. The slot area is reduced with the increase of air gap
length. The split ratio will accordingly be reduced in order to keep the copper loss constant.
Fig.2.4 shows the variation of analytical and FE calculated electromagnetic torques with split
ratio, for the machine having a 6s/4p (Ns/2p) with a non-overlapping winding. It should be
noted that the stator and rotor iron permeability is assumed infinite and the flux leakage is

ignored in the analytical results. The analytical result agrees well with the FE predicted one.
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Fig.2.1. Cross-section of a typical HSPMM.
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Fig.2.2. Electromagnetic torque versus split ratio and air gap length with respect to different

flux density ratio (p=2, Ns=6, Do=90mm, /a=55mm, copper loss=100W y=0.5).
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Fig.2.4. Analytically and FE predicted variations of torque with split ratio and air gap length.
Table 2.1 Specifications of High-speed PM Machine

Parameters Parameters
Stator outer diameter (mm) 90 Stator yoke thickness (mm) 4.4
Stator bore diameter (mm) 39.5 Stator teeth width (mm) 8.8
Split ratio 0.35 Packing factor 0.6
Rotor outer diameter (mm) 31.5 Stack axial length (mm) 55
Sleeve thickness (mm) 2 Number of turns per phase 20
PM thickness (mm) 8
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2.3 Optimal Split Ratio Accounting for Copper Loss and Stator

Iron Loss

Compared with low speed PM machines, the stator iron loss of HSPMM cannot be ignored
due to the inherent high frequency. This iron loss can even be dominant for HSPMM operating
at ultra-high speed (>100krpm). In this section, the optimal split ratio of HSPMM considering

copper loss and the stator iron loss will be investigated in detail.

2.3.1 Optimal Split Ratio Considering Stator Iron Loss

Generally, a two-term iron loss model can be adopted for calculating the iron losses with the
acceptable accuracy, while the classic loss and excess loss in the three-term model are
combined into a global eddy current loss [BOGO03], [LINO4], [IONO7]. This model can be

expressed as:
WFe = kthFe2 +kef2BFez (217)

where Wre denotes iron loss in watts per kilogram, ke and kn represent the hysteresis coefficient
and eddy current coefficient, respectively. f denotes the frequency of magnetic field. Bre

denotes the maximum flux density in the stator iron.

On the other hand, the stator iron flux density can be expressed as:
B, =yBy, (2.18)

where y denotes the flux density ratio and Bz denotes the air gap flux density. Hence, the stator

iron loss can be further written as:
PFe = WFemFe = B§y72pFeAFeZa (khf + kefz) (219)

where pre denotes the mass density of stator iron, Are denotes the stator lamination area and /s

represents the stack length.

On the other hand, in HSPMM, the stator electromagnetic loss mainly consists of stator iron
loss and winding copper loss. Thus, when the cooling type, stator outer diameter and stack

length are given, the allowable stator copper loss can be expressed as:
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P

Fe: KA

P =P

cu imit l)limit - Fe (220)

Fe

Where
KFe = BzyizpFela (khf+kef2) (221)

It can be seen that both stator iron loss and copper loss are closely related with the stator
lamination area Are which is determined by the split ratio, the stator teeth width and the back-
iron thickness. Fig.2.5 illustrates the variation of stator iron loss and copper loss of a typical
HSPMM with 6s/4p-Non-overlapping winding configuration. The stator iron loss becomes
larger with the increase of split ratio before reaching the maximum value. The same trend is
observed with the variation of iron area 4r. when the stator flux density is constant. The stator
iron area increases at the initial stage due to the wider teeth and yoke and then decreases as a

result of smaller teeth height.

On the other hand, the stator copper loss is observed with the opposite trend to the stator iron
loss when the total stator loss is fixed. The copper loss decreases with the increase of split ratio
until reaching the minimum value. After this specific split ratio, the stator copper loss starts to

increase mildly.

In summary, when the stator iron loss is taken into consideration for HSPMM, the copper
loss varies significantly with the split ratio instead of being constant. Therefore, the ampere
turns will be directly affected due to the variation of copper loss. Hence, the variation of

electromagnetic torque with split ratio will be eventually altered.

The torque expression for a three-phase brushless PM motor is derived in (2.4). When (2.20)

and (2.21) are substituted into (2.4), the electromagnetic torque can be further expressed as:

32 kN1
T = k B, |=—af(A 2.22
2 “Be\36,, f(4) (2.22)
S ) =(D,A+ 22 A, (Pimi — K oA (2.23)

In (2.23), both A5 and Are are functions of split ratio which have already been derived in
[PANO6]. Hence, the optimal split ratio for maximum electromagnetic torque considering

stator iron loss can be obtained by solving the following differential as:
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oIA _,

- (2.24)

Fig.2.6 illustrates the electromagnetic torque versus split ratio with and without
consideration of stator iron loss. It can be seen that the torque would be considerably reduced
when the iron loss is taken into account. This should be attributed to the reduced copper loss
thus electrical loading at each split ratio. In addition, the optimal split ratio for maximum
electromagnetic torque has also been reduced due to the decreasing copper loss with the
increasing split ratio before reaching minimum. The optimal split ratio has to be reduced in

order to make the /' (A) maximum.

It is worth mentioning that torque variation range is relatively smaller when considering the
stator iron loss. The electromagnetic torque decreases slowly after reaching the maximum value.
As mentioned before, the copper loss turns to increase mildly which makes a compensation for
the torque by increasing the electrical loading. Therefore, the electromagnetic torque will not
drop sharply compared with that when only the copper loss is considered. As shown in Fig.2.6,
although there is a slight difference between the analytical and FE predicted torques, the
optimal split ratios have a good agreement which verifies the validity of previous analytical

analysis.
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Fig.2.5. Variation of stator loss with split ratio (y=0.5, f/=2166Hz, Bz =0.85T).
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Fig.2.6. Variation of electromagnetic torque with split ratio (y=0.5, /=2166Hz, By =0.85T).

2.3.2 Influence of Design Parameters on Optimal Split Ratio

As mentioned in Section 2.3.1, the optimal split ratio considering stator iron loss is closely
related with the allowable copper loss variation trend versus split ratio. On the other hand, the
design parameters affecting the variation of iron loss will pose the opposite impact on the
allowable copper loss when the stator loss is fixed with certain cooling method. In this section,
the influence of these design parameters such as air gap length as well as rotor pole pairs on

the optimal split ratio will be elaborated.

A. Air gap length

For HSPMM, the air gap length is relatively larger due to the presence of retaining sleeve.
When the air gap length increases, the stator iron loss will be significantly decreased due to the
reduced stator flux density. Thus, the allowable copper loss will be inversely increased as
shown Fig.2.7 (b). However, it changes little with the variation of split ratio when the air gap
length becomes larger. This corresponds to the variation of stator iron loss with split ratio. As
can be seen from (2.19), the stator iron loss depends on the stator flux density and the stator
iron area when other parameters are constant. With the increase of air gap length, the stator

iron loss increases more slowly due to the reduced stator flux density.
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Fig. 2.7. Variation of stator loss with split ratio at different air gap length (y=0.5, /=2166Hz).

(a) Stator iron loss. (b) Copper loss.

Thus, with the increase of air gap length, the difference between the optimal split ratios with
and without consideration of stator iron loss decrease. As shown in Fig.2.8 (b), when the air

gap length reaches 9mm, the optimal split ratio almost remains constant as the copper loss

changes little over the whole split ratio variation range.

However, the optimum split ratio of HSPMM considering stator iron loss will still decrease
with increase of air gap length as shown in Fig.2.9. This can be attributed to the reduced slot
area with the increasing air gap length. The optimum split ratio has to be reduced so that the

total electromagnetic loss remains constant when the air gap length is relatively large.
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Fig.2.8. Variation of electromagnetic torque with split ratio at different air gap lengths (y=0.5,
f=2166Hz). (a) Variation of torque with split ratio and air gap length. (b) Variation of torque

with split ratio.
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Fig.2.9. Variation of electromagnetic torque with split ratio considering stator copper loss and

iron loss (y=0.5, /=2166Hz).

B. Flux density ratio
The flux ratio is defined as the ratio between the stator iron flux density and air gap flux
density. Hence, the flux ratio has a great impact on the stator iron loss thus the optimum split

ratio when the air gap flux density is fixed. In this section, the influence of flux ratio on the

optimum split ratio considering stator iron loss will be investigated.

As is shown in Fig.2.10, the stator loss will be significantly increased when the flux ratio
gets larger. Accordingly, the allowable copper loss with the larger flux ratio will drop sharply
to a minimum value and then start to rise. Hence, the optimal split ratio has to be reduced in
order to make up for the reduction of allowable electrical loading, as shown in Fig.2.11. On the
other hand, when the flux ratio is relatively small (0.25), the allowable copper loss decreases
slowly with the rise of split ratio. Hence, in this case, the optimal split ratio almost remains

constant when considering the stator iron loss.
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Fig.2.10. Variation of electromagnetic loss with split ratio at different flux density ratios (Bg

=0.85T, f=2166Hz). (a) Stator iron loss. (b) Copper loss.
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Fig.2.11. Variation of optimal split ratio with flux density ratios (Bg =0.85T, /=2166Hz).

C. Operating speed

It is obvious that the stator iron loss is significantly influenced by the operating speed. In
this section, the impact of operating speed on the optimal split ratio of HSPMM is investigated.
Fig.2.12 illustrates the variation of stator loss with split ratio at different operating speed. It can
be seen that the operating speed exert similar effect on the stator loss compared with flux
density ratio. The stator iron loss will rise rapidly to the maximum value and then decrease
while the operating speed is relatively high. Thus, the allowable copper loss will drop sharply
while the operating speed is large. Hence, the optimal split ratio will be reduced when the
operating speed is increasing. On the other hand, when the operating speed is relatively low,

the optimal split ratio remain constant compared with that without consideration of iron loss.
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Fig.2.12. Variation of stator loss with split ratio at different operating speed (Bg =0.85T). (a)

Stator iron loss. (b) Copper loss.
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D. Rotor pole pairs

Compared with low-to-medium speed PM machines, the stator and rotor components of
HSPMM, especially the permanent magnets are immersed in the high frequency variable
magnetic field, yielding a significant amount of iron loss. A lower number of rotor pole pairs
would not only contribute to the reduction of iron loss but also help to reduce switching loss in
the inverters. Normally, the rotor pole pair of HSPMM is selected to be 1 or 2. In this section,

the influence of rotor pole pairs of HSPMM on optimal split ratio is investigated.

Fig.2.14 illustrates the variation of stator loss with split ratio for the HSPMMs with 6s/4p-
Non-overlapping and 6s/2p-Non-overallping configuration. It is shown that the iron loss of
HSPMM with 6s/2p-Non-overlapping configuration will be much smaller than that of 6s/4p-
Non-overlapping due to half of the fundamental frequency. Hence, the allowable copper loss
will be larger when the total electromagnetic loss is fixed. In addition, due to the smaller
fundamental frequency, the iron loss of HSPMM with 6s/2p-Non-overlapping increases more
mildly than that with 6s/4p-Non-overlapping. Accordingly, the allowable copper loss decreases
gently with the increase of split ratio. Hence, the optimal split ratio for HSPMM with 6s/2p-
Non-overlapping winding remains almost constant when the stator iron loss is taken into
consideration. As has been proved, when the stator copper loss is considered only, the optimal
split ratio will be reduced when the rotor pole pair decreases from 2 to 1 due to yoke thickness
increase [8]. This reduction will be smaller when the stator iron loss is taken into account as

shown in Fig.2.15. In other words, the optimal split ratio for HSPMM with 6s/2p-Non-

68



overalpping is not as sensitive to the consideration of stator iron loss as 6s/4p-Non-overalpping

configuration.

Although the allowable copper loss for 6s/2p-Non-overlapping is much larger, stator ampere
turns are limited by the reduced slot area. More importantly, the winding factor of HSPMM
with 6s/2p-Non-overlapping configuration is only 0.5, making the final electromagnetic torque
significantly smaller than that of HSPMM with 6s/4p-Non-overlapping as shown in Fig.2.15.
It should be noted that the actual torque capability is still limited by the thermal constraints
resulting from rotor eddy current loss, especially for the HSPMM with 6s/4p-non-overlapping

winding configuration.
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Fig.2.14. Variation of electromagnetic loss with split ratio at rotor pole pairs.
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Fig.2.15. Variation of electromagnetic torque with split ratio at rotor pole pairs.
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2.4 Optimal Split Ratio Accounting for Copper Loss and

Mechanical Stress

The topology of HSPMM is similar to low-to-medium speed operating PM machines. In
[GER14], it is highlighted that due to the requirement of mechanical robustness and thermal
stability, a surfaced mounted permanent magnet (SPM) machine with a high-strength retaining

sleeve is almost exclusively employed.

To obtain certain pre-stress between the sleeve and PM at high speeds, an interference fit
should always exist between the PM and the sleeve so that the contact force and tangential
force in the sleeve can be derived for magnet retaining. In addition, to avoid the presence of
stress concentration at the magnet edges, the inter-pole air gap between magnets should be

avoided [BINOG6].

At the preliminary design stage, it is of vital importance to take the mechanical constraints
into consideration. Generally, two fundamental conditions should be satisfied: the tangential
stress in the inner surface of the sleeve should be within the material limits, and the contact

pressure between PM and rotor back-iron should always be positive [BINO6].

For HSPMMs, the optimal split ratio is inevitably influenced by the aforementioned
mechanical constraints. Both the tangential tensile stress and contact pressure are highly related

to the rotor diameter which can be reflected by the split ratio.

2.4.1 Split Ratio Optimization with Tangential Stress Limitation

In most cases, the PMs in a HSPMM are more vulnerable to the tensile stress than the
compressive stress. Both NdFeB and SmCo have strong compressive strength and flexural
strength but are very weak in tensile strength. Hence, a retaining sleeve with strong tangential
tensile strength is necessary. In fact, the main stress in the retaining sleeve is in the form of
tangential stress which, when the sleeve is considered as the thin shell, can be expressed as

[BINOG6]:
21212
Ut = O-t,prestress +O—t,w = +Zpbw /1 Da (225)

Where 0 prestress Tefers to the pre-stress due to shrinking of retaining sleeve. oy, denotes the

additional tangential stress due to rotation and a; is the total tangential stress of the specific
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sleeve. AD is the sleeve interference fit with respect to the machine diameter D,,. p;, and £
represent the sleeve mass density and the Young' s modulus. w is the angular velocity of the

rotating rotor.

As can be seen from (2.25), the sleeve tangential stress can be expressed as the function of
split ratio. The value of tangential stress depends on the sleeve material property (mass density
and Young’ s modulus), the interference fit, the operating speed, as well as the split ratio.
Fig.2.16 illustrates the tangential stress at the inner side of sleeve with the variation of different

interference fits.

It can be seen that the tangential stress will increase with the increase of sleeve interference
fit in the whole split ratio range. For each given sleeve interference fit, the tangential stress will
drop sharply with the increase of split ratio before reaching a minimum value. After that, the

tangential stress will rise slowly with the increase of split ratio.

For a given sleeve with certain tangential strength, the split ratio can be flexibly chosen by
adjusting the sleeve interference fit. However, there always exists a minimum split ratio for
each sleeve interference fit at which the tangential stress reaches the material limits. These
minimum split ratios increase with the increase of sleeve interference fit. In addition, they are
also influenced by the actual tangential stress. For illustration, two limit lines representing
different values of real sleeve tangential stress are also shown in Fig.2.16. It can be seen that
when the actual sleeve tangential stress reaches the material limit, the value of the minimum
split ratio is the smallest. Hence, a factor k is defined to evaluate the stress margin with respect

to the sleeve material tensile strength.

k = (2.26)

Oimit
where g; represents the actual value of sleeve tangential stress and ay;,,,;; 15 the tensile strength
limit of the sleeve material. Fig.2.17 illustrates the relationship between the minimum split
ratio and the interference fit as well as 4. It should be noted that the maximum operating speed
at which the tangential stress is checked has been increased by 20% for the consideration of an
over speed test [BINO6]. It can be seen that the widest split ratio range can be achieved when
the actual tangential stress reaches the limits and the interference fit is relatively small. Hence,

k 1s preferred to be 1 so that the design values for split ratio can be adequate.
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Fig.2.16. Variation of sleeve tangential stress with split ratio (carbon fibre, 7max=120kr/min).

Fig.2.17. Minimum split ratio versus interference fit and factor & (carbon fibre zmax=120kr/min).

2.4.2 Split Ratio Optimization with Contact Pressure Limitation

The following paragraphs are from the author’s own paper [FEN19].

Generally, for a simple rotor configuration with symmetrically mounted magnets, the contact

pressure between the magnets and the rotor back iron can be expressed as [BIN06]:

P ,
contact—pressure Gt, prestress P = Py (227)

b
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where /v and b represent the thickness and average radius of selected sleeve. pm and pb
represent the pressures of magnets and sleeve resulting from centrifugal force which reduces
the total contact pressure between the magnets and the rotor. These pressures can be

analytically determined as [BINO6]:

Pn=@1,p,h, (2.28)

Py, = @1, p,h, (2.29)

where /im and rm represent the thickness and average radius of PMs. pm and pv represent the
mass densities of the magnets and sleeves. On the other hand, the sleeve pre-stress due to shrink
fit can be expressed as the difference between the actual sleeve tangential stress and the
tangential stress due to rotation. In addition, (2.28) and (2.29) can be substituted into (2.27).

Hence, (2.27) can be further derived as a function of split ratio:

h

})contactfprexsure =2 (O-t _Gt,w)_pm _pb
G (2.30)
2ho, 1, 1 1, '
=200 =p h +ph)D A+~ p h
DU l (2 IOm m pb b) o 2 IOm m

As mentioned in the previous section, the contact pressure between the rotor and the magnets
should always be positive. From (2.30), it can be seen that the contact pressure decreases with
the increase of split ratio. Hence, there exists a special split ratio at which the contact pressure
equals zero and the actual split ratio should always be smaller than this value. This can be

expressed as:

2
_ a++a +16b (227)

A< A,
2c
where
a=p,h (2.28)
b:O-t(zpbhbz +pmhmhb)/a)2 (2'29)
c=D,2ph,+p,h,) (2.30)

For HSPMM, the main component of the sleeve tangential stress is the pre-stress due to

shrink fit, especially for the carbon fibre sleeve with low mass density [BIN06]. Compared
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with the tangential stress (0 prestress) Tesulting from sleeve shrinking, the tangential stress due

to rotation (ay,,) is much smaller. Therefore, the following condition can be applied:

16b=160,2p,h + p,h h)/ &
2.31
>>160,,(2p,h; + p,h,h,)/ @ > a’® @31)
Hence, (2.31) can be further simplified as:
(0<k<])
(2.32)

It has been proved that the feasible range of split ratio is the widest when k equal to 1. Hence,

the maximum split ratio of HSPMM under contact pressure limit can be given as:

(2.33)

It can be seen that the split ratio of HSPMM is restricted by the sleeve tensile strength, the
maximum operating speed as well as the magnet mass density and the ratio of magnet to sleeve
thickness. The maximum split ratio is significantly reduced with the increase of maximum

operating speed and the ratio of magnet to sleeve thickness.

On the other hand, it is obvious that the air gap of HSPMM is larger than that of normal PM
machines due to existence of sleeve. From (2.33) the minimum air gap length, which consists

of physical air gap and sleeve, can be given as:

gmin(/l):hbmin-l_é‘: pm hm+5
' 404m |

2 42 210b

(oD,)" 4

(2.34)

Clearly, the sleeve material in terms of mass density and tensile strength has a significant
impact on the minimum sleeve thickness which will be fully addressed in the subsequent
section. In this section, the sleeve material is selected to be carbon fibre due to its low mass
density and high tensile strength. Ignoring the effect of saturation, flux-leakage as well as

slotting effect, the air gap flux density can be accordingly expressed as:
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hlﬂ B — 1 B

B = r r
£ h +h+0 1+ P Lo
40 i L—Zp h, (2.35)
(a)DO )2 /12 b

Substituting (2.34) and (2.35) into (2.6), the electromagnetic torque of HSPMM under

mechanical constraints can be derived as:

32 Pk NI
r(A)=——f(D)g(A)Bk,, |- (2.36)
2 36p.,

where

f(A)=J4,(D,A+ y 2"1" h +25)

limit__~__ 2 (2.37)
(wDa)Z 12 b
(D)= !
¢ _1+ P +£
40 i L_ h, (2.38)
( D0)2 /12 b

Hence, the optimal split ratio of HSPMM under mechanical constraints can be obtained by
solving the equation as follows:
oT (A
I _, (2.39)
oA
It is apparent that the equation for the optimal split ratio considering the mechanical
constraints is much more complicated than that of the normal PM machines due to the presence
of g(A). The pure analytical solution of a high order equation (2.39) is quite complicated as
well. Thus, the numerical method is adopted which is much easier and convenient to solve this
equation. The two equations with respect to the electromagnetic and mechanical domains have

already been determined as:
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T(l, ) — 3 2 (ﬂD + 2 ) hmBr k PcukstlaAs
g)=——(4D,+2g v
2 h +g 36p,,

(2.40)

— P
gmin (/1) - 4 limit 1 hm ’ 5

i 15
(@D,) 2

Fig. 2.18 (a) illustrates the surfaces of two equations in the electromagnetic and mechanical
domain, respectively. The electromagnetic surface is divided into two parts by the surface
representing the mechanical constraints. For each specific split ratio, there exists a
corresponding minimum air gap length. Hence, the left-side of the electromagnetic surface is
valid from the mechanical point of view. In addition, it is obvious that a curve is defined by the
intersection of the two surfaces. This curve represents the enveloping of valid designs in the

electromagnetic domain considering the mechanical constraints.

As shown in Fig.2.18 (b), the projections for enveloping of the designs with and without the
mechanical constraints are illustrated in the 2-D plane. It can be seen that the optimal split ratio
for the maximum torque considering the mechanical constraints is significantly reduced from
0.45(M1) to 0.35(M2). In addition, the achievable torque has also been decreased from 9.02Nm
to 7.09Nm. M3 denotes the optimal design with the same effective air gap length of M2 when
the mechanical constraints are not considered. It can be seen that the optimal split ratio is
reduced from 0.45(M1) to 0.41(M3) due to the increase of air gap length. When the mechanical
constraint is then considered, the optimal split ratio is further reduced to 0.35(M2). This
reduction can be attributed to the different level of limitation on the air gap flux density with

the increasing of the split ratio.

Fig.2.19 shows the minimum required air gap length and the corresponding maximum air
gap flux density with increase of split ratio. It can be seen that the flux density is dramatically
decreased due to the increased air gap length. This limitation becomes more obvious with the
increase of split ratio when the PM thickness is given. Hence, the shift of optimal split ratio
does not only result from the increase of air gap length due to presence of the sleeve which has
been proved in the previous section. More importantly, the restriction for the air gap flux
density also varies with the split ratio. The difference between the restricted flux density with
the unrestricted one becomes larger with the split ratio increasing. Thus, the optimal split ratio
corresponding to the maximum torque has to be decreased. The maximum torque has also been

decreased due to a reduction of the achievable air gap flux density. The optimization procedure
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for the optimal split ratio is shown in Fig.2.20.

Fig.2.21 shows the cross sections of the optimal designs with and without consideration of
mechanical constraints. Clearly, the split ratio is significantly reduced. The design parameters

of each machine are given in Table 2.2.

Air gap length (mm)
(a)
12 . .
- @ - Without constraints
10 —— With constraints M g-2mm
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£
= 6
<P]
=
g 4
H
2
0 : ‘ ‘
0.2 0.3 04 0.5 0.6
Split ratio
(b)

Fig.2.18. Variation of electromagnetic torque with split ratio and air gap length (y =0.5,
nmax=120kr/min). (a) Variation of torque with split ratio and air gap length. (b) Variation of

torque with split ratio with and without constraints.
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Step.1 Design Spec. Acquisition

'
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minimum air gap length versus split ratio torque with split ratio and air gap length
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v

Step.4 Determination of optimal split ratio
Obtain the optimal split ratio among valid design solutions

Fig.2.20. Optimization procedure for split ratio of HSPMM considering mechanical constraints.

Fig.2.22 illustrates the flux distributions of optimal designs with or without the mechanical
constraints. Evidently, the design with mechanical constraints (M2) exhibits less saturation in
the stator iron than the one without mechanical constraints (M1) due to increase of air gap
length. On the other hand, when the total effective air gap length keeps constant, the optimal
design without mechanical constraint (M3) has a similar stator as well as air gap flux density

compared with that with mechanical constraint (M2).

Fig.2.23 illustrates the spectra of air gap flux densities of three optimal designs with and
without consideration of mechanical constraints. Both M2 and M3 clearly exhibit much lower

fundamental flux density than M1, which agrees well with the trend in Fig.2.22.
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Fig.2.21. Cross-sections of three optimal designs for maximum torque.

. 2.0T

Ml M2 M3

Fig.2.22. Flux distributions of three optimal designs for maximum torque.

The contact pressures between magnets and rotor back iron for two optimal designs are
shown in Fig.2.24. It should be noted that the absolute value of contact pressure represents the
stress level. The negative sign represents the direction of contact pressure (points to center in
the polar coordinates system). It can be seen that the minimum contact pressure lies on the
surface between the permanent magnet and the rotor back iron. The minimum contact pressure
for the design without consideration of mechanical constraints (M3) is 0.053MPa, making the
permanent magnets finally detach from the rotor back iron. Meanwhile, the contact pressure
for the optimal design considering mechanical constraints (M2) is -0.036MPa which provides
a residual force for permanent magnets sticking on the rotor back iron. To conclude, M2 proves
to be the most feasible design solution with the maximum electromagnetic torque when the
mechanical constraints are taken into consideration. The geometrical parameters of the

designed HSPMM are shown in Table 2.2.

In addition, it should be noted that the thermal constraints in terms of stator iron loss as well
as AC copper loss and rotor eddy current loss also affect the split ratio of HSPMM due to the

restriction of flux density. This will be studied in future research.

79



—
\®)

= i SM1 ®=M2 OMS3
§> .

7/}

£ 0.8

-506

5 .

= 0.4

S

202 N \

< O §I §| EII m El e R -

1 3 5 7 9 11 13 15 17 19 21 23
Harmonics

Fig.2.23. Spectra of air gap flux densities of three optimal designs for maximum torque,

without/with mechanical constraints.

Table 2.2 Parameters of the Optimal Designs

Parameters M1 M2 M3
Stator outer diameter(mm) 90
Stator bore diameter(mm) 44.5 39.5 44.9
Split ratio 0.45 0.35 0.41
Rotor outer diameter(mm) 40.5 31.5 36.9
Rotor shaft diameter(mm) 6
Physical air gap length(mm) 2
Sleeve thickness(mm) -- 2 2
PM thickness(mm) 8
Stator yoke thickness(mm) 5.5 4.4 5.2
Stator teeth width(mm) 11 8.8 10.5
Stator axial length(mm) 55
Phase resistance(mg2) 53 3.0 4.8
Phase inductance(puH) 29 30 28
Number of turns 20
Phase Current(A) 85 105 91
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Fig.2.24. Spectra of air gap flux densities of three optimal designs for maximum torque,

without/with mechanical constraints.

2.4.3 Influence of Design Parameters on Optimal Split Ratio

As shown in the previous section, the optimal split ratio with a given flux ratio and
permanent thickness for HSPMM can be obtained. However, from (2.33), it can be seen that
the mechanical constraints are closely related with flux density ratio as well as the sleeve

material physical properties and maximum operating speed. In this section, the influence of the
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previous parameters on the optimal split ratio of HSPMM is investigated. It is worth
mentioning that the level of limitation on flux density for magnets of different thickness will
not change significantly when the split ratio increases. Thus, the magnet thickness has no

significant influence on the determination of optimal split ratio.
A. Flux density ratio

From (2.37), it can be seen that the optimal split ratio considering the mechanical constraints
still depends on the slot area which is closely related with the flux density ratio. Fig.2.25
illustrates the variation of optimal split ratio with flux density ratio, and clearly shows that the
optimal value decreases with the increase of flux density ratio. This can be attributed to the
increase of width of the slot teeth and thickness of yoke while the flux density ratio is increasing.
Hence, the slot area is consequently reduced. In order to maintain the constant copper loss, the
stator bore diameter has to be reduced. It can be seen that with the decrease of flux density
ratio, the difference between the optimal split ratios with and without consideration of
mechanical constraints increases. This can be attributed to the increasing air gap length with
the increasing split ratio, when mechanical constraints are considered. Thus, the stator bore
diameter increases faster, which in turn restricts the increase of optimal split ratio so that the

copper loss can be constant.
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Fig.2.25. Variation of optimal split ratio with flux density ratio.
B. Maximum operating speed

In the practical design, the worst case should always be considered. The contact pressure
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between the magnet and the rotor back iron turns into the minimum when the machine operates
at the maximum operating speed. Hence, the optimum split ratio is quite interdependent with
the maximum operating speed at which the contact pressure must be no smaller than zero. As
can be seen from (29), the mechanical constraint is closely related with the maximum operating
speed. The limitation on split ratio becomes more demanding with the increase of maximum
operating speed. In this section, the influence of maximum speed on the optimized split ratio

for HSPMMs is investigated.

Fig.2.26 illustrates the different surfaces with respect to the different maximum operating
speeds. It can be seen that with the increase of maximum operating speed, the smaller valid
surface of the designs than that without constraints can be obtained. On the other hand, as
shown in Fig.2.27, when the maximum operating speed is relatively small, the envelop of the
valid designs is almost the same as that of the design surface without constraints, which means
that the optimized split ratio, as well as the maximum achievable torque, remain almost stable

at lower speed. Under this circumstance, the mechanical constraints can be ignored.

As shown in Fig.2.28, the optimized split ratio keeps decreasing with the increase of
maximum operating speed. On the other hand, when the maximum is below 45kr/min, the
optimized split ratio almost remains unchanged compared with the one without consideration
of mechanical constraints. When the maximum operating speed is relatively low, the required
sleeve thickness for the selected sleeve material will not be comparable to the mechanical air

gap length. Thus, the air gap flux density will only drop very slightly.

Table 2.3 Material Properties

PM Carbon Inconel Stainless
Material properties
(NdFeB) fiber 718 Steel 304
Density (kg/m®) 7400 1620 8200 7600
Young’s Modulus (GPa) 160 140 199 196
Tensile strength (MPa) 120 1400 1100 500
Cost (8/kg) 40 150 65 23
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Fig.2.27. Variation of electromagnetic torque with split ratio at different operating speed.
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C. Retaining sleeve material

The sleeve material is very important to the design of HSPMM due to its strong tensile
strength. The material properties of typical retaining sleeves and PMs are shown in Table 2.3.
It can be seen that carbon fibre is equipped with the greatest tensile strength while the one for
stainless steel has the least. However, the cost of carbon fibre is also the highest. The criteria
of sleeve selection should take the cost and the electromagnetic performance as well as the

mechanical robustness into consideration.

The minimum air gap length can be easily obtained from (2.34), as shown in Fig.2.29.
Carbon fibre shows great advantages for its smallest sleeve thickness, especially at higher
speed. Fig.2.30 illustrates the electromagnetic torque versus split ratio under the mechanical
constraints with different sleeve materials at the speed of 60kr/min. It is obvious that HSPMM
with carbon fibre sleeve has the highest torque density compared with the others due to the
relatively larger air gap flux density. In Fig.2.32, it can be seen that the maximum air gap flux

density for the design with carbon fibre is larger than the others due to a smaller effective air

gap.

As mentioned before, the maximum operating speed has a significant impact on the
maximum torque as well as the optimized split ratio of HSPMM. The optimized split ratios for
HSPMM equipped with three different sleeve materials, respectively, are shown in Fig.2.33.
With respect to maximum operating speed, the optimized split ratio for machines with carbon

fibre is not as sensitive as the one for machines with Inconel and stainless steel.
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In addition, as shown in Fig.2.34, the maximum achievable torque for HSPMM equipped
with carbon fibre is higher than that of Inconel. This difference becomes larger with the
increase of the maximum operating speed which indicates that the carbon fibre is extremely
suitable for ultra-high speed applications. On the other hand, the Inconel compromises the cost

and mechanical robustness, exhibiting advantages in the medium speed range.
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Fig.2.29. Variation of minimum air gap length versus split ratio with respect to different sleeve

material.

86



Stainless steel
Inconel 718

/
[“ ‘:::\‘ Carbon fibre

Torque (Nm)
OO RNX D

Fig.2.30. Variation of minimum air gap length versus split ratio with respect to different sleeve

material.

10

=
Z
<P]
S 4 - -
= - = - Without constraints
S —— Stainless steel

2 .

Inconel-718
0 —o— Carbon fiber
0.2 0.3 04 0.5 0.6

Split ratio

Fig.2.31. Variation of minimum air gap length versus split ratio.
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2.5 Optimal Split Ratio Accounting for Stator Loss and Mechanical

Stress

In this section, both the stator iron loss and mechanical stress are considered in the
determination of optimal split ratio of HSPMM. When the mechanical constraints are taken
into consideration, the stator flux density will be reduced due to the extra air gap length for
retaining sleeve. As shown in Fig.2.35, the minimum air gap length keeps increasing with the
increase of split ratio. Hence, the limitation on air gap flux density becomes more severe with
the enlarged air gap length. Accordingly, the stator iron loss will be reduced. In addition, the
split ratio at which the stator iron loss reaches maximum is also decreased as shown in Fig.2.36.
This shift as well as the air gap flux density reduction will eventually lead to decrease of the
optimal split ratio. Fig.2.37 illustrates four curves of electromagnetic torque versus split ratio
with respect to three different scenarios. It is shown that optimal split ratio is significantly
reduced when the stator iron loss and mechanical constraints are taken into consideration.
Although the air gap flux density is reduced in the whole split ratio range, the restriction on the
iron loss enables a larger allowable copper loss thus the electrical loading, eventually making
the achievable electromagnetic torque almost constant when the mechanical constraints are

taken into consideration.

89



—_—
(9}
—

’g /yFlux density without cnstraints(g=2mm) -
________________________________________ -
~ ( ~
:E 12 N B O 8 >y
2 Z
=
= 9 1 - 0.6 3
=7 D
< e
) \ =
E 6 1 " 04 %
= =
§ &n
_ | L]
E 3 ) N 0.2 -
£ —A— Air gap length —6—Air gap flux density
= 0 ; ; ; 0
0.1 0.2 0.3 0.4 0.5

Split ratio
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Fig.2.36. Stator loss versus split ratio with and without mechanical constraints.
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Fig.2.37. Electromagnetic torque versus split ratio with different scenarios.

2.6 Summary

In this section, the optimal split ratio for HSPMM has been analyzed with different
electromagnetic and mechanical consideration including stator iron loss as well as the sleeve
tangential stress limit and contact pressure requirement between the magnets and the rotor back
iron. The analytical results have been verified by the finite element analyses. It has been shown
that the optimal split ratio is significantly reduced when the mechanical constraints and stator
iron loss are taken into account. Furthermore, the achievable torque has also been decreased
sharply due to the limitation on the maximum air gap flux density. The influences of flux density
ratio, as well as the sleeve material and maximum operating speed on the optimized split ratio,
have also been investigated. It is shown that the optimal split ratio is reduced significantly with
the increase of flux density ratio and maximum operating speed. The carbon fibre exhibits
distinctive advantages among the commonly used sleeve materials with the highest torque

density, making it extremely suitable for ultra-high-speed applications.
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Chapter 3 Analysis of Magnet Eddy current Loss for
Four-Pole High Speed PM Machines with Alternate
Stator Winding Configuration

In Chapter 2, the optimal split ratio of HSPMM is determined with due account for stator
electromagnetic loss and mechanical constraints. However, the electromagnetic loss on the
rotor side, especially in the magnets, should also be taken into consideration. Significant rotor
magnet loss will be induced under high-speed operation due to existence of both spatial and
temporal field harmonics. In this chapter, the rotor magnet loss analysis is conducted on the
four-pole HSPMM, with focus on the loss segregation resulting from spatial field harmonics.
The contribution of each harmonic in the production of magnet loss, either from both PM field
or armature, is determined with the proposed method. In addition, the slotting effect on both
PM field and armature reaction field is compared and the corresponding resultant magnet loss
is quantified. The literature on magnet loss due to modulated MMF harmonics is firstly
reviewed. Meanwhile, the influence of stator configuration, e.g. number of stator slot and coil
pitch, on the armature reaction-induced magnet loss is investigated. Finally, experimental

results are provided to verify the theoretical analysis on back-EMF and torque.
3.1 Introduction

The rotor loss has always been an issue for permanent magnet brushless machines equipped
with surface-mounted magnets [ATAO00], [TODO04], [ZHU04], [NAKO06], [SHA09], [BIA13].
Generally, the generation of rotor eddy current loss can be attributed to the field variation seen
by the rotor. This field variation results from the following reasons: (a) Nonsinusoidal stator
MMF distribution due to stator winding disposition. (b) Permeance variation due to slotting
effect. (c) Nonsinusoidal phase current due to BLDC control and PWM. The existence of
spatial and temporal harmonics in the air gap field will yield a significant eddy current loss in
the rotor magnets, rotor yoke as well as the metallic sleeve for magnet retaining. The risk of
demagnetization will be increased due to the difficulties of rotor cooling, especially for the

rotor magnets sheltered by the sleeve with low thermal conductivity such as carbon-fiber.

Hence, the accurate prediction of rotor eddy current loss is of great importance to the

robustness of permanent magnet brushless machines. A lot of analytical models can be found
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for the calculation of rotor loss in the past two decades [ATAO00], [ISHO5], [WU12], [DUB14].
Those analytical models give more insight to the mechanism of the rotor loss generation. In
addition, this also gives the guidelines for the selection of rotor loss reduction methods such as
magnet segmentation [YAMO09], [HUAI10], [WANI10b], [MIR12], rotor pole shaping
[YAM10], multi-layered or dual phase stator winding [SUN14], stator dummy teeth or dummy
slot [MA19].

For the HSPMM, the rotor loss issue should be more concerned due to high frequency and
abundant time harmonics in the phase current. Meanwhile, the air gap length in high speed PM
machines is much larger than that of low-speed PM machines. The relatively larger air gap will
impose distinct effect on the spatial harmonics with different order, which will be demonstrated
in the following section. The interaction between harmonics with same frequency but different
spatial orders is also affected by the relatively larger air gap [WU12]. It will be demonstrated
in this chapter that the harmonic superposition method is still applicable with acceptable

accuracy for the magnet loss calculation of HSPMM.

On the other hand, the rotor topology selection of HSPMM is very limited due to the
consideration of rotor mechanical robustness and machine control difficulties. The permanent
magnets are normally surface-mounted onto the rotor back-iron or directly bonded with the
shaft, especially for very high-speed operation. The rotor pole numbers of high-speed PM
machines are usually selected to be 2 or 4 depending on specific requirements and constraints.
The 2-pole rotor structure is widely used in low-power ultra-high-speed applications due to
lower fundamental frequency which is easier for control and beneficial to the reduction of stator
iron loss and rotor PM eddy current loss [ZHOO06], [ZWYO05], [PF110], [HON12]. The 4-pole
rotor is more inclined to be adopted for high-power high-speed applications due to reduced
end-winding length and stator copper loss, which are quite advantageous for stator thermal
equilibrium in high power application [JANO4], [BINO06], [LUI14], [ZHA15]. Hence, the stator
configuration such as winding disposition should be more concerned. It will be demonstrated
that the number of stator slots and winding coil pitch make a huge difference to the induced

stator MMF and thus the penetrated harmonics.

This chapter is organized as follows. In Section 3.2, the rotor magnet loss segregation will
firstly be conducted on the 6-slot 4-pole HSPMM. The contribution of PM harmonics and the
MMF harmonics to the resultant magnet loss is quantified. In addition, the validity of harmonic

superposition method will be verified. Then, the magnet loss due to the slotting effect on both
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the PM field and the armature reaction field are obtained in section 3.3. Furthermore, in section
3.4, the comparison is made on the armature reaction induced magnet loss in HSPMM with
alternate stator configuration. The experimental results are provided in section 3.5 in order to

verify the theoretical analysis. The summary is eventually given in section 3.6.
3.2 Rotor Magnet Loss Segregation of HSPMM

In this section, the rotor PM eddy current loss is segregated on a typical 6-slot 4-pole
HSPMM based on the frozen permeability method. The eddy current loss due to each field
harmonic, either from the PM field or armature reaction field is determined. The contributing
harmonics are modelled individually, and the validity of the harmonic superposition method is

confirmed.

3.2.1 Causes of PM Eddy Current Loss

Fundamentally, the rotor PM eddy current loss is caused by the magnetic field variation from
different sources. Fig.3.1 illustrates the different origins that contribute to the magnetic field
variation in the magnets. It is commonly known that the magnetic field in the PMs consists of
the inherent PM field and armature reaction field penetrating the magnets. For the PM field,
both the slotting opening effect and the local saturation in the tooth tip will lead to the
permeability variation, causing PM field variation. On the other hand, although the amplitude
of armature reaction field is much smaller than that of PM field in the surface-mounted PM
machines, the field variation can be very significant. Abundant spatial harmonics due to
specific slot and pole combination and winding configuration do exist in the armature reaction
field. In addition, for high-speed PM machines, the relatively lower carrier ratio will inevitably

introduce time harmonics, which consequently cause the variation of armature field.
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Winding configuration/ PWM
slot/pole combination

Fig.3.1. Different sources contributing to the rotor PM eddy current loss.

Hence, it is important to identify the contribution of each origin of resultant PM eddy current
loss. This will provide more insight in the generating mechanism of rotor magnet loss of
HSPMM so that the loss mitigation method can be accordingly adopted. In this section, special
attention is paid to the determination of eddy current loss resulting from armature reaction field
and PM field. Then the contribution of each harmonic in the MMF is determined based on the

superposition principle.

3.2.2 Determination of Harmonic-Induced PM Eddy Current Loss Based on
Frozen Permeability Method

In order to identify the harmonics due to PM field and armature reaction field, the frozen
permeability method is employed in the FE computation [CHU13]. The main procedure of this

method is shown in Fig.3.2.
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Linear FE with single excitation
(Either PM or current)

Fig.3.2. Procedure of the frozen permeability method.

The non-linear FE loss model is solved with both PM and current excitation sources. Then,
the permeability of every element and step in the FE model is saved and frozen. Finally, the
variable field due to PM and armature reaction can be obtained with either PM or armature
reaction excitation only. The PM eddy current loss can thereby be determined in the FE model
with the corresponding magnetic field.

The investigations are conducted on a 6-slot 4-pole HSPMM whose main parameters are
given in Table 3.1. As shown in Fig.3.3, with the FP method, the equal potential distribution
of PM field, armature reaction field and the resultant field are obtained. The profiles of the
radial flux density on the magnet surface due to PM and armature reaction respectively are
given in Fig.3.4. It can be seen that the on-load flux density can be strictly decomposed as the
superposition of the fluxes due to PM and armature field at every rotor position.

On the other hand, it can be seen that the flux variation on the magnet surfaces results from
flux fluctuations from both PM and armature reaction field. There are three drops in the value
of PM field which accounts for the three slot openings in one electrical cycle. This slotting
effect will be addressed in detail in the next section. The variable flux due to armature reaction
field is dependent on the specific slot /pole combination and winding configuration which will
also be discussed in section 3.4. Nevertheless, the slot harmonics as well as the asynchronous
armature reaction harmonics with respect to the rotor lead to the production of magnet loss.
Fig.3.5 illustrates the spectra of the flux density in the magnet surfaces at the rotor reference
frame. Abundant triplen harmonics from both PM field and armature reaction field do exist,

which are sources of magnet loss in the 6-slot 4-pole HSPMM.
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For the magnet loss calculation, in [WU12], it was pointed out that the superposition of
magnet loss due to PM field and armature reaction field respectively, can be applicable only
when the 1¢=0 control is adopted. In that case, there is no armature reaction field with same or
opposite direction to the PM field. Hence, the PM eddy current loss due to different origins can
be obtained in Fig.3.6. It can be seen that the total eddy current loss increases dramatically with
the rise of armature current due to the increase of eddy current loss. On the other hand, the PM
loss resulting from the PM field variation almost keeps constant with the increase of armature
current which indicates the permeability has not be influenced much by the armature current.
Fig.3.7 illustrates the eddy current loss distribution with PM and armature reaction excitation
respectively, when the load current is 80A. It is obvious that a significant portion of eddy
current is induced in the inner part of magnets due to armature reaction only. It indicates more
asynchronous harmonics due to armature reaction penetrate deeper into the magnets compared
with those from PM field. However, it remains unknown the contribution of each asynchronous
armature reaction harmonic to the resultant eddy current loss. Hence, in the next section, the

segregation of PM eddy current loss due to each harmonic in the armature reaction is conducted.

Table 3.1 Specifications of 6-slot 4-pole High Speed PM Machine

Parameters Parameters
Stator outer diameter (mm) 90 Stator yoke thickness (mm) 7
Stator bore diameter (mm) 42 Stator teeth width (mm) 10.87
Split ratio 0.46 Packing factor 0.6
Rotor outer diameter (mm) 36 Stack axial length (mm) 55
Sleeve thickness (mm) 2 Number of turns per phase 20
PM thickness (mm) 6 Pole-arc to pole pitch 1
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Fig.3.5. Spectra of radial flux density due to PM and armature reaction respectively (/a=80A).
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Fig.3.6. Magnet loss due to different origins.
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Fig.3.7. PM eddy current distribution due to different origins. (a) PM field only. (b) Armature
reaction field only. (c) Resultant field. (l-=80A).
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3.2.3 Segregation of PM Eddy Current Loss Due to Each Spatial Harmonic

in Armature Reaction

For a typical 6s/4p-Non-overlapping HSPMM, the stator MMF can be written as:

F.(0,t)= Z,F,, cos(k6, Lo, 1) 3.1)

=F, cos(20, —w, t)+ F, cos(40, + o, t) + F; cos(860, — w, 1)...

where Fndenotes the amplitude of 4th- harmonic, ws denotes the electrical angular frequency.

In the rotor reference frame, the following can be observed:

0,=6, +ar (3.2)
0, =2 (3.3)
p

substituting into (3.1):
F(0,t) = F, cos(26,) + F, cos(46, + 3w, t) + F, cos(86. + 3w, t) + F,, cos(106, + 6, 1)... (3-4)

As can be seen from (3.4), the 4™ and 8™ special harmonics due to armature reaction
contributes significantly to the 3™ spatial harmonic seen by the magnet. The 10" and 14%
special harmonics lead to the presence of 6™ harmonics in the magnet. Table 3.2 lists the
harmonic characteristics of MMF in the 6s/4p HSPMM. Fig.3.7 illustrates the amplitudes of
the MMF spatial harmonics when the load current is 80A.

Fig.3.8 shows the basic procedure for the armature reaction harmonic induced magnet loss
segregation. The amplitude of each MMF harmonic should be determined in the FE model at
the first stage. The permeability is saved under the load condition. Then, the specific harmonic
is modelled with the method introduced in [ZHU18]. After that, the PM permanence is set to
be zero and the stator and rotor iron permeability is frozen. Finally, with the specific harmonic

as the only excitation modelled in step 2, the corresponding magnet loss is calculated.

The key of loss segregation is modelling of individual harmonic in MMF. As shown in
Fig.3.9, an outer slotless stator consists of eight pieces of sinusoidally magnetized PMs with
the speed of 0.5, is set up. The stator PMs are distributed evenly at the inner surface of the
stator. The thickness of stator PMs should be as thin as possible so that the distribution of stator
MMEF can be equivalent. The remanence of stator PMs are adjusted according to the obtained
amplitude of the specific MMF harmonic. Similarly, the initial position of the stator PMs is
adjusted according to the obtained phase angle of the specific MMF harmonic.
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Table 3.2 Harmonic characteristics of MMF in 6s/4p- HSPMM

Harmonic order Winding factor Rotation direction
Order Seen by rotor Kn Sgn
2 0(DC) 0.866 +
4 3 0.866 -
8 3 0.866 +
10 6 0.866 -
14 6 0.866 +
16 9 0.866 -
20 9 0.866 +
0.1
0.08 -

=

~ 0.06 -

)

=

E —

= 0.04 -

g
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O T T T H T |_| T T D T D T T —
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Fig.3.8. Amplitude of each spatial harmonic of MMF (/a=80A).

According to the amplitude and phase angle shown in Table 3.3, each corresponding slotless
model is set up. The field distributions of the dominant harmonics are illustrated in Fig.3.10. It
can be seen that the 2"! harmonic penetrates into the rotor magnets deeper than the other two
harmonics. In addition, the value of the 2! harmonic is larger as shown in Fig.3.7. However,
the 2" harmonic rotates at the same speed and direction from the rotor point of view. Hence,

no eddy current loss would be induced from the 2™ harmonic.
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On the other hand, both the 4™ and 8™ harmonics penetrate into the permanent magnets and
rotate asynchronously with the rotor, inducing significant variation of flux density in the
magnets. Fig.3.11 illustrates the flux density at the surface of rotor magnets from different
origins. It can be seen that the superposition of the 2™ and 4™ and 8™ harmonics is almost

identical to the original MMF, indicating the validity of harmonic modelling techniques.

Determination of amplitude of
each spacial harmonics in MMF
Modelling of each spacial
harmonics
Frozen permeability
Set PM remanence to 0

'

Calculate the magnet loss
resulting from specific harmonics

Fig.3.9. Procedure for armature reaction harmonic induced magnet loss segregation.

Sinusoidally
magnetised

Rotor core

12w,
—_—
Stator core

Fig.3.10. Modelling of 4" harmonic in MMF.
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Table 3.3 Amplitude and phase angle of dominant MMF harmonics (/a=80A)

Harmonics Amplitude (T) Phase(°)
Slotted model | Slotless model | Slotted model | Slotless model
2 0.0867 0.0865 180.7 180.2
4 0.0480 0.0473 168.68 167.34
8 0.0163 0.0159 345.70 344.69

(a)

(b)

(c)
Fig.3.11 Distribution of each MMF spatial harmonic (/:=80A). (a) 2™ spatial harmonic.

(b) 4" spatial harmonic. (c) 8" spatial harmonic.
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Fig.3.13 illustrates the eddy current distributions due to different harmonic sources. Fig.3.14

compares the amplitude of eddy current loss due to different harmonic sources. The following

can be observed:

1)1t is obvious that the 4™ spatial harmonic dominates the contribution of the induced eddy

current loss due to larger wavelength and amplitude. The 8" spatial harmonic contributes

105



less than 2% of the total eddy current loss due to armature reaction.
2) The superposition of eddy current loss due to 4th harmonic and 8th harmonic (276.92W) is
almost identical to the loss produced by the 4th and 8th harmonics acting together. It

indicates that the interaction between the 4th and 8th harmonics is negligible in high speed

PM machines.
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Fig.3.13. Distributions of eddy current due to different sources (la=80A). (a) 4™ spatial
harmonic. (b) 8" spatial harmonic. (c) 4™ and 8" spatial harmonics. (d) MMF.
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Fig.3.14. Resultant PM eddy current loss due to different sources.
3.3 Analysis of Slotting Opening Effect on the Rotor Magnet Loss

In this section, the slotting opening effect on the resultant eddy current loss of the 4-pole
HSPMM with different numbers of stator slots is investigated. The analysis is firstly focused
on the 6-slot/4-pole HSPMM. The slotting opening effects on the eddy current loss resulting

from open-circuit and armature reaction field are comprehensively studied.

3.3.1 Slotting Effect on Magnet Loss Due to PM Harmonics

From Fig.3.5, it can be seen that significant asynchronous PM harmonics do exist in the
magnet surface which induce the open-circuit magnet loss. Fig.3.15 shows the variation of flux
density at the magnet surface with different slot opening angle. It is clear that the flux distortion
become more serious with the enlarged slot opening angle. It can be seen from Fig.3.15 (b) that

the amplitude of the 3th harmonic keeps increasing with the slot opening.

Fig.3.16 illustrates the variation of magnet loss due to PM harmonics. Hence, for the 6-
slot/4-pole HSPMM. 1t is obvious that the eddy current loss due to PM harmonics is minimum
when the slot opening angle is zero. Hence, a stator with closed slot or magnetic wedge should

be adopted from the perspective of reduction of magnet loss.

107



<
)

slot opening=0 deg
------- slot opening=3 deg

slot opening=6 deg
— = -slot opening=9 deg

o

)

o
1

Flux density (T)
o
0

7
Fj
-.. .’
0.75 4
N/
0.7 T T T T T
0 60 120 180 240 300 360
Rotor position (Elec.deg.)
(a)
0.05
slot opening=0 deg
Oslot opening=3 deg
0.04 - Oslot opening=6 deg
_ Oslot opening=9 deg
= 0.03 -
=
£ 0.02 1
=
™
=
= 0.01 ~
O T T T T T T T T H_I_ll T

1 2 3 4 5 6 7 8 9 10 11

Harmonic order

(b)
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Fig.3.16. Variation of magnet loss due to PM harmonics with different slot opening angle.
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3.3.2 Slot Opening Effect on Armature Reaction Field Induced Magnet Loss

As has been proved in Section 3.2.3, the 4™ spatial harmonic in the armature reaction
accounts for the vast majority of contributing sources to the magnet loss due to armature
reaction. However, the 4™ spatial harmonic consists of both the original 4" spatial harmonic as
well as the modulated 4™ harmonic due to slot opening effect [ZHU18]. The 2™ fundamental
harmonic in the stator MMF, which is modulated by the 6™ stator permanence harmonic,
generates the 4™ slot harmonic. Hence, in this section, the decomposition of portions of the
original 4" spatial harmonic in the armature reaction and the modulated 4 slot harmonic in

the contribution of magnet loss is firstly quantified.

The flowchart for the determination of magnet loss due to the original MMF harmonics is
illustrated in Fig.3.17. The key procedure is to obtain the original MMF harmonics before
modulation. Hence, the equivalent current sheet method (ECSM) is adopted in order to
approximate an identical MMF with the slotted stator. The current sheet is placed at the slot
opening as shown in Fig.3.18. FSCW denotes the conventional FE model with winding in the
stator slot. It should be noted that the rotor magnet is closer to the stator MMF in the ECSM-
based FE model. The amplitude of harmonics with higher order in ECSM tends to be larger
with same current, as shown in Fig.3.19. It can be seen that the 4" spatial harmonic is
significantly increased. The flux penetrated into the magnet will be increased as well, as shown
in Fig.3.18. Hence, in order to obtain an equivalent MMF, a calibration factor & is defined as
the ratio between the amplitudes of specific harmonic in the FSCW and ECSM models,

respectively.

k== (3.5)
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Step.1 FSCW-1,=1,,.,
Step.2 MMF-FSCW-1,=1, .4
Obtain MMF with FP method
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Modelling a equivalent MMF

'

Step.4 Slotless-ECSM o

Obtain spatial harmonics before modulation

'

Step.5 Modelling specific harmonics r

Step.6 Obtain loss in slotted model | *?:

Fig.3.17. Flowchart for the determination of magnet loss due to original MMF harmonics.
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(b)
Fig.3.18. Equal potential distributions of armature reaction in different models. (a) FSCW (b)
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Fig.3.19. Comparison of radial air gap flux densities due to MMF by FSCW and ECSM models
(1==80A).
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Fig.3.20. Comparison of radial air gap flux density spectra due to MMF by FSCW and ECSM
models (l-=80A). (a) Amplitude. (b) Phase angle.

Fig.3.21 shows the air gap flux densities due to MMF in two different models. It can be seen
that the 4™ spatial harmonic in the ECSM-based model is the same with that in FSCW model.
Although the 10" spatial harmonic in the ECSM model is still larger than that in FSCW model,
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the contribution of the 10™ harmonic to the generation of the resultant magnet loss is negligible.
Thus, the magnet loss due to MMF in the FSCW model is the same with that in the ECSM

model after calibration.

In order to further obtain the original MMF before slot modulation, the slotless stator is used
to replace the slotted stator in ECSM-based model. Hence, the amplitude and phase of specific
harmonic before modulation can be determined. Then, with the same modelling method
mentioned in the previous section, the contributing spatial harmonic in the MMF without
modulation can be obtained in step 5. Finally, the slotless stator is replaced by the slotted stator
so that the magnet loss due to the original MMF harmonics can be obtained. Hence, the
amplitude of the original 4™ spatial harmonic in the MMF can be obtained. On the other hand,
the modulated 4™ harmonic from the 2" spatial harmonic can be determined with the same

method.

Fig.3.22 shows the amplitude of the original 4™ harmonic in the MMF and the 4™ harmonic
modulated by the 2" harmonic in the MMF. Compared with the original MMF harmonics, the
amplitude of the modulated 4™ harmonic is very small. On the other hand, the amplitude of
modulated 4™ harmonic will be increased with the enlarged slot opening angle due to enhanced
modulation effect. However, the modulated 4™ harmonic does contribute to a small portion of

magnet loss, as can be seen in Fig.3.22.
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Fig.3.21. Comparison of air gap flux density spectra and magnet loss due to MMF (Z:=80A).
(a) Amplitude. (b) Magnet loss.
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3.4 Comparison of Armature Reaction Induced Magnet Loss with

Different Slot and Pole Number Combinations

In the previous section, the influential harmonics for the magnet loss generation in the
armature reaction of the 6-slot 4-pole HSPMM are quantified. However, the spatial harmonics
in MMF are significantly related with the slot and pole number combination. For the four-pole
HSPMM, it remains unknown how the stator winding configuration which yields distinct
spatial MMF harmonics affects the generation of magnet loss. Hence, in this section, three
machines with same pole number of 4 but different slot numbers of 6, 9, 12 are compared in
terms of armature reaction induced magnet loss. The selected topologies are typical machines
equipped with coil pitch of 1, 2, 3, as shown in Fig.3.24. Of all the machines to be investigated,
the rated torque is around 5.45Nm. The rated current is 80A. The specifications of three

machines are given in Table 3.4.

Table 3.4 Parameters of Machines

Parameter A B C
Pole number 4
Slot number 6 9 12
Coil pitch 1 2 3
Stator bore diameter(mm) 42 43.4 49.8
Tooth body width(mm) 10.8 8.28 8.2
Stator yoke height(mm) 7.0 54 7.45
Slot opening(mm) 3.29 2.47 0.9
Stator outer diameter(mm) 90
Stack length(mm) 55
Sleeve thickness 2
Number of turns per phase 20
Magnet thickness(mm) 6
Magnet p, 1.05
Remanence(T) 1.2
Magnetisation Parallel
Magnet conductivity((2'm)™!) 6.67E+05

116



(©

Fig.3.24. Cross-sections of investigated 4-pole HSPMMs with different coil pitch.
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Fig.3.25 illustrates the variation of magnet loss due to MMF with phase current for three
machines. It can be observed that the armature reaction induced magnet loss in the 6-slot 4-
pole HSPMM is the maximum of all. On the other hand, the HSPMM with 12-slot/4-pole and
full pitched winding shows distinct advantages in maintaining a lower magnet loss. In order to
further explain this phenomenon, each contributing harmonic in the MMF of three machines
should be determined with the proposed loss segregation method in Section 3.2.3. Thus, in this
section, the amplitude of each spatial harmonic is firstly identified. Then, the contribution of
each harmonic to the magnet loss can be further determined. For comparison of three machines,
it is essential to identify the characteristics of the inherent MMF. Then, the harmonics which
actually account for the generation of magnet loss can be compared. The low-order pass filter

effect of air gap and magnet is therefore revealed.

In [WU12], it was pointed out that the amplitude of spatial harmonics is dependent on both
the winding factor and the harmonic order. For the 6-slot/4-pole and 12-slot/4-pole HSPMMs,
the winding factors for all the feasible harmonics are 0.866 and 1, respectively. For the 9-slot
4-pole HSPMM, only the fundamental spatial harmonic and slot harmonics, such as the 7™
harmonic and the 11" harmonic, have a relatively higher winding factor of 0.945. That explains
why the amplitude of sub-harmonic is smaller than the 7% harmonic in the 9-slot 4-pole

HSPMM.
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Fig.3.25. Variation of magnet loss due to MMF with phase current.
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Table 3.5 Harmonic characteristics of MMF in three machines

8 91011 121314151617

Harmonic order Winding factor Rotation direction
Order | Frequency seen by rotor Kw sgn
6s/4p | 9s/4p | 12s/4p | 6s/4p | 9s/4p | 12s/4p | 6s/4p | 9s/4p | 12s/4p
1 - 1.5f - - 0.139 - -
2 0(DC) 0.866 | 0.945 1 +
4 3f 3f - 0.866 | 0.060 - -
5 - 151 - - 0.060 - +
7 - 45f - - 0.945 - -
8 3f 3f - 0.866 | 0.139 - +
10 of 6f 6f 0.866 | 0.139 1 -
11 - 45f - - 0.945 - +
13 - 75f - - 0.060 - -
14 of 6f 6f 0.866 | 0.060 1 +
1.2
O6-slot 4-pole #9-slot 4-pole & 12-slot 4-pole
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7N 7
N\ - - 0o
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Fig.3.26. Winding factors for each MMF harmonic in three machines.
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Fig.3.27. Spectra of air gap flux density due to MMF for three machines (l-=80A).

In order to further identify the contributing harmonic sources for the three machines, the flux
density inside the magnet are extracted at the selected two points shown in Fig.3.28. The two
points are selected to be at the outer and inner surface of magnets, respectively. The penetration
depth of harmonics can be further observed by the comparison of amplitudes in these two points.
Fig.3.29 and Fig.3.30 show the flux density waveforms at this two points and the corresponding
spectra. Fig.3.32 illustrates the magnet loss due to different harmonic sources. Several findings

are summarized as follows:

1) It is interesting to note that only the amplitude of the sub-harmonic (Point 1) in MMF of the
9-slot/4-pole machine is increased compared with that at Point 2. All the other harmonics
are significantly reduced in terms of amplitude. This can be attributed to the larger
wavelength of the sub-harmonic. The penetration depth of lower order harmonic is larger
than that of higher order harmonic, which is reflected in Fig.3.29. Hence, the eddy current

loss at the inner side of magnets is mainly caused by the lower-order harmonics in MMF.

2) On the other hand, the relatively thicker air gap and PM in HSPMM act as the low-order
harmonic filter [MA19]. The flux weakening effect becomes more obvious for the higher
order harmonics than the lower order harmonics. From Fig.3.27 and Fig.3.28, it can be seen
that the amplitudes of the 12th harmonics for all three machines at point 2 become negligible

compared with those at point 1. In addition, the amplitude of the 9th harmonic resulting from

120



the 7th and 11th spatial harmonics in the 9-slot/4-pole HSPMM at point 1 is also significantly
reduced. Hence, the eddy current loss at the outer side of magnet is caused by both the super-

harmonics and sub-harmonics in MMF.

3) The value of armature-reaction induced eddy current loss depends both the penetration depth
and the amplitude of MMF harmonics. For the 12-slot/4-pole HSPMM, only the 10th and
14th spatial harmonics are noticeable on the magnet outer surface. Those harmonics
penetrate into the magnets with a smaller depth. In addition, those higher order super-
harmonics normally have a lower amplitude as illustrated in Fig.3.25. Hence, these two
factors yield the smallest magnet loss in three machines. On the other hand, although
significant sub-harmonics do exist in the MMF of the 9-slot/4-pole HSPMM, its amplitude
is relatively low due to small winding factor. The magnet loss due to sub-harmonics is
comparable to that from the 7th harmonic. On the contrary, the 4th spatial harmonic with
relatively larger amplitude in the 6-slot 4-pole yields significant magnet loss at both the outer
and inner sides of the magnet. This accounts for its maximum value of magnet loss in three

machines.

Point 1

Point 2

Fig.3.28. Positions of selected points inside the magnets.

121



0.08

6-slot 4-pole
0.04 - 9-slot 4-pole

€ 04 12-slot 4-pole

z

‘Z -0.04

5

<= -0.08

=

= -0.12 -

-0.16 A
_0.2 T T T T T
0 60 120 180 240 300 360
Rotor position (Mech.deg.)
(a)
0.075
O6-slot 4-pole B 9-slot 4-pole @ 12-slot 4-pole
0.06 -

= il .
;}0.045 ) ‘7/th&11thharmon1c
_q;: 0.03 - 10th A8}4th harmonic
E Ist&S5th

0.015 1 harmonic

x
0 T E T T $ T T T T T T T T T |-|IH T T
1 3 5 7 11 13 15 17 19 21

Harmonic order

(b)

Fig.3.29. Variation of flux density at the magnet outer surface (Point 1, /-=80A).
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Fig.3.30. Variation of flux density at the magnet inner surface (Point 2, /==80A).
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Fig.3.31. Magnet loss due to different spatial harmonics in 9-slot/4-pole HSPMM (Z.=80A).

(a) Sub-harmonic. (b) 7" harmonic.
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3.5 Experimental Validation

In order to verify the theoretical analysis on the rotor magnet loss of HSPMM, three
machines with same pole number of 4 but different stator slot number and coil pitch are
prototyped. The main parameters are given in Table 3.5. Due to the huge difficulties to measure
the rotor magnet loss directly, the tests of small scaled prototype machines are only used for
the validation of FE harmonic analysis in this section. The stator configurations can be seen in

Fig.3.31.

Table 3.5 Parameters of Prototype Machines

Parameter A B C
Pole number 4
Slot number 6 9 12
Coil pitch 1 2 3
Stator bore diameter(mm) 34.08 35.1 38.6
Tooth body width(mm) 7.71 5.64 4.19
Stator yoke height(mm) 5.36 4.71 5.08
Slot opening(mm) 2.5 2.5 2.5
Stator outer diameter(mm) 90
Stack length(mm) 30
Air gap thickness(mm) 2
Number of turns per phase 20
Magnet thickness(mm) 6
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The test rig for the back-EMF and on-load phase current measurement is shown in Fig.3.32.
The prototype machine can be driven to the required speed. The back-EMF can therefore be
measured. In addition, the phase current can be measured when the machine is fed with the
load shown in Fig.3.32. The measured and simulated open-circuit back-EMFs as well as the
spectra are shown in Fig.3.33. The harmonics of back-EMF are extracted based on the FFT
analysis, as illustrated in Fig.3.34. It can be seen that the measured results agree well with the
predicted ones. The mild difference is caused by the ignorance of leakage of ending winding

in FE models and manufacturing error.

On the other hand, it is interesting to find that the 5™ and 7 time harmonics in the back-
EMF of the 9-slot/4-pole HSPMM is almost negligible. This is quite advantageous from the
high-speed motor control point of view. The potential current harmonics resulting from the 5

and 7™ harmonics in the back-EMF will produce significant rotor magnet loss.

Fig.3.35 illustrates the test rig for the torque measurement. The measurement method was
introduced in [ZHUOQ9]. The measured and FE predicted cogging torque waveforms and the
corresponding spectra are shown in Fig.3.36 and Fig.3.37. Fig.3.38 illustrates the measured
phase current waveform of the 9-slot/4-pole machine in the generating mode. As shown in
Fig.3.32, the generator driven by the dynamometer is connected to a three-phase AC resistance
load. The operating speed is 20krpm. As can be seen from Fig.3.39, the measured torque
matches well with the FE predicted one with a deviation less than 10%, confirming the validity

of the FE models.
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Fig.3.31. Three stators with alternate coil pitch. (a) Coil pitch=1(6-slot/4-pole). (b) Coil
pitch=2 (9-slot/4-pole). (c) Coil pitch=3 (12-slot/4-pole).
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Fig.3.32. Test rig for back-EMF and on-load phase current measurement.
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Fig.3.33. Measured and simulated back-EMF waveforms (#=20000rpm). (a) 6-slot/4-pole
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Fig.3.35. Test rig for torque measurement.
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3.6 Summary

In this chapter, the rotor magnet loss analysis is conducted on the 4-pole HSPMM with the
focus on the loss segregation. Firstly, the contribution of PM field and armature reaction field
to the resultant rotor magnet loss of a 6-slot/4-pole HSPMM is determined. It is found that both
the PM field and armature reaction field variation contribute significantly to the production of
magnet loss. The portion of armature reaction-induced rotor magnet loss increases vastly with
load current. Then, each individual MMF harmonics are modelled with a slotless stator
equipped with Halbach magnetized magnets so that their share to generation of the magnet loss
can be quantified. The validity of harmonic superposition principle is also confirmed with the
FE method. It is observed that the 4™ spatial harmonic dominates in the production of magnet
loss for the 6-slot/4-pole HSPMM. In addition, the slotting effect on both the PM field-induced
and armature reaction induced magnet losses is revealed. It is found that the open-circuit
magnet loss due to slot opening is significantly increased with the enlarged slot opening angle.
On the other hand, the magnet loss generated by the 4™ spatial harmonic due to slot modulation
is almost negligible. The armature reaction induced magnet loss with different stator slot (6, 9,
12) and winding coil pitch (1, 2, 3) is compared as well. It is found that the value of magnet
loss is dependent on both the penetration depth and the amplitude of asynchronous spatial
harmonic, which are determined by the specific slot and pole number combination. Finally,
three 4-pole HSPMMs with different stator slot number and coil pitch are prototyped and tested.
Due to the huge difficulties of direct measurement of magnet loss, only the back-EMF and
electromagnetic torque of three machines are measured. The measured results match well with
the FE predicted ones in terms of both the amplitude and harmonic order of back-EMF and

electromagnetic torque.
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Chapter 4 Investigation of Unbalanced Magnetic

Force in Fractional-Slot PM Machines with Odd
Number of Stator Slot

In Chapter 3, it is shown that the HSPMM with 9-slot 4-pole configuration exhibits significant
advantages in terms of maintaining a low rotor eddy current loss as well as the short end-
winding length. However, its inherent unbalanced winding configuration will finally yield
potential unbalanced magnetic force (UMF) which is undesirable for the rotor stability of
HSPMM. As a matter of fact, fractional-slot PM machines with odd number of stator slots such
as 9-slot 8-pole machine are attractive candidates for industrial applications due to high torque
density and low torque ripple. However, the existence of UMF is detrimental to the bearing
and yields noise and vibration. First of all, this chapter determines the criterion for existence
of UMF either on open-circuit or on-load condition by analytical analysis of air gap field and
magnetic force wave. It is found that only when the machine periodicity is one, will the open-
circuit UMF be generated due to the mutual interaction between the modulated PM harmonics
and the original PM harmonics. In addition, the existence of on-load UMF in machines with
periodicity of one is confirmed since both the self-interaction of armature reaction harmonics
and the mutual interaction between the fundamental PM harmonic and the armature reaction
harmonics will appear even when the slotting effect is ignored. Furthermore, among the five
investigated machines with a given odd slot number of 9 but different pole numbers, the UMF
in a machine with two poles is the smallest in machines with periodicity of one since the
magnitude of the 2" harmonic in armature reaction is the smallest compared with other
contributing harmonics. On the other hand, the UMF in a machine with pole number 2p=N;s-1
is the largest due to relatively larger magnitude of the (p+1)™ armature reaction harmonic as
well as the additive effect between the first order radial and tangential stresses. Finally, a
prototype machine with 9-slot 6-pole configuration is implemented and tested. The measured
data confirm the validity of the electromagnetic performances obtained from the 2D FE model

and the analytical models.
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4.1 Introduction

Fractional-slot permanent magnet (PM) machines have been gaining increasing interest over
last decade due to high efficiency, high torque density, and low torque ripple, as well as high
flux-weakening capability [CRO02], [REF05], [BIAO6b], [ZHUO7a], [BIA08], [REF10]. In
order to reduce the cogging torque and on-load torque ripple, odd stator slot number is a design
alternative without skewing stator slots or rotor magnets in fractional-slot PM machines

[HAN10], [DOR11], [YOL17].

On the other hand, unbalanced magnetic force (UMF) which jeopardizes the bearing life and
yields noise and vibration may occur in fractional-slot machines with odd number of stator
slots, even when there are no rotor eccentricities or other manufacture tolerances [BI97],
[DOROS], [LI09], [ZHUO7b]. As shown in Fig.4.1 (d), (¢), machines with odd slot number Ns
and pole number 2p differed by one are typical representatives, e.g. 9-slot 8-pole machine and
9-slot 10-pole machine. Such machines are featured with high winding factor thus high torque
density and low torque ripple whilst exhibiting the UMF due to the asymmetric field

distribution.
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Fig.4.1. Configurations of 9-slot machines with different pole numbers (Ns/2p). (a) 9s/2p. (b)
9s/4p. (c) 9s/6p. (d) 9s/8p. (e) 9s/10p.

Hence, the UMF in fractional-slot PM machines has always been one of the significant issues
in the field of electrical machines over the last few years [BIN73], [DORO08], [MAHI15],
[KIM16]. The production and characteristics of UMF in different types PM machines with and
without rotor eccentricity are comprehensively studied. In order to reveal the harmonic content
and the generating mechanism of UMF, Maxwell stress tensor method is normally adopted in
literature [JAN96], [JANO3], [MIC14] [MAH15], [KIM16]. In [JAN96], it was pointed out the
unbalanced radial magnetic force in the 9-slot 8-pole and 9-slot 10-pole machines exhibit the
UMF. In [JANO3], the preference of Halbach magnetization rather than radial magnetization
for high-speed slot-less machine for reduction of UMF was highlighted. In [MIC14], an
approximate analytical model was developed for the prediction of UMF due to rotor
eccentricity with due account only for the radial air gap field. [KIM16] investigated the UMF
due to rotor eccentricity in a toroidally wound BLDC motor. In [MAH15], an analytical model
was proposed to investigate the impact of rotor eccentricity in a synchronous reluctance

machine.

However, all of the aforementioned literature failed to take account of either the tangential
component of air gap flux density or the tangential magnetic travelling stress in the analysis of
UMF. Although compared with the radial flux density, the tangential counterpart is relatively
small, it may still contribute significantly to the resultant UMF, which was verified in [BIN73],
[DOR10], [WU10b], [ZHU13]. In [DOR10], UMF was analytically derived together with the
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finite element (FE) analysis of fractional-slot PM machines with different slot/pole number
combinations with and without rotor eccentricities, providing an excellent guideline for the
design of fractional-slot PM machines. It was pointed out that the UMF in a 9-slot 6-pole
machine is negligible compared with that of a 9-slot 8-pole machine due to the symmetrical
winding disposition for the machine with 9-slot 6-pole. Hence, there only exists the open-
circuit UMF rather than additional on-load UMF due to the absence of winding harmonics with
the order varying by one for this type of machine. However, it remains unclear of the criterion
for this open-circuit UMF existence in the fractional-slot PM machines with odd stator number.
In [WU10b] and [ZHU13], it was demonstrated that a UMF can be divided into two sources
resulting from radial magnetic stress and tangential magnetic stress respectively. It was
validated that the on-load UMF in a 9-slot 8-pole machine is significantly larger than that in a
9-slot 10-pole machine due to the different effect between the radial magnetic stress and
tangential stress. It was concluded that they are additive for the machines having pole number
2p=N;s-1, e.g. 9-slot 8-pole, but are partially cancelling for the machines having pole number
2p=Ns+1, e.g. 9-slot 10-pole. However, the majority of the findings focused on the machines
having 2p= Ns%1. It is still unknown how the UMF would be affected in the fractional-slot PM
machines with lower pole number, e.g. 27-slot 4-pole machine, which are design candidates
for high speed applications [RED11], [ZHA15], [ZHA17]. Thus, this paper focuses on the
systematic investigation of UMF in fractional-slot PM machines having odd number of stator

slots.

This chapter is organized as follows. In Section 4.2, the air gap field and magnetic forces are
analytically analyzed in order to identify the contributing harmonic sources in the fractional-
slot PM machines with odd number of stator slots. Then, in Section 4.3, the existence of the
open-circuit and on-load UMF in different types of fractional-slot PM machines can be
determined, together with FE validation. Afterward, in Section 4.4, five machines with a given
odd slot number of 9 but different pole numbers, i.e. 2, 4, 6, 8 and 10 are compared in terms of
UMF so that the influence of slot/pole combination on UMF can be determined, especially for
the machines with lower pole number. Finally, the numerically predicted results are validated

by the experimental measurements in Section 4.5, together with the conclusion in section 4.6.
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4.2 Analytical Analysis of Air Gap Field and Magnetic Forces

In this section, the analytical analysis of air gap field harmonics in fractional-slot PM
machines with odd number of stator slots is conducted so that the contributing sources of UMF
can be further identified. As pointed out in [WU10b], the tangential component of air gap field
should be taken into account due to its significant contribution to the tangential travelling stress
thus the total unbalanced magnetic force. Meanwhile, it should be noted that the analytical
model adopted here is not for accurately predicting the air gap field magnitude but the harmonic
order and the corresponding rotating speed, direction and phase angle. Hence, the following

assumptions are made.

1) The permanence of iron lamination is infinite which means the saturation effect is ignored.
2) The relative permeability of permanent magnet is considered to be equal to that of air.
3) Only the 2-D field is considered. The flux leakage and end-effect are neglected for simplicity.
4.2.1 Open-Circuit Air Gap Flux Density

Generally, for a fractional-slot PM machine with surface mounted magnets, the magnetic
motive force generated by the PMs can be assumed as the square wave which is variable with
air gap circumferential position, as shown in Fig.4.2. Its Fourier series expansion F. (a, t) can

be expressed as

F(a,t)= i 4 cos[ip(a.t—a)] (4.1)

i=1,3,5...

where i is the harmonic index and 4, denotes the amplitude the ith harmonic which has been
revealed in [ZHU93]; p is the number of rotor pole-pairs; w, is the rotor angular mechanical

speed.

On the other hand, the air gap permanence distribution can be modeled as shown in Fig.4.3,

with the consideration of stator slotting effect. Its Fourier series can be written as

P(a)=F+ i P.cos[jN (a—-a,)] (4.2)

J
j=1,2,3...

where Po denotes the dc component of air gap permanence; j is the harmonics index; Nsis the

stator slots number; «, is the initial rotor position angle.
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Therefore, the radial field component of open-circuit flux density with the consideration of

slotting effect can be obtained by multiplying F, (, t) and P (6) from (1) and (2) as

0

B =F(a.)P(@)= Y. B, cosip(w,t~a)]

i=1,3,5...

PM —original harmonics

% >, 2 Blcos(ipwi—a) +cos(ipa,t —ay)] (43)

PM —modulated harmonics

a, =(ip+ jN,)a— jN «a,

aZ =(lp_.]Ns)a+JNsa0

It can be seen that the open-circuit radial PM harmonics consist of both the original
harmonics with the order of ip and the modulated harmonics with the order of |ip +jNs| due to

stator slotting effect.

As revealed in [ZHU93], the tangential PM field under open-circuit shares the same
harmonic order as well as the rotation speed and direction with those of radial one. The only

differences lie in the amplitude and phase angle.

A

F (@)
7 A B I T
2p 2p 2p 2p

Fig.4.2. MMF distribution generated by PMs in fractional-slot PM machines.

% Po)

20

Fig.4.3. Air gap permanence distribution accounting for stator slots.
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4.2.2 Armature Reaction Air Gap Flux Density

For a fractional-slot PM machine, the armature reaction MMF can be expressed as Fourier

series:
Fo(a,t)= Z F cos[pw.ttva)] 4.4)

where F, denotes the amplitude of the vth- order harmonic, v represents the harmonic order

index whose value will be given in the following.
Similarly, the armature reaction flux density accounting for the slotting effect can be

obtained as the product of MMF and air gap permanence

arm

B, = Fyyc(@,0)P(@) = 3 F,F, cos pa,t tva))]

MMF —original harmonics

1 o0 0
+EZ Z F,P[cos(pw,t+tay)+cos(potta,)] 4.5)

v j=1,2,3

MMF —modulated harmonics

a3 =(V+]Ns)a_]Nsa0

a4 =(V_st)a+sta0

From (5), it can be seen that apart from the original MMF harmonics with the order of v, the
modulated MMF harmonics with the order |v £ jNs| also exist due to air gap permanence

variation.

In order to further identify the harmonic order of MMF armature reaction, the machine
periodicity should be clarified. For the fractional-slot PM machines with Ns slots and p pole
pairs, the periodicity ¢ is defined as the great common divisor between Nsand p [BIA09]

t=GCD{N,,p} (4.6)

In this paper, for the machine having odd number of stator slots, the value of ¢ is always odd
(=1, 3, 5...) which indicates that the MMF distribution contains harmonics of both even and
odd orders multiplied by ¢ On the other hand, all triple MMF harmonics are cancelled out in

the symmetrical three-phase winding. Therefore, the harmonic order of armature reaction field
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can be written as |(3n £1)¢ + jNs| (n=0,1,2... j=0,1,2...).

Table 4.1 Attributes of Air Gap Field in Fractional Slot PM Machines Having Odd

Number of Slots
Sources Harmonic order Rotating speed
PM ficld lip + jNs| POy
ie ip £ jNs -
P+ lip + jN|
A ion field 3n+ Dt +jN P
rmature reaction fie |(3n + 1)t + jNg| 1Gnt Dt LN,

Hence, the modulated on-load air gap field of a fractional slot PM machine having odd
number of stator slots can be obtained by adding (5) to (3). The attributes of air gap flux

harmonics are given in Table 4.1.

4.2.3 Radial Stress and Tangential Stress

According to the Maxwell stress tensor, the radial and tangential magnetic stresses can be

obtained by

1
F,=—(B!~B;)
24,
BB
Fa — I a
Hy

(4.7)

where Brand B« denote the radial and tangential flux density components in air gap either on

open-circuit or load condition.

As mentioned in the previous section, the harmonic orders in the radial and tangential air

gap fields are the same.

4.2.4 Unbalanced Magnetic Force

It is well known that the unbalanced magnetic force results from the asymmetric air gap field
distribution. Similarly, it can be obtained by the Maxwell stress tensor in the rectangular

coordinate as

144



F=F. +F,
2z
=rl, IO (F.cosa—F sina)da

_ (4.8)
F,=F,+F,,

=rl, .[02” (F.sina+F, cosa)da

where 7 refers to the position at which flux density is accumulated. /. is the stack length.

Table 4.2 Attributes of Radial and Tangential Travelling Stress

Source Harmonic order
li;p + jiNg| £ lizp £ joNgl
Open-circuit PM llap 22N 2P £ /2]l
(i1, =1, 3,5...j1,j>=0,1,2...)
Armature |(3ny £ 1)t £ jiNg| £ |(3n, £ 1)t £ j, Ny
reaction (n1, m=0, 1, 2... j1,j>=0,1,2...)
On-load : : :
Mutual liup £ JiNs| £1Bnz £ Dt £ jo N
interaction (n1, m2=0, 1,2... j1,j>=0,1,2...)

Note: MI designates for mutual interaction of PM field and armature reaction
field.

4.3 Existence of Criterion for Unbalanced Magnetic Force in PM

Brushless Machines Having Odd Number of Stator Slots

In this section, the existence criterion of unbalanced magnetic force in fractional slot PM
machines having odd number of slots will be firstly elaborated. The canceling effect of radial
stress and tangential stress in each sub-motor of one specific type of machines with odd stator

slots will then be revealed.
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4.3.1 Determination for UMF Existence

From (4.8), it can be concluded that due to the orthogonality of trigonometric function, only
the first-order harmonic component in the radial stress as well as the tangential stress will
generate UMF. On the other hand, from Table I, although abundant harmonics do exist in the
air gap, only when the harmonic orders of any two flux harmonics differ by one, will the first-
order harmonic of the stress be produced. On the other hand, the existence of UMF in fractional
slot PM machines is closely related with the slot/pole number combination (Ns/2p) either on

open-circuit or load condition.

For slot/pole combinations of odd slot number as investigated in this paper, the following

relations can be given
A. Open-circuit

As discussed in the previous section, the air gap harmonics under the open-circuit condition
can be classified into two types: original PM harmonics and corresponding modulated one. The

features of the open-circuit air gap field are summarized in Table 4.3.

Table 4.3 Attributes of Open-Circuit Air Gap Field

Sources Harmonic order
Original PM harmonics it(3m*1)
Modulated PM harmonics lit(3m=£1) +jt(6k+3) |

Hence, the difference between any two field harmonic orders can be summarized as follows:

1) Harmonic order difference between the original PM harmonics: t(3m + 1)(i; — i,);
2) Harmonic order difference between the modulated PM harmonics and the original one:

t[(Bm £ 1)i; — |i;(3m + 1) + j;(6k + 3)];
3)Harmonic order difference between the modulated PM harmonics: t[|i;(3m + 1) +

J1(6k +3)| = |i;(3m £ 1) £ j,(6k + 3)];

From the forgoing equations for the existence criterion of UMF under the open-circuit
condition, it can be seen that whatever the machine periodicity t is, no UMF exists under the
open-circuit if the stator slotting effect is ignored since the harmonic order difference between
any two original PM harmonics is not smaller than two. On the other hand, only when the
machine periodicity t equals to one, will the open-circuit UMF be generated since the harmonic

order difference between either modulated PM harmonics or original PM harmonics must be
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the multiple of 7.

To conclude, for the fractional slot PM machine having odd number of stator slots, the open-
circuit UMF will only exist when the great common divisor between the number of stator slots

and rotor pole pairs is one. This UMF is caused by the stator slotting effect.
B. On-load

When the machine is under on-load condition, it is essential to investigate whether the
adjacent armature reaction harmonics differed by one exist. In addition, the mutual interaction
between PM harmonics and armature reaction harmonics should also be accounted for.
Actually, it is the most significant source contributing to the production of UMF, if any, due to

the relatively larger amplitude of PM field.
Hence, the harmonic order difference can be written as:

1) Self-interaction in armature reaction harmonics:
t[(3ny 1) + jy (6k + 3)| = |B3ny + 1) + jp(6k + 3)I1;
2) Mutual-interaction between PM harmonics and armature reaction harmonics: t[|(3n, +
D 1 j1(6k +3)| = [i(3m £ 1) & j,(6k + 3)]];
It can be found that the harmonic order difference in either self-interaction or mutual
interaction is always the multiple of t, even when the slotting effect is considered for the
armature reaction. When the machine periodicity is larger than one, no UMF will be produced

under the on-load condition.

On the other hand, when the machine periodicity # is one, the UMF due to self-interaction of
armature reaction harmonics and mutual interaction with PM harmonics will be produced even
when the slotting effect is ignored. This is because the armature reaction always consists of the

1th and 2nd harmonics when =1, hence the self-interaction will appear.

As for the mutual interaction, there always exist the corresponding armature reaction

harmonics which differ by one with the PM fundamental harmonics, as shown in Table 4.4.

In summary, only when the machine periodicity is one, will the UMF be produced in
fractional slot PM machines having odd number of stator slots both on open-circuit and on-

load condition.
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Table 4.4 Harmonic Sources of UMF Due to Mutual Interaction

Sources
Pole pairs number PM fundamental Armature reaction
harmonic order harmonic order

In—1=3m+2

p=3m+1 3m+1 (n=m+1)
In+1=3m-—2

p=3m-—1 3m—1 (n=m—1)

4.3.2 FE Validation

In order to verify the forgoing theoretical analyses, in this section, two 9-slot surface-
mounted PM brushless machines with different rotor pole numbers, as shown in Fig.4.1,
corresponding to different machine periodicity are compared by FE method. The design

parameters are listed in Table 4.5.

Fig.4.4 illustrates the open-circuit air gap field spectra of two machines. For the machines
with periodicity of 1, it can be seen that the modulated PM harmonics interacting with adjacent
original PM harmonics leads to the open-circuit UMF. On the other hand, for the machines
with periodicity of three, it is obvious that the harmonic order difference between existing
harmonics must be triplen. Thus, no UMF will be produced under this circumstance, as shown
in Fig.4.5. It can be seen that there still exists a negligible amount of UMF in the machine with
periodicity >1. This is introduced by the local saturation in the stator which yields certain

adjacent PM harmonics interacting with the existing one.

Under on-load condition, it is important to determine whether there exists mutual interaction
between adjacent PM harmonics and armature reaction harmonics. As shown in Fig.4.6 (a), in
the machine with periodicity of 1, the sub-harmonic in the MMF interacts with the PM
fundamental harmonic, which contributes most to the production of UMF. Meanwhile, for the
machine with periodicity of three, the harmonic order difference between the armature reaction
and PM harmonics must be multiples of three. Hence, there will be no additional UMF
compared with open-circuit condition. Fig.4.7 shows the profile of on-load UMF in the
rectangular coordinate. It can be seen that the additional UMF resulting from armature reaction
only exists in machines with periodicity of 1. The on-load UMF of machine with periodicity >1

is negligible.
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Fig.4.4. FE predicted open-circuit radial air gap field spectra for two 9-slot machines.
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Fig.4.5. Open-circuit UMFs for two 9-slot machines.
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Fig.4.6. FE predicted on-load radial air gap field spectra for two 9-slot machines (/a==80A). (a)
t=1(4-pole). (b) =3 (6-pole).
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Fig.4.7. On-load UMFs for two 9-slot machines (la=80A).

4.4 Influence of Slot and Pole Number Combinations on

Unbalanced Magnetic Force

In the previous section, the existence criterion of UMF in fractional slot PM machine with
odd number of stator slots is clarified. However, it remains unknown how the slot and pole
number combination influence the magnitude of UMF in machines with periodicity of one. In
this section, five machines with same odd stator slot number of 9 but different rotor pole
numbers of 2, 4, 6, 8, 10 are compared in terms of UMF. Two machines are featured with a
low pole number (9-slot 2-pole and 9-slot 4-pole) and the other two machines have the slot and
pole number differing by one (9-slot 8-pole and 9-slot 10-pole). Of all the machines to be
investigated, the rated torque is around 2.6Nm. The rated current is 80A. It should be noted
that the current advance angle is zero which indicates that the current is in phase with the phase
back-EMF. The initial rotor position is defined as the rotor position at which the magnitude of

Phase A back-EMF is zero.

The cross-sections of five machines are shown in Fig.4.1. The detailed design parameters
are listed in Table 4.5. The variations of UMF with the phase current for four different machines

are illustrated in Fig.4.8. Obviously, the magnitudes of UMF in fractional-slot PM machines
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with odd number of stator slots are closely related to the slot and pole number combinations
which determine the adjacent field harmonics thus the magnetic stress and force. It can be seen
that the 9-slot 8-pole machine has a significantly larger UMF compared with that of others. On
the contrary, the UMF of the 9-slot 2-pole machine is the smallest among all the five machines,
except for the 9-slot 6-pole machine with periodicity of 1. Meanwhile, the UMF in the 9-slot
4-pole machine is slightly larger than that in the 9-slot 10-pole machine. In order to further
explain this phenomenon, both the radial travelling stress and tangential travelling stress which
are significant sources contributing to UMF are calculated analytically by the Maxwell stress
tensor method given in (4.7). It should be noted that the air gap flux density is based on FE
method. The radial and tangential components of flux density are acquired in the Maxwell 2D

so that magnetic stresses are thereby obtained as shown in Fig.4.9.

Table 4.5 Parameters of Machines

Parameter A B C D E
Slot number 9
Pole number 2 4 6 8 10

Stator bore diameter(mm) 28 | 39 | 40 | 38 | 40

Tooth body width(mm) 56 | 56575963

Stator yoke height(mm) 6 | 47 | 43 | 41 3
Stator outer diameter(mm) 90
Stack length(mm) 30
Air gap length(mm) o)
Slot opening(mm) 2.5
Number of turns per phase 24
Magnet thickness(mm) 6
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For all five machines, the number of fluctuations in one mechanical cycle corresponds to the
pole number. Similarly, with the air gap flux density variation, there also exist the drops in the
stress profile which are caused by the stator slotting effect. As discussed in Section II, there are
abundant harmonics in the radial and tangential magnetic stresses. However, only the first order
component will contribute to the UMF. Hence, the first spatial order components are illustrated
in Fig.4.10 by fast Fourier transform. It can be seen that the radial and tangential magnetic
stresses in the 9-slot 8-pole and the 9-slot 10-pole are much larger than those in the 9-slot 2-

pole and the 9-slot 4-pole. In addition, the value for the 9-slot 6-pole machine is negligible.
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Fig.4.10. First order of stress of 9-slot machines. (a) 9-slot/2-pole machine. (b) 9-slot/4-pole

machine. (c) 9-slot/6-pole machine. (d) 9-slot 8-pole machine. (e) 9-slot/10-pole machine.
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This can be explained by the comparison of air gap flux density harmonics of these four
machines as shown in Fig.4.11. As has been proven in Section II, the first order component of
magnetic stress is mainly generated by the mutual interaction of fundamental PM harmonics
and adjacent armature harmonics due to armature reaction. It can be found that magnitudes of
the 5 spatial harmonic in the 9-slot 8-pole machine and the 4" spatial harmonic in the 9-slot
10-pole machine are significantly larger than those of the 1% spatial harmonic in the 9-slot 4-
pole machine and the 2" spatial harmonic in the 9-slot 2-pole machine. Hence, this will result
in difference of magnitude of magnetic stress. Generally, the magnitudes of the 1% and 2"
spatial harmonics due to armature reaction are always smaller than those of the (p-1) ™ and
(p+1) " spatial harmonics, thus leading to a smaller first order magnetic stress for the fractional-

slot PM machines with a lower pole number.

Meanwhile, the value of UMF is also influenced by the phase of first order component of
radial and tangential magnetic stresses which will determine whether cancelling or additive
effect presents. As can be seen from Fig.4.10, in the 9-slot 2-pole machine and the 9-slot 8-
pole machine, the tangential magnetic stresses are 90 degrees in advance compared with the
radial magnetic stress. On the contrary, in the 9-slot 4-pole machine and the 9-slot 10-pole
machine, the radial magnetic stresses are 90 degrees in advance of the tangential stress. The
spatial phase differences in four machines eventually determine whether the radial magnetic
stress and tangential magnetic stress are superimposed or canceled, as shown in Fig.4.12. It can
be seen that the additive effect exists in the 9-slot 2-pole and 9-slot 8-pole machine whilst in
the 9-slot 4-pole and 9-slot 10-pole machines the radial magnetic stresses are partially cancelled.
Fig.4.13 shows the average UMF resulting from the radial and tangential magnetic stresses as
well as the resultant UMF. Although the radial magnetic stress and tangential stress are additive
in the 9-slot 2-pole machine, the amplitude of stress is the relatively small which overall leads
to the smallest resultant UMF. On the other hand, due to the same additive effect as well as
relatively larger magnetic stress in the 9-slot 8-pole machine, the resultant UMF is the largest
among four machines. For the 9-slot 4-pole machine and the 9-slot 10-pole machine, the
resultant UMFs are comparable and depend on the difference of radial and tangential magnetic

stresses.
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Fig.4.11. On-load air gap flux density harmonics of four machines. (a) Radial flux density

harmonics. (b) Tangential flux density harmonics.
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(b)
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(d)

(e)
Fig.4.12. Cancelling and additive effects of magnetic stresses in 9-slot machines. (a) 9-slot 2-

pole. (b) 9-slot 4-pole. (c) 9-slot 6-pole. (d) 9-slot 8-pole. (e) 9-slot 10-pole.
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magnetic stress.
4.5 Experimental Validation

Due to negligible UMF, a fractional-slot PM machine with 9-slot and 6-pole configuration
is prototyped. As shown in Fig.4.14, the stator is equipped with nine non-overlapping coils.
The rotor magnets are axially segmented in order to reduce the rotor eddy current loss. Due to
the difficulties in the direct measurement of UMF, the electromagnetic performances of the
prototype are tested so that the validity of the 2D FE model and the analytical models can be

confirmed. The conclusion for the UMF based on the harmonic analysis can be further verified.

The measured and simulated open-circuit back-EMFs as well as the spectra are shown in
Fig.4.15. The harmonics of back-EMF are extracted based on the FFT analysis, as illustrated

in Table 4.6. It can be seen that the measured results agree well with the predicted ones.

Fig.4.16 illustrates the cogging torque and static torque profile as well as the variation of
peak torque with current. The measured torque matches well with the FE predicted one with a

deviation less than 10%, confirming the validity of the 2D FE models.
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Table 4.6 Harmonics in the Back-EMF of 9-slor 6-pole Prototype Machine

9-slot 6-pole phase back-EMF (%)
Harmonic order FEA Measured
1 100 (0.93V) 100 (0.88V)
3 1.79 1.21
5 16.40 12.37
7 0.86 0.72
9 0.66 0.39
11 1.80 1.13
13 0.88 0.47

(b)

Fig.4.14. 9-slot 6-pole prototype machine. (a) Stator assembly. (b) Rotor assembly.
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Fig.4.15. Measured and simulated back-EMF waveforms (n=400rpm). (a) Back-EMF profile.
(b) Spectra.
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4.6 Summary

In this chapter, the criterion for existence of UMF both on open-circuit and on-load condition
in fractional-slot PM machines with odd stator slot number is investigated. It is concluded that
only when the machine periodicity is one and the stator slotting effect is considered, will the
open-circuit UMF be generated due to the mutual interaction between the modulated PM and
original PM harmonics. On the other hand, the existence criterion of on-load UMF in the
machines with periodicity of one is confirmed since both the self-interaction of armature
reaction harmonics and the mutual interaction between the fundamental PM harmonic and the
armature reaction harmonics will appear even when the slotting effect is ignored. For the
fractional-slot PM machines with periodicity >1, e.g. 9-slot 6-pole machine, the first order of
radial magnetic forces and tangential magnetic forces are quite small due to the absence of
adjacent field harmonics thus the resultant UMF is negligible. Furthermore, the fractional-slot
PM machines with a lower pole number, e.g. 2-pole and 4-pole, are compared with machines
with a pole number 2p=Ns*1. The UMF in machine with two poles is the smallest due to the
smallest magnitude of the 2™ harmonic in armature reaction compared with counterparts in
other machines. Instead, the UMF in the machines having pole number 2p=Ns-1 is the largest

due to the relatively larger magnitude of the (p+1)™ armature reaction harmonics as well as the
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additive effect between the first order radial and tangential stresses. Overall, in fractional-slot
PM machines with a given odd number of stator slots of 9, the machines with periodicity >1,
e.g. 9-slot 6-pole, 9-slot 12-pole as well as the machines with two-pole, e.g. 9-slot 2-pole are
more preferred in terms of UMF. Finally, a prototype 9-slot 6-pole PM machine is
manufactured and tested. The measured data confirm the validity of the electromagnetic
performances obtained from the 2D FE model and the analytical models, which indirectly

verify the conclusions on the UMF.
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Chapter 5 Design and Analysis of High-Speed PM
Machines  Considering Electromagnetic  and

Mechanical Issues

In this chapter, the rotor stress analysis is conducted on a high-speed PM machine with
segmented magnets retained by carbon-fibre sleeve. The rotor permanent magnet segmentation
is first considered in the stress analysis of HSPMM. An explicit analytical model is firstly
established whose results are then compared with that from 2D and 3D finite element methods
(FEM). The worst operating scenario for HSPMM rotor mechanical robustness considering the
PM segmentation is identified Afterwards, the geometric constraints considering the
mechanical issue can be determined. Based on the transformation of mechanical issue into
geometric constraints, a novel multi-physics design methodology for HSPMM considering

both the electromagnetic and mechanical issue is proposed.
5.1 Introduction

High-speed PM machine (HSPMM) is very promising for high-speed application due to
higher efficiency, power factor, and utilization factor in comparison with other types of high-
speed electrical machines. However, there are still many obstacles and challenges for the
HSPMM design, especially on the rotor side. Significant rotor eddy current loss and rotor
mechanical stress will be produced under high-speed operation. Fig.1 illustrates a typical rotor
cross-section of high-speed PM machine. Normally, the rotor pole numbers of high-speed PM

machines are selected to be 2 or 4 depending on specific requirements and constraints.

Rso Back-iron

Sleeve

Magent Shaft

Fig.5.1. Cross-section of a typical 4-pole high-speed PM machine rotor.
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The 4-pole rotor is more inclined to be adopted for high-power high-speed applications due
to reduced end-winding length and stator copper loss, which are quite advantageous for stator
thermal equilibrium in high power application [JANO4], [BINO6], [LUI14], [ZHA15].
However, the relatively high fundamental frequency introduced by the higher pole number will
inevitably lead to higher rotor PM eddy current loss. Hence, for the 4-pole high-speed PM

machine, the rotor magnets are usually segmented to reduce the eddy current loss.

In addition, as shown in Fig.5.1, the rotor magnets are retained by the sleeve to withstand
the extremely high tangential stress resulting from high speed. Generally, the retaining sleeves
can be classified into two types: Non-metallic ones and metallic ones. Glass-fiber and carbon-
fiber are typical non-metallic sleeves which are featured with high yield strength and low mass
density [BINO6]. This is quite desirable for the protection of PMs. In addition, the sleeve
thickness can be maintained minimum for a given operating speed so that its influence on the
air gap flux density can be minimized. The problem for this type of sleeve mainly lies in the
thermal aspect. The thermal conductivity of carbon-fiber is quite low which means the heat
generated from the rotor magnets cannot be dissipated easily [L114]. Hence, the rotor magnets
are normally segmented to reduce the eddy current loss. Alternatively, the copper shield may
be placed at the inner side of carbon-fiber sleeve [SHA09]. On the other hand, the metallic
sleeve such as titanium and Inconel are equipped with a relatively lower strength to density
ratio compared to that of carbon-fiber. The advantages of metallic sleeve are high thermal
conductivity and electrical conductivity as well as cost. The eddy current will be induced in the
metallic sleeve instead of magnets. The metallic sleeve acts as the shield for the harmonic
penetration into the magnets. Nevertheless, the selection of retaining sleeve should not only
consider the mechanical aspects such as the magnet protection but also the electromagnetic and

thermal aspects including the rotor eddy current loss reduction and rotor thermal issue.

In this chapter, the retaining sleeve is selected to be the carbon-fibre due to its large tensile
strength. At high-speed operation, the rotor components will suffer huge centrifugal force and
certain amount of thermal stress. The permanent magnet material ideally has a high
compressive strength (800MPa) and a medium flexural strength (120MPa), but it is rather
brittle [HUA16]. Hence, stress analysis is key issue for the mechanical robustness of HSPMMs.
There are generally two sub-issues involved in the stress analysis of HSPMMs. Firstly, the
exact value of stress in each rotor parts should be obtained. Then, the maximum stress induced

in each components of the rotor should be ensured within the material strength under all
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operating speed and temperature, especially for PMs which are quite vulnerable to tangential
tensile stress. In addition, the contact pressure pointing to the inner side should always exist so

that the electromagnetic torque can be transferred to the shaft.

The methods for stress calculation can be classified into analytical and numerical ones.
Several papers on the analytical calculation of rotor stress can be found [BIN06], [WANO7],
[BOR10], [BUR17]. [BINO6] proposed a simplified analytical model for stress calculation
based on the assumption that the rotor is strictly rotational symmetry. In [WANO7] and
[BOR10], the displacement technique was adopted for the stress calculation of the HSPMM
with the nonmagnetic alloy sleeve. The PM rotors are normally modelled as the multi-layered
cylinders. However, all the aforementioned analytical models are based on the assumption of
planar stress which is valid for rotors with short axial length. Hence, in [BUR17], a 3D
analytical model considering the axial stress was established for both solid and hollow magnet
rotors in the plane strain condition. Although all these analytical solutions can provide a
fundamental insight from the stress generation to reduction, as pointed out in [BIN06], the non-
linear factor such as geometry discontinuity and edging effect cannot be considered in the
analytical model. A derivation can still be generated in the analytical models. Hence, in order
to obtain the exact value of rotor stress, 2D or 3D Finite-Element Methods (FEM) are more
widely adopted in the calculation of rotor stress with complicated structure or other
aforementioned non-linear factors. In this chapter, the limitation of analytical calculation will

also be highlighted in Section 5.2.

Another important design consideration is to ensure all the obtained stress within the material
limit in the whole operating speed and temperature range, so does the contact pressure.
Whenever the speed and temperature change, there is always the contact pressure pushing
magnets into the rotor back-iron. Hence, it is essential to find the worst operating scenarios
with respect to operating speed and temperature for each components of the rotor. The rotor
stress is therefore checked only under the worst operating scenario instead of the whole
working range. In fact, quite a few papers discussed about this issue. [BIN06] did point out the
thermal expansion must be considered due to its significant portion in the sleeve tangential
stress. However, how the rotor stress is affected by the temperature is not further studied.
[FAN17] did investigate the worst operating points for the rotor with carbon-fiber sleeve.
However, the PM tangential stress was ignored in the analysis. [ZHA15] comprehensively

investigated the influence of operating speed and temperature on the sleeve and magnet
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tangential and radial stresses.

However, all the mentioned findings are only valid for the PMs in an integral ring. The
potential influence of PM segmentation on the worst operating scenarios is ignored in the
literature. On the other hand, the influence of PM segmentation on the amplitude of rotor stress
also remains to be investigated. It will be demonstrated in this chapter that certain sleeve stress
concentration will occur while the segmented magnets are under tensile tangential stress. As a
matter of fact, the stress concentration issue in the HSPMM with inter-pole gap has been
reported in several papers. In [BINO6], the inter-pole gap was cancelled in order to avoid the
sleeve stress concentration. In [ZHA15], it was concluded that the inter-pole filler can
significantly reduce the stress concentration. In addition, the influence of material properties
on the stress concentration cancelling effect was also revealed. In this chapter, three types of

pole filler with different shapes are compared in terms of sleeve and PM stress reduction.

As can be concluded from the previous analysis, the rotor mechanical design is closely
related with the electromagnetic design. As a matter of fact, the design of HSPMM has never
been about one single aspect only. Several issues should be addressed including the loss
reduction, rotor integrity and so on. Hence, several multi-physics design methodologies for

HSPMM are proposed.

The most traditional design method is conducting the optimization in each of sub-models
(electromagnetic, mechanical, thermal, etc.) separately and iteratively [ZWYO05], [GER09],
[HUA16], [DU19]. The optimization is conducted individually in each domain which is called
fragmented conception [PFI10]. This methodology ensures that all the physical constraints can
be considered. However, the problem lies in the ignorance of mutual influence between those
different design aspects. The electromagnetic optimum may not be the real optimum when the
mechanical constraints are considered. [FEN19] gives a good example of how the optimal
electromagnetic design is influenced by the mechanical constraints by showing the
determination of optimal split ratio of HSPMM. Thus, it is necessary to establish a design

methodology which considers the multi-physics mutual interactions.

Generally, there are two different ways for the multi-physics design considering the mutual
influence. One way is to establish a simplified analytical model so that a mathematical
optimization can be conducted [PFI10], [JAN11], [BER16]. The advantage of this method is

that it is super fast and very convenient. It also provides significant insights into the principles
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of the machine. However, some non-linear factors are ignored in the analytical models such as
local saturation in the electromagnetic model or local concentrated stress in mechanical model.
Thus, another multi-physics optimization is based on the FE method. A typical example of
rotor shape optimization for IPM is introduced in [YAM13]. In [YAM13], a shaping technique
considering the stress and electromagnetic field is proposed for the high speed machine. The
permeability and the core-loss coefficients used in the electromagnetic field analysis are
modified due to the results of the stress analysis. This method has the advantages in that it can
be applied to complicated structures. However, the cost is enormous computation time due to

the two-way coupling between the electromagnetic aspect and the mechanical aspect.

In order to combine the merits of accuracy of FE-based multi-physics design and
convenience of analytical-based mathematical optimization, in this chapter, a novel design
methodology which considers the electromagnetic and mechanical stress constraints
simultaneously is proposed. The mechanical stress limitations are transformed into the
geometric constraints which are incorporated in the electromagnetic design. The influence of

mechanical constraints on the electromagnetic design can be clearly identified.

This chapter will be organized as follows. In Section 5.2, the explicit analytical models
considering the material anisotropy and thermal effects are established. The analytical results
are then compared with the ones from 2D and 3D FEM respectively. The phenomenon of sleeve
stress concentration due to PM segmentation is therefore revealed in this section. The
conditions of the stress concentration are also clarified. Then, the influence of PM segmentation
on the worst operating scenario is studied. Meantime, the influence of sleeve thickness and
interference fit on the rotor stress while the PMs are segmented is investigated, providing a
guideline to avoid the presence of stress concentration by adjusting these two parameters.
Furthermore, the stress concentration due to geometry discontinuity is systematically
investigated. Pole-fillers with different shape are compared in terms of reduction of sleeve
tangential stress and PM tangential stress. Based on the transformation of mechanical stress
constraint into the geometric constraints, a novel multi-physics design methodology for
HSPMM considering mechanical and electromagnetic issue simultaneously is proposed in
Section 5.3. Finally, in Section 5.4, a prototype 6-slot 4-pole machine is made based on the
previous guidelines. The electromagnetic performance is validated by the experiments together

with the summary given in Section 5.5.
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5.2 Rotor Mechanical Stress Analysis of High-Speed PM Machines

Considering PM Segmentation

Although the general expressions of rotor stress in HSPMM with carbon-fibre sleeve were
given in [BOR10] and [ZHA15], the detailed expression of coefficients were missing. In order
to obtain the exact value of rotor stress in the HSPMM with carbon-fibre sleeve, in this section,
the explicit 2D analytical analysis of the rotor stress is conducted on a 4-pole high-power high-
speed PM machine with the highest power and speed of 25kW and 100krpm, respectively. The
rotor thermal expansion and material anisotropy are considered. Then, the analytically
predicted results are compared with 2D and 3D FEM predicted data to verify the validity and
constraints of those stress-predicting methods. In addition, the impact factors for the rotor stress
are obtained by the analytical analysis so that the worst-case scenario can be further determined
with and without consideration of magnet segmentation. The following paragraphs are from

[J4].

5.2.1 Theoretical Analysis of Rotor Stress with Carbon-Fibre Sleeve

The analytical model assumes planar stress which is normally correct for the rotor with short
axial length. The planar strain model should be accounted for only in very long cylindrical
rotors in which the axial stress will occur. It should be noted the magnet segmentation is not
considered in the analytical model for simplicity. However, in the following section, the
analytical data will be compared with 2D and 3D FEM predicted results considering the magnet
segmentation which verifies the validity and limitation of 2D planar stress model shown in

Fig.5.1.
5.2.1.1 Analytical analysis

The basic strategy for obtaining the stress analytically is to establish of the correlations
between stress and displacement. Then the general solution of stress can be further determined
by solving the non-homogeneous differential equation. The coefficients can be obtained

through the boundaries condition.
A. Sleeve stress

According to Hooke’s law for linear-elastic material, the relationship between stress and

strain considering material anisotropy and temperature rise can be written as [YON13]
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where &-and €9 denote the radial strain and tangential strain of sleeve material with anisotropy
such as carbon-fibre. £, and Es represent the radial and tangential Young’s modulus,
respectively. vor and vy are radial and tangential Poisson’s ratios, respectively. The following

relations can be given:

<
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ar and as denote the radial and tangential coefficients of thermal expansion (CTE). AT is the
temperature rise of the sleeve material. It should be noted that the rotor temperature rise in this
analytical model is considered to be constant for each cylinder parts in the radial direction for

simplicity. Thus, the following relations can be obtained:

OAT
or

0 (5.4)

In order to establish the differential equation for displacement, the relations between the

strain and the radial displacement u are given as

ou
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Substituting (5.3) and (5.5) into (5.2), the radial and tangential sleeve stresses can be written
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On the other hand, according to the material mechanics theory, the balance differential

equation can be given by [YON13]
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where p denotes the material density and € is the rotating speed of the material. Substituting

(5.6) and (5.4) into (5.7), the differential equation of displacement can be obtained
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The general solution of the non-homogeneous differential equation (5.8) is

i i B C
=Cyr¥ "+ Cpr ™ + AT + %
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Where Cs1 and Cs2 are integration constants depending on the boundaries which will be given
later. Substituting (5.10) and (5.4) into (5.6), the sleeve radial and tangential stresses can be
finally obtained as
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B. PM stress

For the PM stress calculation, the general procedure is the same as that of sleeve stress. Due

to the isotropic characteristic for PM material, the following can be given:

Er = EH = Em
(5.12)

V@r = vr@ = vm

Similarly, substituting (5.12) into (5.8), the differential equation for the radial displacement

of PM can be written as

r —+r——u+E—v’”p O =0 (5.13)

The general solution for this differential equation can be given as

c, 1-v
= Cor =22 8Evm p, QO (5.14)

ml

m

Where Cm1 and Cm2 are integration constants depending on the boundaries which will be given

later. The PM radial stress and tangential stress can be obtained as

O-mr = — szEm iz—l— (3+vm)pm92r2 + leEm _ memAT
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(5.15)

- CnhE, 1 (v, +D)p 0 [ G PuEAT
" l+v, = 8 l-v, 1+v,

C. Rotor back-iron stress

The radial displacement for the rotor back-iron can be similarly written as
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The radial and tangential stresses in the rotor back-iron can be given as
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where E» and vy are Young’s modulus and Poisson’s ratio, respectively. Cb1 and Cb2 are

integration constants depending on the boundaries.

For the geometric constraints, there is always an interference fit between the retaining sleeve
and the rotor magnets so that the pre-stress generated by the sleeve can be imposed on the
magnets to withstand both the centrifugal and tensile forces at high speed. In addition, due to
the existence of pre-pressure on the magnets, there is no fit requirement for the interface

between the rotor back-iron and the magnet inner face. Thus, the following can be given:

mo Si ; (5.18)

On the other hand, the boundary conditions should be given to determine the six integration

constants in (5.11), (5.15) and (5.17). Hence, the six boundary equations are given as

o.(0) £
O-sr (Rso) = 0
Gvr (Rvi) - Gmr Rm()) = 0
R ( (5.19)
O-mr (le) - O-br (Rbu) = 0
umr (Rmo) - usr (Rsi) = 5
Z/lbr (Rbo ) - Z/lmr (le) = 0

The detailed expressions of those six constants are quite lengthy and complicated which are

given as follows.
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5.2.1.2 FE validation

In order to verify the validity of analytical models for the rotor stress calculations, in this
section, the 2D FE and 3D FE rotor models are established. The analytically predicted data are
compared with those obtained in 2D and 3D FE models with and without consideration of

magnet segmentation. The rotor structural parameters and the material properties are given in

Table 5.1 and Table 5.2.
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Table 5.1 Main Parameters of Rotor Geometry

Parameter Symbol Value
Pole pair number p 2
Sleeve outer radius(mm) Rso 25
Sleeve inner radius(mm) Rsi 22.5
Sleeve interference fit(mm) ) 0.25
PM outer radius(mm) Rmo 22.625
PM inner radius(mm) Rmi 15.125
Back-iron outer radius(mm) Rvo 15.125
Shaft radius(mm) Rui 5
Stack length(mm) [ 60

Table 5.2 Material Properties

PM Carbon-fibre Structural
Material
(NdFeB) 1 // steel
Density(kg/m?) 7500 1790 7850
Young’s Modulus (GPa) 160 9.5 186 210
Poisson’s ratio 0.24 0.018 | 0.31 0.3
CTE(um/m/°C) 8 35 0.02 10
Tensile Tensile
80 1400
Maximum allowable strength(MPa) ) ) 500
Compressive | Compressive
800 -120

A. Rotor stress validation without PM segmentation

In the following, the rotor stress is calculated with a whole magnet ring or cylinder
established in the FE models. Fig.5.2 shows the distribution of sleeve stress in the 2D and 3D
FE models, respectively. It can be seen that the maximum sleeve stress occurs at the contact
surface between the sleeve and the magnets due to the pre-stress induced by the inference fit.
On the other hand, as shown in Table 5.3, the analytical data are compared with the FE
predicted ones under both the cold and hot states, respectively. The analytical results agree well
with the FE prediction one, indicating the validity of analytical model under this linear

circumstance. In addition, the 2D FE predicted results match well with 3D FE predicted one,
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which indicates a quite small stress in the axial direction and therefore justifies the planar stress
assumption in the analytical models. Hence, the analytical models and 2D FE model are more
suitable for the stress calculation due to shorter computation time as well as acceptable

accuracy.
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Fig.5.2. Sleeve tangential stress without magnet segmentation (T=20°C n= 100krpm). (a) 2D.
(b) 3D.
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Table 5.3 Comparison of Different Stress Models

Rotor stress (MPa) Calculation models
Analytical | 2D-FEA 3D-FEA
Sleeve Tangential T=20°C 1018.5 1023.4 1025.3
(Inner side) T=150°C 1201.6 1214.5 1178
Sleeve Radial T=20°C -85.3 -88.4 -88.0
(Inner side) T=150°C -120.9 -112.3 -125.9
PM Tangential T=20°C 65.7 66.3 69.0
(Inner side) T=150°C -21.5 -23.2 -20.3
PM Radial T=20°C 0.18 0.15 0.20
(Inner side) T=150°C 0.05 0.04 0.07

B. Rotor stress validation considering PM segmentation

For high-speed PM machines, the metallic sleeve or the permanent magnets are always
segmented to reduce the rotor eddy current loss [SHE13], [YAMO09]. As has been mentioned,
the rotor stress is mainly in the form of planar stress. Thus, in this section, the edging effect
resulting from the circumferential segmentation is considered in the 2D FE model. It should be
noted that except otherwise stated, the PM segmentation in this paper all refers to the

circumferential segmentation.

The permanent magnet is established as a whole ring and eight individual segments in the
2D FE model which corresponds to the different scenarios. The influence of segment number
will be studied in Section IV. Fig.5.3 illustrates the variation of rotor tangential stress with
operating speed with and without consideration of PM segmentation, respectively. The

following observations can be concluded:

When the magnets are under the compressive tangential stress at a relatively lower operating
speed (<90krpm), both the sleeve stress and PM stress remain stable while the magnets are
segmented. The magnet segmentation will not cause a significant difference in terms of rotor

stress under this condition.

While the operating speed is relatively higher (>90krpm), the PM tangential stress due to
rotation exceeds the pre-stress imposed by the retaining sleeve. The overall PM tangential

stress tends to be tensile instead of compressive. As shown in Fig.5.3, the sleeve tangential
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stress will rise sharply with the increase of operating speed. Fig.5.4 shows the sleeve tangential
stresses with and without magnet segmentation at the speed of 100krpm. The stress
concentration does occur at the position aligned with edges of the magnets. When the magnets
are under the tensile stress which increases significantly with the operating speed, the tangential
displacement will become larger as well, as shown in Fig.5.6. Hence, the geometry
discontinuity will be more serious. This in turn deteriorates sleeve stress concentration which

will be investigated individually in Section V.

Although the sleeve stress will increase significantly when the magnets are segmented and
under the tensile strength, the PM tangential stress is reduced compared to that of an integral
PM ring, as shown in Fig.5.3. This is because the gaps between the magnets provide a leak way
for the travelling of tangential stress. Fig.5.5 shows the PM tangential stress with and without
PM segmentation at the speed of 100krpm. The hottest spot transfers from the inner side of
PMs to the outer middle part. The maximum PM tangential stress is reduced from 66.3MPa to
21.9MPa.

To conclude, the analytical models established in this paper can predict the stress of rotor
with satisfying accuracy while the PMs are not segmented. For the rotors with segmented
magnets, the edging effect must be considered in the FE models, especially when the PMs are
under the tensile strength. Significant stress concentration will occur at the inner side of sleeve.

On the contrary, the PMs itself will benefit from the segmentation due to the presence of leak

way.
= 2300 :
E o Analytical [l]
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2 o - With segementation Sleeve o
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Fig.5.3. Variation of rotor tangential stresses with operating speed with and without magnet

segmentation. (T=20°C)
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Fig.5.4. Sleeve tangential stresses with and without magnet segmentation (T=20°C

n=100krpm). (a) Without segmentation. (b) With segmentation.
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Fig.5.5. PM tangential stresses with and without magnet segmentation (T=20°C n=100krpm).
(a) Without segmentation. (b) With segmentation.
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Fig.5.6. Variation of segmented PM tangential displacements with different operating speed

(T=20°C). () n=90krpm. (b) n=120krpm.
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5.2.2 Determination of Worst Operating Scenarios Considering PM

Segmentation

In the previous section, the influence of PM segmentation on the amplitude of rotor
tangential stress has been determined. However, this is only applicable within a narrow speed
range at a single rotor temperature. It remains unclear how the rotor stress will be affected in
the whole operating speed and rotor temperature range. Moreover, the rotor stress is also
significantly influenced by the mechanical design parameters such as sleeve thickness and

interference fit which can be seen from the established analytical equations.

Fig.5.7 shows the stress-impact factors which are grouped into three groups, namely
operating parameters, mechanical design parameters and geometry parameters. In real cases,
the geometry parameters are firstly determined in the initial electrical design process. With the
geometric parameters obtained from the initial electrical design, the mechanical design can
thereby conducted. The rotor stability check is normally conducted for different choices of
mechanical design parameters such as interference fit and sleeve thickness. Fundamentally, the
rotor mechanical stability conditions for a high-speed surface-mounted PM machine can be

written as

Reﬂ:as m (7")] < Gimit’ Gc < 0
{ ’ ‘ (5.27)

R,<r<R,0<Q<Q <T<T

As can be seen from (5.27), each rotating parts in the rotor must be smaller than the yield
strength or the tensile strength depending on the type of materials. For the carbon-fibre sleeve
and permanent magnet investigated in this paper, the Tresca’s criterion should be adopted. The
tangential stresses of sleeve and magnet must be smaller than the material tensile strength. In
addition, the contact pressure between the magnets and the rotor back-iron must be negative in
the cylindrical coordinate system, indicating that there is always a pressure pushing the PMs
into the back-iron so that the torque can be transferred. It should be noted that the
aforementioned conditions should be fulfilled in the whole speed and rotor temperature range.
Hence it is necessary to figure out the influence of operating speed and temperature on the rotor
stress so that maximum rotor stress can be quickly obtained and the post-check of mechanical
solutions can be more efficient. In other words, the worst operating scenarios concerning with

the speed and temperature should be determined, especially when the magnets are segmented.
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’ 1. Operating parameters

Speed # and temperature 7'

2.Mechanical design parameters
Sleeve thickness
Rotor material (p, £, v,a... )
Interference fit 0
PM segment number N

3.Geometry parameters

PM outer radius Rmo,
PM inner radius Rmi,

I Sleeve thickness /1,
—

Fig.5.7. Influential parameters for rotor stress.

A. Sleeve tangential stress

Fig.5.8 illustrates the variation of maximum sleeve tangential stress at the inner side of
sleeve with operating speed and rotor temperature with and without consideration of PM

segmentation. The observations can be found in the following paragraphs.

When the magnets are under the compressive tangential stress, the maximum sleeve
tangential stress increases significantly with the rise of operating speed and temperature,
regardless of the magnet segmentation. The sleeve tangential stress consists of pre-tangential
stress, rotating tangential stress and thermal tangential stress. The latter two parts will increase
with the rise of speed and rotor temperature. The increase of speed and temperature will yield
the different level of displacements for the magnets and sleeve due to the different material
properties. The actual interference fit will be significantly enlarged with the increase of speed
and temperature compared to static one. This can be validated by the increase of sleeve inner
side radial stress as shown in Fig.5.9. It can be seen that when the temperature rises from 20°C

to 150 °C, the sleeve radial stress at the inner side increases from 78.9MPa to 104MPa.

As has been proven in the previous section, the sleeve stress concentration will occur when
the PM tangential stress turns to be tensile. Fig.5.8 (b) shows the variation of the concentrated
sleeve tangential stress with speed and temperature. There is no doubt that the stress will be

increased with the rising speed. However, it is also interesting to see the concentrated sleeve

187



tangential stress will reduce with the increase of rotor temperature. This can be explained by
the smaller gaps between PM segments when the temperature is higher. The PM tensile
tangential stress will be reduced with the increase of rotor speed as shown in Fig.5.11. Hence,
the deformation of magnet edges will be correspondingly reduced. Fig.5.10 illustrates the
tangential displacements of PMs under different rotor speed. The tangential displacement is

significantly reduced by 78.11%.
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(b)

Fig.5.8. Variation of maximum sleeve tangential stress with operating speed and rotor

temperature with and without PM segmentation. (a) PMs under compressive tangential stress.

(b) PMs under tensile tangential stress.
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Fig.5.9. Distribution of sleeve radial stress with PMs withstanding compressive tangential

stress (n=30krpm). (a) T=20°C. (b) T=150°C.
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Fig.5.10. Tangential displacements of PMs withstanding tensile tangential stress (n=100krpm).
(a) T=20°C. (b) T=150°C.
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B. PM tangential stress

Fig.5.11 illustrates the variation of maximum PM tangential stress with operating speed and
rotor temperature. Similarly, the value will be maximum at the maximum operating speed no
matter whether the PMs are segmented or not. However, the maximum PM tangential stress
will be significantly reduced with the increasing temperature. The maximum PM tangential
stress is reached at the maximum operating speed and lowest rotor temperature. As mentioned
in the previous section, the interference fit will be increased when the rotor temperature
becomes higher thus resulting a larger radial stress and compressive tangential stress on the
rotor magnets. Hence, the tensile PM tangential stress resulting from high speed rotating is

partially cancelled by the compressive PM tangential stress imposed by the retaining sleeve.

On the other hand, while the PMs are segmented, the maximum tensile PM tangential stress
will be significantly reduced due to the presence of leak way between the segmented magnets,

which is beneficial to the rotor mechanical stability.

200

100

-100 _

-200

Fig.5.11. Variation of maximum PM tangential stress with operating speed and rotor

temperature with and without PM segmentation.
C. Contact pressure between magnets and rotor back-iron

As shown in Fig.5.12, the variation of contact pressure with operating speed and rotor
temperature. It can be seen that the maximum contact pressure occurs at maximum operating
speed and minimum rotor temperature. It shares the same trend with the PM tangential stress.
In addition, the PM segmentation will yield a larger contact pressure while the PMs are under

tensile strength.
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Table 5.4 summarizes the worst operating scenarios with and without consideration of PM
segmentation. It is obvious that the worst case always occurs at the maximum speed even when
the magnets are segmented. While the magnets are not segmented, the worst case for the sleeve
tangential stress occurs at the highest rotor temperature. In contrast, the worst cases for PM
tangential stress and contact pressure occur at the lowest rotor temperature. When the magnets
are segmented, the worst cases for the PM tangential stress and contact pressure keeps the same.
The worst case for sleeve tangential stress remains stable only when the PMs are under
compressive stress. When the PMs are under tensile stress, the worst case for sleeve tangential

stress occurs at the lowest rotor temperature which is opposite to that of unsegmented condition.

With PM
segmentation

Without PM
segmentation

200 -

Contact pressure(kPa)

Fig.5.12. Variation of maximum PM tangential stress with operating speed and rotor

temperature with and without PM segmentation.

On the other hand, although the PM tangential stress can be reduced significantly when it is
under the tensile stress. However, simultaneously, it also causes the stress concentration in the
retaining sleeve, Moreover, the risk of loose of contact is increasing. Hence, the machine
designers should keep the segmented PMs under the compressive state as much as possible to
avoid sleeve stress concentration. Even when the magnets must be under the tensile state,
special attention should be made to ensure the maximum concentrated sleeve tangential stress

smaller than the tensile strength of sleeve at the maximum speed and lowest rotor temperature.

192



Table 5.4 Worst Operating Scenarios With and Without PM Segmentation

Speed n Temperature 7'
Rotor stress W/O W/ W/O W/
SEG SEG SEG SEG
) PM CS Max. Max. Max. Max.
Sleeve Tangential Stress
PM TS Max. Max. Max. Min.
PM Tangential Stress Max. Max. Min. Min.
Contact Pressure Max. Max. Min. Min.

Note: W/SEG and W/O SEG designate for with and without PM segmentation. PM CS and
PMTS designates for PM compressive stress and tensile stress.
5.2.3 Influence of Mechanical Design Parameters on Rotor Stress

The worst operating case of high-speed PM machine considering the magnet segmentation
has been determined in the previous section. However, as shown in Fg.5.7, the rotor stress is
also significantly influenced by the mechanical design parameters such as sleeve thickness and
interference fit. In addition, the geometry parameters such as PM thickness and rotor split ratio
also have a great impact on the exact value of rotor stress which has been discussed in [FEN19].
In this section, the influence of sleeve thickness and interference fit on the rotor stress
considering the PM segmentation is investigated. Another factor should be taken into account
is the number of PM segment. Although the influence of PM segment number has been
discussed in a variety of papers. All the investigations focus on the PM eddy current loss
reduction only. Hence, the influence of PM segment number on the rotor stress will be

addressed in this section.
5.2.3.1 Number of PM segment

Fig.5.13 illustrates the variation of rotor stress with the number of PM segment in two
different scenarios. While the segmented PMs are under compressive stress (PMCS), the rotor
stress almost keeps stable despite of changes of PM segment number. However, while the PMs

are under tensile stress, the number of PM segments has a great impact on the rotor stress.

For the sleeve tangential stress, although a significant increase of amplitude can be observed
due to the presence of stress concentration in all the inner side of sleeve with different PM
segment number, it is decreased with increase of PM segment number. The increase of PM

segment number weakens the edging effect of segmentation. Fig.5.14 shows the tangential
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displacements of segmented PMs under tensile tangential stress. It is obvious when the segment

number increases from 2 to 8, the maximum tangential displacement decreases by 42.3%.

On the other hand, the PM tangential stress and contact pressure also benefit from the
increase of PM segment number. Both the PM tangential stress and contact pressure decrease

significantly with the rise of number of PM segment.

In real cases, the increase of PM segment number will increase the manufacturing difficulties.
A trade-off should be made between reducing the rotor stress and loss and increasing the

manufacturing difficulties.
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Fig.5.13. Influence of PM segment number on the rotor stress. (a) Sleeve tangential stress. (b)

PM tangential stress. (¢) Contact pressure between PM and rotor back-iron.
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Fig.5.14. Tangential displacements of segmented PMs withstanding tensile tangential stress.

(a) N=2. (b) N=8.
5.2.3.2 Sleeve thickness and interference fit

As can be seen from (5.20)-(5.26), the sleeve thickness and interference fit determine the
pre-stress imposed on the rotor magnets. In this section, the influence of sleeve thickness and

interference fit on the rotor stress considering the PM segmentation is investigated.

Fig.5.15 illustrates the variation of rotor stress with sleeve thickness and interference fit. It
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can be seen that the increasing sleeve thickness will significantly reduce the sleeve tangential
stress, PM tangential stress and the contact pressure in the whole interference fit range. More
importantly, the increase of sleeve thickness reduces the minimum interference fit beyond
which the PM tangential stress tends to be compressive (less than zero). In other words, the
maximum operating speed at which the PM tangential stress is compressive can be increased

within given interference fit.

However, from the electromagnetic point of view, the equivalent air gap thickness will be
increased simultaneously, yielding a lower air gap flux density which may decrease the torque
density. Hence, a trade-off should be made between the reduction of rotor stress and torque

density by increasing the sleeve thickness.

On the other hand, within given sleeve thickness, both the PM tangential stress and contact
pressure are significantly reduced with the increase of interference fit. This should be attributed
to the increase of pre-stress imposed on the PMs. However, for the sleeve tangential stress, it
keeps decreasing before reaching the minimum value at a certain interference fit. Then, it starts
to rise with the increase of interference fit. When the inference fit is relatively small, the PMs
are under tensile stress as shown in Fig.5.15 (b). The stress concentration occurs at the inner
side of sleeve due to the magnet edging effect. This effect is eased when the interference fit
gets larger due to the reduction of segmented PM tangential tensile stress. Hence, the sleeve
stress concentration effect is weakened. While the segmented PMs are under the tangential
compressive stress, the sleeve stress concentration disappears. The main component of sleeve
tangential stress is the pre-stress due to the interference fit. Hence, it increases significantly

with the enlarged interference fit.

To conclude, for the mechanical design of rotor sleeve, on the one hand, the sleeve stress
concentration due to segmented magnets edging effect can be avoided by choosing a relatively
larger interference fit whose minimum value can be reduced by increasing the sleeve thickness.
What is more, the PMs are under compressive stress and the contact pressure is maintained for
the torque transfer under this circumstance. On the other hand, it should also bear in mind the
sleeve tangential stress may exceed the material tensile strength if the interference fit becomes
too high. In addition, the maximum value of interference fit is also limited by the sleeve outer

diameter and CTE when the retaining sleeve are cold-shrunk into the segmented PMs.
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Fig.5.15. Influence of sleeve thickness and interference fit on the rotor stress. (a) Sleeve

tangential stress. (b) PM tangential stress. (c) Contact pressure between PM and rotor yoke.

5.2.4 Rotor Stress Concentration and Reduction

In the previous sections, it is proven that the sleeve stress concentration will occur due to the
edging effect of segmented magnets. Generally, the stress concentration occurs in a small,
localized area of a structure. For low-to-medium-speed PM machines, the inter-pole gap is
usually adopted in order to obtain a more sinusoidal air gap flux density. However, the stress
concentration usually occurs where geometry discontinuousness exists. The inter-pole gap will
lead to an extra bending stress on the retaining sleeve in high-speed PM machines as shown in
Fig.5.16. Hence, in this section, the stress concentration in high-speed PM machines is
systematically studied. The relationship between the maximum concentrated stress and the
inter-pole gap size is revealed. The pole-fillers with different shape are compared in terms of

reduction of concentrated stress.
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Fig.5.16. Comparison of sleeve tangential stress with different pole arc ratio (#=20krpm

T=20°C). (a) pole arc ratio=1. (b) pole arc ratio=0.85.
5.2.4.1 Influence of pole-arc ratio

In order to evaluate the stress concentration, the stress concentration factor (SCF) is defined

as the ratio of the maximum stress and the nominal stress.

SCF = Zmax (5.28)
o

nom

Fig.5.17 shows the variation of sleeve and PM tangential SCF with pole arc ratio. When the
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pole arc ratio is relatively small, the sleeve tangential stress keeps rising before reaching the
maximum at a certain pole arc ratio. Then it starts to drop mildly until the pole arc ratio reaches
one. For the PM tangential stress, the tensile tangential stress keeps increasing before reaching
the maximum. Then, the tensile tangential stress keeps decreasing with the increase of pole arc

ratio and finally tends to be compressive.
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Fig.5.17. Variation of sleeve and PM tangential SCF with pole arc ratio (n=20krpm T=20°C
0=0.2mm). (a) Sleeve tangential SCF. (b) PM tangential SCF.

5.2.4.2 Stress concentration reduction
In order to mitigate the sleeve stress concentration resulting from the geometry discontinuity,

the pole fillers are normally adopted [ZHA15]. The pole-filler material is usually selected to
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be the one like the adjacent magnets in terms of Young’ s modulus and CTE. In addition, the

selected pole filler should be non-magnetic.

Fig.5.18 shows the sleeve tangential stress without pole gap and with conventional pole-
fillers. The sleeve tangential stress in the machine with conventional pole filler in the inter-pole
gap is significantly reduced. The maximum sleeve tangential stress only increases by 0.6%
compared to that in the machine without inter-pole gap. However, the maximum PM tangential
stress in the machines with conventional pole filler increase by 15% compared to that in the

machine without inter-pole gap.
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Fig.5.18. Sleeve tangential stress with and without inter-pole filler (»=20krpm T=20°C). (a)

pole-arc ratio=1. (b) Conventional pole filler.

Hence, in this paper, three types of pole filler with different shape are compared in terms of
reduction of concentrated sleeve and PM tangential stress. Fig.20 shows the rotor tangential
stress with different pole fillers in a wide speed range. It is obvious that all of three pole fillers
can reduce the concentrated sleeve tangential stress effectively. However, the PM tangential
stress can be only significantly reduced with pole filler3. The PMs edges are curved into the

concave shape for better release the energy.
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Fig.5.19. PM tangential stress with and without inter-pole filler (n=20krpm T=20°C). (a) pole-

arc ratio=1. (b) Conventional pole filler.
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5.3 Design Methodology for High Speed PM Machines Considering

both Electromagnetic and Mechanical Issue

In this section, a novel design methodology is proposed which considers both the
electromagnetic and mechanical issues simultaneously. The mechanical design constraints are
firstly transformed into the rotor geometric constraints based on the previous stress analysis.
Then, those geometric constraints are incorporated into the electromagnetic as one of the design
constraints. In this way, the influence of mechanical issue on the electromagnetic design is
successfully considered. The iterative post-check of mechanical integrity in the previous design
method can be avoided [UZH16]. Finally, based on the proposed design methodology, a
prototype 6-slot 4-pole high speed PM machine with carbon-fiber sleeve is implemented and

tested. The electromagnetic performance is validated through experimental results.

5.3.1 Constraints of Rotor Geometric Parameters Considering Mechanical

Stress Limitation

As has been determined in Fig.5.7, the rotor stress is significantly influenced by the
geometric parameters such as rotor outer diameter and sleeve thickness. It was pointed that the
feasible selection of sleeve thickness is inter-dependent on the value of rotor diameter in
[FEN19]. However, the thermal stress was ignored in the stress analysis. Hence, in this section,
the feasible variation of rotor diameter with sleeve thickness is determined through 2D FE
parametric analysis in ANSYS Workbench. The mechanical stress constraints for the HSPMM
rotor design are thereby transformed into the constraints on the rotor geometric parameters

(rotor diameter and sleeve thickness).

Fig.5.22 illustrates the variation of rotor stress including sleeve and PM tangential stress as
well as contact pressure with rotor outer diameter and sleeve thickness under the obtained worst
working scenarios. On one hand, there is no doubt that the smallest sleeve thickness will yield
the maximum rotor stress within given rotor diameter. On the other hand, it can be seen that
both the maximum PM tangential stress and the minimum contact pressure occur at the
geometry with maximum rotor outer diameter and smallest sleeve thickness. However, for the
sleeve tangential stress, there exists a unique rotor outer diameter at which the value of stress
reaches the minimum within given sleeve thickness. This phenomenon is also confirmed in
[FEN19]. This can be explained by the different trend of sleeve tangential stress components

with the enlarged rotor diameter. In [BINO6], it was pointed that sleeve tangential stress
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consists of pre-stress due to the shrink-fit between sleeve and rotor magnets and the rotation
stress. The pre-stress is reduced with the increase of rotor diameter in the hyperbolic trend due
to the decreasing strain. On the other hand, as can be seen from (5.11) the rotation tangential
stress is proportional to the square of rotor diameter. Hence, the sleeve tangential stress starts
to decrease with the increase of rotor diameter due to the dominating pre-stress reduction effect.
When the rotor diameter become larger, the pre-stress tends to be stable. However, the sleeve
tangential stress due to rotation increase significantly with the rotor outer diameter. Hence, the

resultant sleeve tangential stress becomes larger.

On the other hand, according to the aforementioned conditions for rotor non-failure of
HSPMM, the stress limitation surfaces are placed in Fig.5.22. It can be seen from Fig.5.22 (a)
that the lower part of surface is valid. There are three intersections created by the six surfaces.
When those intersection are projected into the 2D plane (X-Y plane), the valid selection of
rotor diameter and sleeve thickness can thereby be obtained as shown in Fig.5.23. It should be
noted that although the PM tensile stress limit is 80MPa, the limitation surface is set to be
OMPa to ensure the PMs are under compressive tangential stress so that the stress concentration

can be avoided when the PM segmentation is adopted.

With the help of curve-fitting tool in MATLAB, the analytical expression of rotor geometric

constraints considering the rotor mechanical integrity can be written as:

H,>kR ’+kR *+kR +k, (5.28)

mo

where ki1, k2, k3, ka are the coefficients which highly depend on the permanent magnet thickness,
interference fit, retaining sleeve and permanent magnet material as well as maximum operating

speed and rotor temperature.
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Fig.5.22. Variation of rotor stress with rotor diameter and sleeve thickness at worst-operating
scenario (n=120krpm). (a) Maximum sleeve tangential stress. (b) Maximum PM tangential

stress. (c) Contact pressure between PM and rotor back-iron.
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Fig.5.23. Feasible variation of sleeve thickness with rotor diameter considering mechanical

stress constraints. (a) Pareto fronts. (b) Curve-fitted constraints for rotor diameter and sleeve

thickness.

5.3.2 Multi-physics Design of HSPMM Considering Electromagnetic and

Mechanical Constraints Simultaneously

As discussed in the introduction, in the most traditional multi-physics design methodology,
the mechanical issue such as rotor stress constraint is normally treated as the post-check. A
typical multi-physics design methodology is introduced in [UZH16]. The rotor stress limits are
checked after the active part of the machine is determined in the electromagnetic design. There
are at least two issues concerned with this design methodology. The first one is the air gap
thickness cannot be reasonably selected in the electromagnetic design due to the required sleeve
thickness is dependent on the rotor outer diameter which is variable in the electromagnetic
design. The second one is that the post-check of geometric parameter can be time-consuming
due to iterations. The electromagnetic optimum may be not valid from the mechanical point of
view [FEN19]. Hence, in this section, a novel design methodology is proposed which
transforms the mechanical constraints into the geometric constraints so that the mechanical
issue can be considered in the electromagnetic design. The influence of mechanical stress
constraints on the electromagnetic design can be considered. The optimization cost can be

significantly reduced.

Fig.5.24 shows the proposed multi-physics design methodology for the electromagnetic and
mechanical aspects. It can be seen that the feasible variation ranges of sleeve thickness and

rotor diameter are determined before the electromagnetic design. Then the mechanical stress
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limitation are transferred into the electromagnetic geometry design as the geometry constraints.
The electromagnetic design is based on the GA global optimization. After the determination of

stack length in the electromagnetic design, the rotor dynamics issue can be checked.

( Start )

Y

Step. 1 Design Spec.
Rated power, voltage and current
Rated and maximum speed
Cooling method and environment
Maximum stator diameter and stack length

\ /

Step.2 Initial design of rotor diameter size
e Determination of rotor diameter range
according to rotor tip speed

Step.3 Initial mechanical design
e Determination of sleeve material and
interference fit.
e Determination of feasible range of rotor
diameter and corresponding sleeve
thickness ;

Step.4 Initial electrical design
o Stack parameters design (slot/pole pairs
winding configuration, e.g.)
¢ Initial design of PM thickness and stack
length Change
length/rotor
diameter

A

Rotating speed is undercrtical

Fig.5.24. Proposed multi-physics design methodology for HSPMM considering mechanical

and electromagnetic constraints simultaneously.

Based on the proposed design methodology, a high-speed PM machine of 25kW and 65krpm
is design and optimized. It should be noted that there is a supply voltage limitation on the
electromagnetic design. In the following, the influence of mechanical stress constraints on the

electromagnetic design will be shown through the observations on the typical electromagnetic
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performance such as torque and power factor.

Fig.5.25 illustrates the variation of supply voltage with electromagnetic torque. It is obvious
that a significant portion of design points turn into invalid due to the mechanical constraints.
The maximum torque within a given supply voltage limit is reduced by 10%. As is shown in
Fig.5.26, the minimum number of turns for HSPMM with the variation of supply voltage
becomes larger when the mechanical constraints is taken into account. In addition, as shown in
Fig.5.23, while the stress constraints is considered, the maximum permissible rotor diameter is
limited as well. On the other hand, the minimum air gap would be increased. Hence, the air gap
flux density would be significantly reduced while the stress constraints are considered. Hence,
as shown in Fig.5.23, the serial number of turns of per phase would increase in order to
compensate for the reduction of rotor diameter and flux density so that the supply voltage can

be constant.
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Fig.5.25. Variation of supply voltage with electromagnetic torque considering the mechanical

stress constraints (/a=100A, n_ratea=65kr/min, n_max=120kr/min). (a) Invalid design points. (b)

Valid design points. (c) Pareto fronts.

However, the increase of number of turns will lead to an enlarged inductance. Fig.5.27 shows
the phasor diagram of MTDs with and without the mechanical constraints. It can be seen that
Ud would be significantly increased due to the increase of Ld4 as a result of the increase of
number of turns and the reduction of saturation. Hence, the power factor is accordingly reduced

within the same supply voltage, as shown in Fig.5.28. Therefore, the maximum torque would
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be reduced within the same input current and voltage while the mechanical stress constraints

are considered.
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Fig.5.27. Phasor diagram of MTDs with and without consideration of mechanical stress

constraints (la=100A, n_ratea=65kr/min, 7_max=120kr/min).
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5.4 Summary

In this paper, the rotor stress is analyzed for a high-speed PM machine with segmented
magnets retained by carbon-fiber sleeve. The rotor permanent magnet segmentation is firstly
considered in the stress analysis of high-speed PM machines. An explicit analytical model is
established for the stress calculation with and without consideration of PM segmentation. Then,
the analytical predicted results are compared with those from 2D and 3D FE analyses. It is
shown that significant sleeve tangential stress concentration will occur when the segmented
magnets are under tensile tangential stress. On the other hand, the PM tensile tangential stress
will be reduced when the segmentation is adopted. In addition, with the increase of segment
number, the sleeve stress concentration effect is weakened whilst the PM tangential stress
reduction effect is enhanced. Increasing sleeve thickness and interference fit can be adopted to
avoid the stress concentration effectively. Meanwhile, the influence of PM segmentation on
the worst operating scenario is determined. It is shown that the maximum concentrated sleeve
stress occurs at the minimum operating temperature instead of the maximum temperature for
the one without PM segmentation. Furthermore, the relationship between the rotor pole arc
ratio and the maximum concentrated stress is given. There exists a unique pole-arc ratio where
the stress concentration factor reaches the maximum. Then, three pole-fillers with different

shapes are compared in terms of stress concentration reduction. The pole-filler with concave
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shaped edge is proved to be better in the reduction of PM tangential stress. With the obtained
geometric constraints from the mechanical stress limitation, a novel multi-physics design
methodology considering the electromagnetic and mechanical issue simultaneously is

proposed. The influence of mechanical constraints on the electromagnetic design is analyzed.
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Chapter 6 General Conclusion and Future Work

6.1 General Conclusion

In this thesis, both electromagnetic and mechanical issues of HSPMM including rotor split
ratio optimization, rotor stress analysis, and parasitic effects such as rotor eddy current loss and
UMF are investigated elaborately by means of analytical and finite element analyses, together
with experimental validation. As shown in Fig.6.1, the main content structure of the thesis can

be divided as three parts, i.e. electromagnetic issue, mechanical issue and coupling issue.

Analysis of HSPMM
Rotor magnet loss Rotor split ratio
> Rotor Stress
Rotor UMF Design methodology

CElectromagnetic issua ( Coupling issue ) C Mechanical issue)

Fig.6.1. Content structure of thesis.

6.2 Optimal Split Ratio

The optimal split ratio for HSPMM has been analyzed with different electromagnetic and
mechanical considerations including the stator iron loss and the mechanical stress limitation. It
has been shown that the optimal split ratio is significantly reduced when the mechanical
constraints and the stator iron loss are taken into account. Furthermore, the achievable torque
has also been decreased sharply due to the limitation on the maximum air gap flux density.
Furthermore, it is also found that the optimal split ratio is reduced significantly with the increase
of flux density ratio and maximum operating speed. The carbon fibre exhibits distinctive
advantages among the commonly used sleeve materials with the highest torque density, making

it extremely suitable for ultra-high-speed applications.
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6.3 Rotor Eddy Current Loss

The rotor eddy current losses of the four-pole HSPMM with various stator winding
configurations are investigated. The contribution of each harmonic in the production of magnet
loss, either from PM field or armature field, is determined with the proposed method. It is
observed that the 4™ spatial harmonic dominates in the production of magnet loss for the 6-
slot/4-pole HSPMM. In addition, the slotting effect on both the PM field-induced and armature
reaction induced magnet losses is revealed. It is found that the open-circuit magnet loss due to
slot opening is significantly increased with the enlarged slot opening angle. On the other hand,
the magnet loss generated by the 4™ spatial harmonic due to slot modulation is almost negligible.
The armature reaction induced magnet losses with various stator winding configurations are
compared as well. It is observed that the value of magnet loss is dependent on both the
penetration depth and the amplitude of asynchronous spatial harmonic, which are determined

by the specific slot and pole number combination.
6.4 Rotor Mechanical Stress and Design Methodology

The rotor stress is analyzed for a high-speed PM machine with segmented magnets retained
by carbon-fiber sleeve with an explicit analytical model. The rotor permanent magnet
segmentation is firstly considered in the stress analysis. It is shown that significant sleeve
tangential stress concentration will occur when the segmented magnets are under tensile
tangential stress. On the other hand, the PM tensile tangential stress will be reduced when the
segmentation is adopted. In addition, with the increase of segment number, the sleeve stress
concentration effect is weakened whilst the PM tangential stress reduction effect is enhanced.
It is shown that the maximum concentrated sleeve stress occurs at the minimum operating
temperature instead of the maximum temperature for the one without PM segmentation. Then,
three pole-fillers with different shapes are compared in terms of stress concentration reduction.
The pole-filler with concave shaped edge is proved to be better in the reduction of PM
tangential stress. With the obtained geometric constraints from the mechanical stress limitation,
a novel multi-physics design methodology considering the electromagnetic and mechanical

issues simultaneously is proposed.
6.5 Unbalanced Magnetic Force

The existence criterion of UMF both on open-circuit and on-load conditions in fractional-
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slot PM machines with odd stator slot number is investigated. It is concluded that only when
the machine periodicity is one and the stator slotting effect is considered, will the open-circuit
UMF be generated due to the mutual interaction between the modulated PM harmonics and the
original PM harmonics. On the other hand, the existence criterion of on-load UMF in the
machines with periodicity of one is confirmed since both the self-interaction of armature
reaction harmonics and the mutual interaction between the fundamental PM harmonic and the
armature reaction harmonics will appear even when the slotting effect is ignored. Furthermore,
the influence of slot and pole number combination on the resultant UMF is investigated in
depth. The fractional-slot PM machines with a lower pole number, e.g. 2-pole and 4-pole, are
compared with machines with a pole number 2p=Nst1. The UMF in the machine with two
poles is the smallest due to the smallest magnitude of the 2" harmonic in armature reaction
field compared with counterparts in other machines. Instead, the UMF in the machines having
pole number 2p=Ni-1 is the largest due to the relatively larger magnitude of the (p+1)® armature
reaction harmonics as well as the additive effect between the first order radial and tangential

stresses.
6.6 Future work

Based on the investigations of the HSPMM, the future research can be listed as follows:

1) In this thesis, the optimal split ratio is investigated with the consideration of rotor mechanical
stress limitation and the stator electromagnetic loss. However, for ultra-high-speed
applications, both aerodynamics loss and rotor dynamics issue impose the significant
constraints on the feasible variation range of rotor split ratio and aspect ratio. Hence, the
optimal split ratio and aspect ratio of HSPMM can be further investigated with

considerations of rotor dynamic/aerodynamic issues.

2) As mentioned in Chapter 1, the winding configuration is one of the most promising
techniques for the higher efficiency of HSPMM. In this thesis, the 9-slot 4-pole is found to
be the topology equipped with fewer rotor loss thus good rotor thermal endurance and with
short end-winding length thus good rotor dynamic performance. However, the sub-
harmonics in this topology still produce significant rotor loss and UMF. Hence, alternate
winding techniques such as multi-layered winding can be further investigated for the

cancelation of sub-harmonic in the 9-slot 4-pole HSPMM
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Appendix A: AutoCAD drawings for all machines

Fig.A.1. 6-slot/4-pole HSPMM laminations.

Fig.A.2. 9-slot/4-pole HSPMM laminations.
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Fig.A.3. 12-slot/4-pole HSPMM laminations.

Fig.A.4. 9-slot/6-pole HSPMM laminations.
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Fig.A.S. Front cup.

Fig.A.6. End plate.
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Fig.A.7. Assembled HSPMM.

Fig.A.8. Explosive view of HSPMM.
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Table A.1 Parameters of Prototype Machines

Stator slot number 6 9 12 9
Rotor pole number 4 6
Coil pitch 1 2 3 1
Stator bore diameter(mm) 34.08 35.1 38.6 43.3
Tooth body width(mm) 7.71 5.64 4.19 5.72
Stator yoke height(mm) 5.36 4.71 5.08 3.87
Slot opening(mm) 2.5 2.5 2.5 2.5
Stator outer diameter(mm) 90
Stack length(mm) 30
Air gap thickness(mm) 2
Number of turns per phase 20
Magnet thickness(mm) 6
Magnet grade N35H
Silicon steel sheet JFE G-core (0.2mm)
Sleeve Carbon fibre
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