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ABSTRACT

Due to high efficiency, high power density and low cost, single-phase permanent magnet
brushless DC motor has increasingly been used in industrial and domestic applications. This
thesis focuses on the design and analysis of high-speed, single-phase, conventional and

flux-switching permanent magnet brushless DC motors.

This thesis presents a comparative study of conventional three-phase and single-phase
permanent magnet brushless DC motors, which operate at 45,000rpm with 1.1kW output
power for the pump application, in terms of their machine design, drive system and
electromagnetic performance. It is found that the single-phase permanent magnet brushless
DC motor has a relatively lower drive system cost without significantly compromising the
electromagnetic performance. Further, significant rotor eddy current loss exists in both motors.
Hence, the analytical models are developed to predict the rotor eddy current loss which is
resulted from the armature reaction field. By comparing with the 2D finite element method
(FEM) predicted results, good agreement is obtained over the full speed range if the eddy
current reaction field is taken into account. FEM is further employed to investigate
open-circuit, armature and on-load rotor eddy current losses of the permanent magnet
brushless DC motors. Particular emphasis is placed on the single-phase motor having an
eccentric airgap with consideration for degree of airgap eccentricity, excitation current

waveform, magnet segmentation, thickness and electrical conductivity of the retaining sleeve.

The single-phase flux switching permanent magnet motor, which operates at 100,000rpm with
1.2kW output power for the automotive electrical turbo-charger application, is also
investigated. Its operational principle is introduced and winding topologies are investigated.
In addition, the chamfered rotor pole is optimised to improve the starting capability. In order
to investigate the influence of significant end leakage-flux, a 3D lumped circuit magnetic
model is developed to predict the back-EMF and the inductance and validated through
experiment. This model is also employed to optimise the rotor pole width for increasing the
motor power density and to investigate the relationship between the magnet dimensions and
the motor end effect.

Finally, the dynamic simulation models are developed to predict the dynamic electromagnetic
performance and experimentally validated for a three-phase and a single-phase permanent

magnet brushless DC motor, and a single-phase flux switching permanent magnet motor.
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CHAPTER 1

Introduction

1.1 Introduction

It has become feasible to design and operate the electric motors at high-speed for a wide range
of applications such as compressor, pump, vacuum cleaner and machine tools. This is due to
the rapid development of the converter technology and the bearing reliability. For a given
output power of an electric machine, the machine volume is inversely proportional to the
machine operating speed. Hence, the main advantages of the electrical machine running in a
high-speed range are either the increase of the power density or the reduction of the machine
size. Further, some applications require a high-speed drive to achieve the best system
efficiency. For example, traditionally a drive unit such as a gas turbine is connected to the
speed-increasing gear driven by a conventional electric motor to achieve the high operating
speed. However, the high-speed electric motor can directly drive the gas turbines by removing
the mechanical gearbox and the coupling system. Consequently, the overall system can be

more efficient and compact, and less expensive and lower maintenance [2].

There are two types of electric machines, namely, brush machines and brushless machines. In
a brush machine, the brushes make mechanical contact with a set of mechanical commutators
or slip rings which are affixed to the rotor and provide the connection with different armature
coils at different rotor position. Due to its mature design and manufacture technology, and its
simple controller, the cost of the brush machines is relatively low. However, there are a few
disadvantages of mechanical commutation:

e Brushes are subjected to wear and require regular maintenance.

o Less efficiency due to the brush voltage drop and brush friction.

o Large level of electrical noise and interference due to arcing between the commutator

bars and brushes.



¢ Limited motor operating speed due to the limitations of the mechanical commutation

system.

e More acoustical noise due to brush bounce, especially at high speed.

A brushless machine, as its name suggests, is a machine without brushes, mechanical
commutators or slip rings, which is replaced by an electronic controller. Therefore, compared
to the brush machines, the brushless machines have a higher efficiency and reliability, reduced
noise, longer lifetime (no brush erosion), elimination of ionizing sparks from the commutators,
and overall reduction of electromagnetic interference. Particularly, it can run over a wider
speed range by removing the mechanical limitations. Over past a few years, the cost of
brushless machines has been falling over due to advances in magnet technology,
improvements in motor control electronics and capital investment in the manufacture.
Therefore, brushless machines have attracted more attention for high-speed applications.
There are mainly three types of brushless high-speed machines on the present-day market:
induction machines, reluctance machines and permanent magnet machines. They will be

reviewed in the following section.

1.2 Review of high-speed machines

1.2.1 Induction machines

Induction machines are traditionally manufactured using laminations and a die-cast or
soldered squirrel cage as shown in Figure 1.1. Power is supplied directly to the stator winding
which induces a voltage in the rotor conductors. The torque is produced by the interaction of
the rotor current with the stator flux. Induction machines are potentially the least expensive.
This is due to its mature technology, manufacture line and low maintenance requirement. It
also can be easily started and realize an open loop speed regulation by variable frequency
inverters without a rotor position or speed sensor. Hence, it could be used for cost sensitive

applications [3]. Induction machines have no permanent magnets, and therefore are suitable



for relatively harsh temperature environments [4]. However, the mechanical strength of
electrical steel limits the surface speed of the laminated rotor to ~200m/s [5]. Further, the
squirrel cage would probably fail to withstand the centrifugal forces and heat expansion at the
high operating speed. Hence, as shown in Figure 1.2, the pure solid-rotor induction machines,
with no separate rotor winding, are suitable for high-speed applications [5-7]. Inherently,
solid-rotor induction machines have a high mechanical strength, high thermal durability and
simple structure. However, due to absence of the well-conducting windings on the rotor, the
output power and power factor are lower than squirrel-cage induction machines with a
laminated rotor. Further, the rotor loss will be increased. Consequently, the rotor temperature
becomes a concern and the motor efficiency will be less. So different rotor structures, such as
composite solid rotor [8] and diffusion welded copper cage solid rotor [9], are employed to

improve its electrical performance.

1.2.2 Reluctance machines

Reluctance machine is a single excited machine. There are no windings or permanent magnets
on the rotor. The torque is produced by the tendency of its moveable part to move to a
position where the inductance of the excited winding is maximized. There are a few
characteristics to make the reluctance machines suitable for high-speed applications. Firstly,
the rotor is free of permanent magnets and windings. Hence the rotor has a simple structure
and inherently robust. It also has potential to run in very high temperature environment which
is only limited by the insulation system. Secondly, the cost of reluctance machines is
relatively less than permanent magnet machines, particularly at high power range. Thirdly,
there is no excitation field at zero torque, thus the electromagnetic spinning loss can be
eliminated. In its variants, synchronous reluctance machines and switched reluctance

machines are most suitable topologies for the high-speed applications.

The stator of synchronous reluctance machines is similar to that of the induction machines as

shown in Figure 1.2. Hence the use of standard components in the stator and winding



configuration means that it requires minimum re-investment in its manufacture line. There are
several forms of rotor structure. The simplest one is shown in Figure 1.3 (a). Due to its
simplicity of the rotor structure, it has been investigated for high-speed applications [10].

However, it suffers from low power factor, low torque capability and high volt-ampere ratings

of the inverter due to its relatively small L, /L, ratio. Further, the salient shape leads to a

significant aerodynamic loss at the high operating speed [11]. Also, if the solid rotor is used,
the rotor loss will be significant at the high operating speed. In order to reduce the
aerodynamic loss, the rotor can be drilled and slitted as shown in Figure 1.3 (b) and (c), which
is proposed in [12]. Nevertheless the saliency ratio is still not high enough. However, the
saliency ratio can be increased successfully by laminating the rotor. As shown in Figure 1.3
(d), the rotor is laminated with flux barriers punched into steel. Figure 1.3 (¢) shows that the
rotor is laminated in axial direction [13]. However, a laminated rotor makes it difficult to
contain these laminations at the high operating speed. Hence, [14] proposed a rotor which
consists of alternating layers of ferromagnetic and nonmagnetic steel as shown in Figure 1.3
(f) . It was reported in [15] that the efficiency could be 91% at a 10kW 10,000rpm operating

point.

A typical switched reluctance machine is shown in Figure 1.4. It has salient poles on both the
rotor and the stator. The stator consists of simple concentrated windings which can be
externally wound and slipped over the salient stator poles making the stator assembly process
simple and inexpensive. Since the torque is independent of the direction of the winding
current, the winding current can be unidirectional which can simplify the topology of the
inverter circuit. Due to these advantages, the switched reluctance machines have attracted
attentions for high-speed applications. For example, in [16] it is employed for direct-drive
gearless starter-generator for aircraft engines which operate at 50,000rpm with 32kW. In [17],
it proposed the switched reluctance machines in the flywheel energy storage system. Although
switched reluctance machines are simple, it requires a smaller airgap than induction or
permanent magnet machines to achieve a good electromagnetic performance. However, due to

its doubly salient structure, switched reluctance machines are inherently noisy and vibratile.



One way to reduce the acoustic noise and vibration is to increase the airgap, which will

compromise the electromagnetic performance.

Due to the lack of the permanent magnets or excited windings on the rotor, the power density
and power factor is generally lower than that of induction machines and permanent magnet
machines. If the salient rotor is used in the reluctance machines, the aerodynamic loss will be
prominent. As a consequence, the efficiency will be decreased. In addition, for acceptable
performance, it may require an accurate shaft position feedback signal which could be
achieved from encoder, resolver or Hall sensor or alternatively, a sophisticated sensorless

control strategy.

1.2.3 Permanent magnet brushless machines

Currently, three main types of permanent magnets, viz. ferrite magnets, alnico magnets and
rare earth magnets, are commercially available. Some typical properties of these different
permanent magnets are listed in Table 1.1.

o Ferrite, also known as ceramic magnets, are widely available since 1950's. Beneficial
characteristics of ferrite magnets include low cost, high coercive force, resistance to
corrosion, and high heat tolerance. Drawbacks include their low energy product, low
mechanical strength.

e Alnico magnets are made up of an alloy of aluminium (Al), nickel (Ni) and cobalt (Co)
with small amounts of other elements. Alnico magnets have good temperature stability,
good resistance to corrosion, high mechanical strength but low energy product, high
cost and low coercive force which makes them prone to demagnetisation.

e The most common commercial available rare earth magnets are
Neodymium-Iron-Boron (NdFeB) and Samarium Cobalt (SmCo). NdFeB magnets
have very high-energy product, very high coercive force and moderate temperature
stability, but low mechanical strength, low corrosion resistance if without properly
coated or plated. SmCo magnets have high corrosion resistance, high-energy product

and high temperature stability, but high cost and very low mechanical strength.
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Table 1.1 Typical properties of different magnet materials.

Ceramic 5 CastAlnico5 NdFeB45M SmyCo,7

Magnet remanence B, (T) 0.38 1.25 1.35 1.04
Coercive force H. (A/m) 191000 51000 970000 765000
Max Energy product (MGOe) 34 55 45 26
Temperature coefficient of B, (%/°C) -0.2 -0.02 -0.12 -0.035
Temperature coefficient of H; (%/°C) 0.27 0.01 -0.6 -0.2
Maximum service temperature (°C) 800 525 100 350
Density (g/cm’) 49 7.3 7.4 8.3

Thanks to the recent progress of the permanent magnet material technology, high power
density magnets such as neodymium-iron-boron (NdFeB) and samarium-cobalt (SmCo) can
be manufactured at a reasonable cost. The permanent magnet machines (see Figure 1.5) have
attracted increasing attention in a wide range of applications due to a few advantages. Firstly,
due to the high energy-product permanent magnets, the high power density can be achieved.
In addition, the relatively large airgap length is acceptable without significantly sacrificing the
machine performance. Secondly, due to the absent of the windings on the rotor, there is no
copper loss on the rotor. Further, non-overlapped windings can be employed which ease the
manufacture and reduce the end winding length. In general, permanent magnet machines have
a higher efficiency than induction machines and reluctance machines. Thirdly, the excitation
flux is generated by the permanent magnets rather than the windings. Hence permanent
magnet machines have a high power factor which can reduce the inverter volt-amperes ratings.
However, if the permanent magnet machines are operated at a high speed, a number of

challenges arise.

Firstly, the significant eddy current loss may be generated in the permanent magnet due to
stator slot openings, time and space magnetic motive force (mmfs) harmonics. The eddy
current loss can raise the temperature beyond that allowed for the permanent magnet material,
which potentially leads to irreversibly partial demagnetisation of the permanent magnets. For
example, NdFeB magnets may be easily demagnetise at about 120°C. Thus, the machine

efficiency and power density will be reduced. In order to overcome this problem, a few



techniques have been employed.

In [18], a super high-speed permanent magnet machine, with the ratings of SkW at
150,000rpm, has been designed for machine tools by employing a larger airgap to
reduce the flux ripple resulting from the stator slot openings and reduce the rotor eddy
current loss.

In [19-20], the author compared the performance of a slotless permanent magnet
machine with that of conventional slotted permanent magnet machine with ratings of
1kW and 30,000rpm. Due to the slotless structure, the eddy current loss associated
with slot openings can be eliminated. The larger effective airgap length reduces the
rotor eddy current loss associated with time and space mmfs harmonics. Further, the
lower flux density value leads to a lower iron loss. However, the end winding length is
longer than that of slotted permanent magnet machines which yields more machine
overall space and more copper loss. Also, winding manufacture becomes more
complex. In [21], a slotless ring-wound permanent magnet machine with ratings of
1kW and 40,000krpm for electro-mechanical battery system has been proposed. The
ring-wound stator is geometrically simple and can be easily fabricated. Compared to
conventional slotted permanent magnet machine, a slotless ring-wound permanent
magnet machine exhibits a higher power density and efficiency by eliminating the
rotor loss and reducing the iron loss, even though the copper loss is higher due to
longer end winding length. However, slotless structure has a relatively large effective
airgap length which affects the machine power density.

In order to compensate the lower open-circuit field due to the large airgap length or
the slotless structure, the Halbach magnets array is an altemative topology. It can
deliver a relatively strong open-circuit field. Due to its self-shielding magnetisation,
rotor back-iron is not necessarily required which can reduce the rotor inertia resulting
in a fast response. Further, the iron loss and idling loss are low, which make it suitable
for high-speed applications such as the motor/generator in flywheel energy storage
system [21-23].

Circumferential or axial segment permanent magnet is another way to reduce the eddy
current loss [24-27]. However, it may increase the construction complexity of the rotor
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and the difficulty of assembly process, leading to a high manufacture cost.

e Compared to sintered magnets, bonded magnets have a higher electrical resistivity.
Hence, it is a good candidate for reducing the eddy current loss in the permanent
magnets [4]. In addition, bonded magnets are easily fabricated and can achieve precise
dimensions without post-process which can reduce the cost. However, bonded
magnets exhibits a low remanence which results in a low power density.

o Compared to NdFeB, SmCo has a higher maximum operation temperature. Hence,
SmCo is generally chosen in high temperature environment, such as combined heat
and power system [28], motor/generator for electrical vehicles [29]. The drawback of

SmCo is that the cost is higher than NdFeB.

The second challenge is that the permanent magnet has a low bursting stress of around 80MPa
[30]. It may break apart due to high centrifugal force when the machine is operated at a high
speed. For the mechanical perspective, special attention needs to be paid to protect the
permanent magnets. Generally, there are two different rotor constructions, that is, surface
mounted magnets and interior magnets. They need different design procedures to make sure
the permanent magnets can survive at the high-speed operation. For surface mounted
permanent magnet machines, generally it is contained within a non-magnetic sleeve which
could be made by stainless steel, carbon or glass fibre, aluminium or titanium. Consequently,
the effective airgap length will be longer, thus reducing the machine power density. For
interior permanent magnet machine, the magnets are buried within the rotor iron, the rotor
iron itself fixes the magnets without requiring the sleeve, thus reducing the airgap length.
However, the rotor structure has to be designed carefully in terms of the mechanical strength
[31]. Hence, the rotor structure becomes complicated. By comparing these two configurations
with the permanent magnet machines operating at 40kW and 40,000rpm, [32] shows that
surface mounted magnets contained by a carbon fibre are the better choice. Considering
complicated structure of interior magnets configuration, surface mounted magnets

configuration is a common choice for high-speed application.



1.2.4 Alternative permanent magnet machines

For conventional permanent magnet machines, as the magnets are located in the rotor, it needs
special consideration to prevent it from breaking apart due to significant centrifugal force
associated with the high-speed operation. In addition, heat on the rotor is difficult to be
dissipated, consequently the magnets suffers from the possibility of irreversible
demagnetisation under high temperature. Hence, alternative permanent magnet machines
having the permanent magnets in the stator rather than the rotor become attractive for
high-speed applications. The structure of this type of permanent magnet machines is identical
to that of the switched reluctance machines except the permanent magnets are inserted in the
stator core. Similar to switched reluctance machines, the benefits are simplicity, mechanical
integrity and robustness of the rotor. In addition, they have high power density just like
conventional permanent magnet machines. Meanwhile, since the permanent magnets are
located in the stator, there is no mechanical limit on the permanent magnets which is always a
risk for conventional permanent magnet machines running at high speed. Further, since the
stator can be easily cooled by natural or forced cooling, the risk of permanent magnets'
irreversible demagnetization is reduced. For this reason, it is well suited to high-speed
applications. Generally, this type of permanent magnet machines can be categorized into three
different types, namely, doubly salient permanent magnets machines (DSPM), flux reversal
permanent magnet machines (FRPM) and flux switching permanent magnet machines
(FSPM). As shown in Figure 1.6, Figure 1.7 and Figure 1.8, these three machines have doubly
salient stator and rotor structure, and permanent magnets and concentrated armature windings
are located in the stator. The differences lie in the location of the permanent magnets in the

stator.

In DSPM, the permanent magnets are buried in the stator back iron and concentrated windings
are wound on each stator tooth. By neglecting the fringing flux, a uni-polar linear variation of
open-circuit flux-linkage is generated with the rotor position, which leads to a trapezoidal
back-EMF waveform. In [33], it reported that DSPM machines can deliver about 2.5 times the

torque and power as that of the induction machine housed in the same frame size. Due to the



existence of permanent magnets, the reluctance path for the armature reaction flux is very

high and thus the phase inductance is small, which makes it suitable for high-speed operation.

In FRPM machines, multipole permanent magnets of alternate polarity are place on each
stator salient pole face embraced by concentrated windings. The permanent magnet flux
linking the concentrated windings reverses polarity as the rotor rotates. Thus, an ideal bipolar
triangular open-circuit flux-linkage leads to a trapezoidal generated waveform. Naturally
FRPM has a low phase inductance (similar to DSPM machines). However, there is a notable
flux fringing (leakage) which deteriorates the machine performance in terms of power density
[34]. In [35], as shown in Figure 1.7 (c), a concave-type stator pole and a rotor with a flux

barrier are used to reduce the flux leakage.

In FSPM machine, the permanent magnets are located between the stator teeth and the
concentrated windings are wound around the two adjacent stator teeth and a piece of
permanent magnet, as shown in Figure 1.8. FSPM machine has a sinusoidal bipolar
flux-linkage waveform leading to a sinusoidal back-EMF waveform. Further, compared to
DSPM and FRPM machines, FSPM machines use more permanent magnet material and
utilise flux focusing to achieve a large airgap flux density. Hence, among these three types of
doubly salient permanent machines, FSPM machines can deliver a highest power density with
considerable cost penalty and reduced winding slot area [36-37]. In addition, the armature
flux path is parallel with magnet flux path, thus FSPM machines can cope with relatively high
demagnetisation current. Similar to DSPM machines, FSPM machines suffer from significant
external flux leakage and end flux leakage which compromises the machine power density. In
Chapter 5.5, a 3D lumped circuit model will be developed to explain its end effect in details.
However, it still can have a slightly higher torque capability than interior permanent magnet
machines [38]. Due to its complicated stator topology, the process cost in the production line

will be relatively high.

Since above three types of permanent magnet machines are relatively new machine topologies,
publications to date are generally focused on their theoretical characteristics at early machine

10



design stage as 'proof-of-concept’ machines. High-speed applications are not covered
extensively in the literatures. In [39], a single-phase FRPM machine with the ratings of 2kW,
40,000rpm has been proposed for high-speed Qacuum cleaners. However, the machine
performance is not presented in detail. As new machine topologies, more work needs to be
done to investigate their feasibility for high-speed applications, as will be carried out in this

thesis.
1.2.5 Summary of high-speed machines

A few electric machine topologies are suited to the high-speed applications. It is hard to
identify which one is the best solution. It is heavily dependant on the application fields, and
the designer's skill and bias as well as a thorough understanding of the system attributes.
Table 1.2 summaries their advantages and disadvantages. Generally speaking, induction
machines are suitable for cost sensitive application fields. Reluctance machines are suitable in
the harsh environment and permanent magnet machines have the best electrical performance.
Table 1.3 lists some high-speed electric machines that were selected form the results of a
literature search on IEEE/IEE Electronic Library and sources from Internet. It hints that the
induction machines are more likely used in moderate and large power range applications, and
the permanent magnet machines are more employed in small and moderate power range
applications. Table 1.3 also indicates that reluctance machines are less popular than induction
machines and permanent magnet machines. Due to its prominent electromagnetic

performance, this thesis will focus on the high-speed permanent magnet machines.
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Table 1.2 Advantages and disadvantages of high-speed machines.

Advantages Disadvantages-
Induction e Low cost e Copper loss on rotor
machine e Open loop speed ¢ Laminated rotor is vulnerable to
regulation without mechanical vibration
position sensor ¢ Solid rotor generates significant loss
e Low windage loss e Less efficiency than PM machines
¢ Low maintenance e Lower power factor than PM machines

Synchronous ¢ Simple and robust rotor

Low efficiency

reluctance ¢ Low idle speed loss e Low power factor
machine ¢ High temperature ¢ High windage loss
capability e Low power density
e Low acoustic noisc and e Less tolerant of big airgap length
vibration ¢ Position sensor require
Switched e Simple and robust rotor e Acoustic noise and vibration
reluctance e Low idle speed loss e Low efficiency
machine e High temperature e Low power factor
capability High windage loss
e Highly fault tolerant Low power density

Less tolerant of big airgap length
Position sensor required

PM machine e High efficiency e Low rotor mechanical integrity
¢ High power density e Low temperature capability
o High power factor e Needs sleeve to protect surface mounted
¢ Low windage loss magnets
e Quite operation e Position sensor required
DSPM/FRPM/ e High efficiency e Significant flux leakage
FSPM e High power density ¢ High windage loss
e High power factor e Complicated stator structure
¢ Simple and robust rotor e Immature technology

Position sensor reﬂuired
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Table 1.3 Some high-speed electric machine selected from literature.

Power Speed Machine type Reference

[kW] [rpm]

21 47,000 Induction machine, [3], centrifugal compressor
laminated rotor

45 93,000 Induction machine [4], turbo-charger

200 12,000 Induction machine, [7], prototype
caged solid rotor

5,220 5500 Induction machine, [40], gas compressor
caged solid rotor

6,000 10,000 Induction machine, [41], gas compressor
laminated rotor

6,300 8,600 Induction machine, solid [9], turbo compressor
rotor

10,000 12,000 Induction machine, [42], gas compressor
caged solid rotor

0.372 48,000 Synchronous reluctance  [10], prototype
machine

20 20,000 Synchronous reluctance  [12, 43}, prototype
machine, solid rotor

60 48,000 Synchronous reluctance  [14], flywheel energy storage system
machine

1.6 88,000 Switched reluctance [44], hand dryer
machine

32 26,000 Switched reluctance [16], electric starter-generator
machine

0.01 150,000 Permanent magnet [45], motorised handpiece
machines, SmCo

0.2 104,000 Permanent magnet [46], vacuum cleaner
machines

0.5 150,000 Permanent magnet [47], turbo-charger
machines, SmCo

0.7 100,000 Permanent magnet [30], prototype
machines

1 12,000 Permanent magnet [48], prototype
machines, interior
magnets

1 40,000 Permanent magnet [19], hand tool
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machines, slotless,

sintered NdFeB

1 40,000 Permanent magnet [22], flywheel for
machines, slotless, electro-mechanical battery
Halbach array magnets

1.2 120,000 Permanent magnet [49], prototype
machines

2 40,000 FRPM, single-phase [39], vacuum cleaner

2t0 S 100,000to  Permanent magnet [29], turbo-charger

140,000 machines, 4-pole

5 150,000 Permanent magnet [18], machine tool
machines, large airgap

5 240,000 Permanent magnet [50], centrifugal compressor
machines, inconel
sleeve

11 50,000 Permanent magnet [51], machine tool
machines, interior
Halbach magnets

14 12,000 Permanent magnet [52], air compressor
machines

21 47,000 Permanent magnet [4], centrifugal compressor
machines, bonded
NdFeB

131 70,000 Permanent magnet [53], micro-turbine
machines

1.3 Single-phase permanent magnet machines

Compared to polyphase permanent magnet machines, single-phase permanent magnet
machines have a simpler construction and control circuit, and are, therefore, less expensive.
For this reason, single-phase permanent magnet machines have been widely used in
low-power household applications where the cost is one of most important aspects. For
example, line-start single-phase permanent magnet machines can be used instead of the
conventional induction machines for applications in pumps, air conditioners and fans [54-55].
As shown in Figure 1.9, the stator is the standard conventional induction motor's stator which
is well suited for mass production. The rotor consists of an electrically conducting squirrel
cage and pairs of permanent magnets. Due to the usage of permanent magnets, its efficiency,
power factor and power density are higher than conventional induction machines. Further,
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without requiring the inverter and position signal, this machine can start and operate in
steady-state as a conventional synchronous machine, where the rotor speed is mainly
voltage-source frequency dependant. Hence, the cost is very low. However, it is not suitable

for high-speed applications due to complex rotor structure and inherent limited speed.

Another well developed single-phase permanent magnet machine is shown in Figure 1.10 and
Figure 1.11, where the structure can be either with cylindrical rotor and U-shape stator, or
cylindrical rotor and cylindrical stator. U-shape is easily manufactured, and thus low cost.
However, it has higher stator flux leakage than cylindrical shape stator, which reduces its
performance [56]. Compared to polyphase permanent magnet machines, the primary
advantage is reduced inverter components and position sensors. Thus, they are superior to
polyphase machines in applications where cost is of greater importance than performance

such as vacuum cleaner, pumps, CD-ROM DVD and HDD drives [57-59].

A single-phase flux reversal permanent magnet motor, Figure 1.12, has been reported in [39]
for high-speed vacuum cleaner application. Also, a single-phase flux switching permanent
magnet motor, Figure 1.13, is presented in [60]. Both of them are well suited to high-speed

applications as discussed in the previous section.

As single-phase permanent magnet machines have null-points in their torque waveforms, it
may fail to start. A few technologies have been employed to overcome this problem. An
additional magnet may be used to force the rotor to park at the position where starting torque
can be achieved, albeit with increased cost [61]. A notch on the stator can also be employed to
assist the start [62-63]. Four different types of asymmetric airgap, namely, tapered airgap,
stepped airgap, asymmetric airgap and slotted teeth are compared in [64], and it was found
that the tapered airgap is the most appropriate since it results in a smoother resultant torque
waveform. Tappered airgap has been widely adopted to introduce the starting torque [39, 61,
64-66]. Hall sensor is usually adopted to provide the appropriate signals to the drive switches
for delivering required torque. A sensorless approach is also presented in [66-67] which has a
relatively complicated circuit logic and layout.
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Overall, from the cost point of view, single-phase permanent magnet machines are very
attractive. However, unlike three-phase permanent magnet machines, very few single-phase
permanent magnet machines have been well developed and analyzed for high-speed

applications.

1.4 Rotor eddy current loss of permanent magnet machines

1.4.1 Review of rotor eddy current loss calculation

In the low and moderate speed three-phase permanent magnet brushless machines, the eddy
current loss in the rotor is usually neglected [68], since the rotor rotates in synchronism with
the fundamental stator mmf. However, because of relatively simpler manufacture, less copper
loss and potential higher efficiency, as a result of relatively shorter end winding. The
concentrated and non-overlapping windings are widely employed in the new machine
topologies {27, 69-70], which introduces additional space harmonics of the stator mmfs which
rotate at different speeds from that of the rotor. Thus, the eddy current induced in the rotor
results in a significant eddy current loss. Further, three-phase permanent magnet brushless DC
machines are supplied by an alternating pulse of rectangular current of 120° electrical and
with a 120° electrical shift between the three phases of the stator. Therefore, compared to
brushless AC machines, brushless DC machines may have a relatively greater eddy current
and associated ohmic loss, due to significant time harmonics in the winding current
waveforms, with a fixed six-step commutation mode (that is by 60° electrical) [71-75]. PWM
current control strategy may introduce high frequency current ripple which may cause an
additional eddy current loss [76]. Therefore, the overall rotor eddy current loss associated to
the space and time harmonics of the stator mmfs, which is designated as armature rotor eddy

current loss, may be significant.

In addition to the space harmonics of the winding distribution and the time harmonics of the
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winding current, the stator slot opening is another potential cause for the eddy current loss
[77-80]. Due to the stator slot opening, there exists the airgap permeance harmonics which
can cause a variation of the magnet working point when the magnet is passing under the stator
slot openings. Hence the eddy current and associated ohmic loss, which is designated as
open-circuit rotor eddy current loss, can be induced. However, because of the relatively small
stator slot openings, the open-circuit rotor eddy current loss is generally considered to be

negligible.

Unlike the rotating field of the stator mmfs in the three-phase permanent magnet brushless
machines, the single-phase permanent magnet brushless machines inherently have a pulsating
stator mmf. Fundamental and higher order time harmonics of the winding current results in a
pulsating instantaneous airgap field distribution, which can be resolved into forward and
backward components. Both forward and backward rotating harmonic mmfs, which do not
rotate in synchronism with the rotor, may induce a significant armature rotor eddy current

loss.

Further, in contrast to the symmetric airgap in the three-phase permanent magnet brushless
machines, an eccentric airgap is usually employed to improve the starting capability and
facilitate the unidirectional rotation in the single-phase permanent magnet brushless machines
[64, 81-83]. This eccentric airgap will introduce more airgap permeance harmonics which

result in a considerable open-circuit rotor eddy current loss.

The rotor eddy current loss may be aggravated further when the motor operates at high speed
or has a high pole number. It not only reduces the overall machine efficiency, but also may
cause a significant heating of the permanent magnets, due to the relatively poor heat
dissipation from the rotor, and even worse if the sleeve is fitted to protect the permanent
magnet against the centrifugal force [75, 78] and [20, 84-87]. It may irreversibly demagnetise
the partial permanent magnet, particularly for sintered NdFeB magnets, which have relatively
high temperature coefficients of remanence and coercivity and a moderately high electrical
conductivity. As a result, the overall machine performance is significantly reduced.
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It is essential, therefore, to predict the rotor eddy current loss as accurately as possible at the

motor design stage.

1.4.2 Analytical model

The rotor eddy current loss can be predicted by either time-stepped finite element method
(FEM) or analytical models. Compared to FEM, analytical models can give a deeper insight
into the way of the eddy current loss facilitates optimisation of the motor design with less

calculation time at motor design stage, provided it is applicable and of acceptable accuracy.

In [77], an analytical model formulated in Cartesian coordinates is presented to determine the
harmonic content in the flux pattern of permanent magnet synchronous machines due to the
slotting of the stator and the corresponding eddy current loss in the magnets and retaining
sleeve. However, it is only valid for the diametrically magnetised magnets. In [80], an
analytical model based on a 2D polar coordinate is developed for calculating the open-circuit
rotor eddy current loss of the machines having diametrically magnetized magnets. However,
both analytical models ignore the eddy current reaction and are inappropriate for the

single-phase machines which have asymmetric airgap.

In terms of different motor topologies and operating conditions, corresponding analytical
models have been developed to determine the armature rotor eddy current loss. The armature
rotor eddy current loss, in the conducting retained sleeve, may be considered. If the ratio of
the rotor diameter to the pole pitch is relatively high, the rectilinear coordinate is appropriate
[77, 88]. Otherwise, a polar coordinate system [27, 69, 72, 76, 80] is a better option to account
for curvature, particularly 2-pole motors, which are often preferred for high-speed
applications. If the skin depth associated with induced field harmonics is relatively greater
than the pole arc and the radial thickness of the permanent magnets, the induced eddy current

loss can be assumed to be resistive limited and the influence of the eddy current reaction field
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can be neglected [27, 69]. Otherwise, the effect of the eddy current reaction field should be
considered [72-73, 75-77].

Up to date, existing papers have been mainly restricted to three-phase/multi-phase PM
brushless machines. However, the rotor eddy current loss in the single-phase permanent
magnet brushless machines, which cannot be neglected due to an eccentric airgap and
pulsating stator mmf, has not been reported in literature. Hence, in this thesis, analytical
models developed for calculating the armature rotor eddy current loss of the three-phase
permanent magnet motors are extended to the single-phase permanent magnet brushless

machines.

1.4.3 Finite element model

Due to an eccentric airgap, it is relatively difficult for analytical model to account for the
open-circuit rotor eddy current loss in the single-phase permanent magnet brushless machines.
Therefore, FEM is used to calculate the open-circuit rotor eddy current loss, even though

FEM is time-consuming and may not provide as much insight as an analytical solution.

Though a few publications have addressed how to predict the rotor eddy current loss with
FEM or analytical models, relatively little work has been presented on on-load rotor eddy
current loss which denotes the total harmonic loss occurring under the load condition due to
the stator slot openings, the eccentric airgap and the stator mmf, particularly in the
single-phase permanent magnet machines. Particularly for PM machines where the
fundamental airgap flux density is strongly affected by the load condition, superposition does
not apply, which means the open-circuit rotor eddy current loss and the armature rotor eddy
current loss cannot be simply added to give the on-load rotor eddy current loss. Therefore,
compared to analytical model, FEM is advantageous to directly calculate the on-load rotor

eddy current loss.
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Further, FEM is able to analyse the influence of axial and circumferential segment of the
permanent magnet on the rotor eddy current loss. Meanwhile the effect of the eddy current

redistribution can be taken into account with high level of accuracy.

Basically, in FEM the study domain is represented by multiple, linked, simplified
representations of discrete regions, i.e. finite elements. For electromagnetic devices, such as
electrical machines, which are governed by electromagnetic fields, nonlinear partial
differential equations can be derived from the Maxwell’s equation. In conjunction with
applicable physical model, nonlinear partial differential equations are applied to each element,
and a set of simultaneous system equations is constructed. The equations can be solved to
obtain the magnetic potentials and subsequently the field strength and flux density etc. While
being an approximate method, the accuracy of the FEM can be improved by refining the mesh

in the model using more elements and nodes.

In general, there are three phases in the procedure of the FEM analysis:
€)) Pre-processing — define the finite element model and environmental factor to be
applied to it.

e Constructing the geometry of an object: For example, commercial FE package
FLUX2D, which will be used to analysis the rotor eddy current loss in Chapter, has
access to parameters which can help in both the construction of the geometry and in
modifying the geometry. Firstly, the points are defined. Secondly, the lines are
constructed by the previously defined points. The last step is to define the surface
regions which can be constructed from one or several closed surfaces limited by the
lines.

e Discretizing the field regions, such as stator iron, winding, airgap, sleeve, fnagnet,
rotor iron and shaft for the PM BLDC motor, by creating the mesh which is required
by the FEM to subdivide the study domain into elements. The user of FLUX2D can
use the automatic mesh generator to generate triangular mesh by using the
subdivisions on those lines having been used for the geometry definition. In general,
the airgap and tooth tips should have a relative smaller mesh size to achieve the

20



@

3)

accurate results. For the high-speed applications of the PM BLDC motors, the
influence of the skin effect on the rotor eddy current loss can not be neglected.
Therefore, the regions for the sleeve and the magnet have fine mesh elements.
Defining the physical properties: to define the material properties such as nonlinear
B/H characteristics of the steel, relative permeability and remanent flux density of the
permanent magnet, electrical conductivity of the permanent magnet and sleeve, to
assign materials and sources to different regions.

Selecting the modules of application: In this thesis, magnetostatics and transient
magnetics modules of the FLUX2D are used to analyze the motor performance.
Magnetostatics module gives a fast computation, however, the skin effect cannot be
taken into account and the eddy current loss cannot be obtained directly. The rotor
position needs to be defined before starting the computation. In contrast, transient
magnetics module can give the eddy current loss straightforward with consideration
of the skin effect, but need relatively longer computation time. The motor speed and

rotation step also needs to be defined before solving the model.

Analysis solver — solve the discretized partial equations under specified boundary

conditions.

Post-processing — process, plot, analyze and export the results of a problem. In terms
of the electromagnetic problem such as PM BLDC motors, FLUX2D can generate the
flux density, flux linkage, back-EMF, inductance, torque, iron loss and eddy current

loss and so on, which are dependent on the settings in the pre-processing.

1.5 Scope of research and contributions of the thesis

In this chapter, different machine topologies for high-speed applications and the associated

rotor eddy current loss in permanent magnet machines have been reviewed. Conventional

high-speed permanent magnet machines suffer from the rotor eddy current loss and the risk of
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irreversible partial demagnetisation of permanent magnets. Therefore, accurate prediction of
the rotor eddy current loss is essential at the machine design stage. Further, new topology of
high-speed permanent magnet machines such as flux switching permanent magnet mahcines,

is a potential solution. The outline of this thesis is described below:

Chapter 2: Three-phase and single-phase permanent magnet machines having the same power
ratings are comparatively studied. Two three-phase permanent magnet machines, namely,
Design A and Designed B, are analysed at the design stage, and Design A is prototyped for
further analysis. Four single-phase permanent machines, namely Design C, Designed D,
Design E and Design F, having different stator airgap and slot openings, are analysed at the
design stage, and Design E is prototyped. The comparison of simulated and tested phase

current is presented.

Chapter 3: Firstly, the static and improved analytical models for three-phase permanent
magnet brushless machines are developed to predict the armature rotor eddy current loss in
both the permanent magnet and the conducting retained sleeve (if fitted). Secondly, the above
static and improved analytical models are extended to predict the armature rotor eddy current
loss of the single-phase PM brushless machines which have a symmetric airgap. Thirdly, with
aid of FEM to derive the boundary conditions, modified static and improved analytical
models are developed to predict the armature rotor eddy current loss of the single-phase

permanent magnet brushless machines having an eccentric airgap.

Chapter 4: FEM is used to predict the open-circuit, armature and on-load rotor eddy current
loss of the single-phase and three-phase permanent magnet machines. Further, the influences
of the current waveform and the level of airgap asymmetry, the thickness and electrical
conductivity of the retaining sleeve (if employed), and the magnet segmentation on the rotor

eddy current loss of the single-phase permanent magnet machines are investigated by FEM.

Chapter 5: The operation principle of the single-phase FSPM motor is introduced. Three
different winding topologies, full-pitched, short-pitched and toroidal, are investigated. The
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starting issue is addressed and the starting capability is improved by optimizing the chamfered

rotor pole. A 3D LPMC model! is developed to analyse the end effect, to optimise the rotor

pole width to increase the motor torque/power density. Further, it is employed to investigate

the effect of the magnet dimensions and motor axial length on the end-effect. Finally, a

simulation model is developed to investigate the motor dynamic performance.

Chapter 6: General conclusions of the research and suggestions for future work.

The major contributions of the thesis include:

1.

Development of analytical models to predict the rotor eddy current loss in three-phase
and single-phase permanent magnet brushless DC motors with/without accounting for
the eddy current reaction field. |

Investigation of open-circuit, armature and on-load rotor eddy current losses in the
permanent magnet brushless DC motors by the finite element method, with particular
emphasis on the single-phase motor having an eccentric airgap with consideration for
degree of airgap eccentricity, excitation current waveform, magnet segmentation,
thickness and electrical conductivity of the retaining sleeve.

Development of 100,000rpm, 1.2kW, single-phase flux switching permanent magnet
motor with an optimised chamfered rotor pole to improve the starting capability for
the automotive electrical turbo-charger application.

Development of a 3D lumped circuit magnetic model of single-phase flux switching
permanent magnet motor, with due account for significant end leakage flux, to predict
the back-EMF and the inductance, to optimise the rotor pole width for increasing the
motor power density, and to investigate the relationship between the magnet

dimensions and the motor end effect.
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Shaft

Squirrel cage rotor

(a) Squirrel cage rotor

(b) Slitted solid rotor
Figure 1.1 Induction machine topology with squirrel cage rotor

Figure 1.2 Synchronous reluctance machine stator topology.

24



(a) Classical salient rotor (b) Drilled rotor [12]

(d) Laminated rotor with flux barriers [14]
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Figure 1.3 Synchronous reluctance machine rotor topologies.
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Figure 1.4 Switched reluctance machine topology.[17]

Figure 1.5 Conventional permanent magnet machines
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(a) Single phase [33]

(b) Three phase [89]

Figure 1.6 Doubly salient permanent magnet machines
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Conventional FRM Proposed FRM

(c) Three phase with concave stator pole and flux barrier [35]

Figure 1.7 Flux reversal permanent magnet machine topologies
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Figure 1.8 Flux switching permanent magnet machine topologies
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Figure 1.9 Line-start single-phase permanent magnet machine cross-section [54].
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Figure 1.10 Single-phase permanent magnet machines with U-shape stator and taped
arigap[93].

e/

Figure 1.11 Single-phase permanent magnet machines with round stator and tapered airgap.

Figure 1.12 Single-phase flux reversal permanent magnet machines with tapered airgap [39].
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Figure 1.13 Single-phase flux switching permanent magnet machines with stepped airgap

[60].
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CHAPTER 2

Design and Analysis of Single-Phase and Three-Phase PM
Brushless DC Motors

2.1 Introduction

As reviewed in Chapter 1, PM brushless motors have been widely used for the high-speed
applications due to their high efficiency, high power density, small size and reliability. The
most commonly used PM brushless motors are three-phase motors, which generally
represents the best trade-off of the motor iron and copper utilization with the cost of the
inverter. Alternatively, single-phase PM brushless motors can offer a relatively low cost,

which is always desirable in cost sensitive domestic appliance applications.

In this chapter, a three-phase and a single-phase high-speed PM brushless DC motors,
designed for use of the pump application, are analysed. Both motors are designed to operate at
speed of 45,000rpm with 1,100W output power. The additional specifications required by the

customer are given in Table 2.1.

The three-phase PM brushless DC motor is designed by the CAD package, ERINI, which was
developed within the Electrical Machines and Drives Group at the University of Sheffield.
The dynamic simulation model is developed to predict its electromagnetic performances. The
three-phase motor is driven by a six-pulse full-bridge inverter, with the aid of FEM predicted
inductance, back-EMF and cogging torque. Then, the simulated phase current waveform is
fed back to FEM to analyse the stator iron loss and the rotor eddy current loss. Finally, the

prototype of the three-phase motor is built and tested.
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Table 2.1 Specifications of high-speed PM brushiess motors.

Output power (W) 1,100

Speed (rpm) 45,000

Rotor outer diameter (mm) ~25

Three-phase stator outer diameter (mm) 70

Single-phase stator outer diameter (mm) 64.5

Stator axial length (mm) 30+10

Power source 230V AC, 50Hz

Rotor containment Stainless steel sleeve of 0.6mm

An equivalent single-phase PM brushless motor is designed as well. For sake of simplicity,
the rotor outer diameter is kept the same as that of three-phase motor. Since the stator outer
diameter is specified by the customer, the axial length is adjusted to achieve the required
power. In addition, a simplified analytical model is developed to examine the optimal ratio of
stator bore to stator outer diameter for the maximum electromagnetic torque at a given copper
loss. Dynamic simulation models are developed for the single-phase motors which are driven
by either full-bridge inverter or half-bridge inverter employing the bifilar windings,
respectively. The simulated phase current waveform is fed back to FEM to analyse the stator
iron loss and rotor ¢ddy current loss. Again, the prototype of the single-phase motor is built

and tested.

2.2 Rotor design

As high-energy magnets lead to a high power density and low rotor diameter, which is
beneficial to reduce the centrifugal force on the magnet and the sleeve thickness, it is
desirable to choose the rare earth magnets. Further, because of harsh working environment,
SmCo magnets are selected rather than NdFeB, due to its high corrosion resistance and high

temperature stability.

The PM motors designed in this Chapter have the magnets on the rotor. The magnets can be

either mounted on the surface of the rotor or buried into the rotor. As discussed in Chapter



1.2.3, the surface mounted magnets are commonly used due to its simple rotor structure, easy
assembly process and high mechanical integrity if the sleeve is fitted. Hence, the surface
mounted magnets are employed to design the high-speed three-phase and single-phase PM
motors. Since SmCo magnets have a relatively low mechanical strength, the non-magnetic
containment sleeve is necessarily required for the safety of the magnets under the high-speed
operation. Considering its low cost, moderate electrical conductivity, strong mechanical
strength and good thermal conductivity, the non-magnetic stainless steel is selected for the

rotor sleeve.

As the speed increases, the switching frequency of the inverter devices and the variation of
the flux in the stator iron and rotor magnet will increase. Consequently, the inverter switching
loss, the iron loss and the rotor eddy current loss increase significantly and dominantly affect
the motor efficiency. Hence, 2-ploe rotors are preferred for high-speed applications to increase

the motor efficiency and will be adopted for the motors designed in this chapter.

The magnets can be magnetized in the parallel direction, the radial direction or the Hallbach
array. Parallel magnetisation and Hallbach array can deliver a sinusoidal airgap flux density
distribution, while radial magnetisation has a trapezoidal airgap flux density distribution.
Since trapezoidal field distribution contains significant high-order field harmonics which will
induce more stator iron loss than sinusoidal field distribution. It is also found that trapezoidal
field distribution has more torque ripple and on-load rotor eddy current loss than sinusoidal
field distribution in the single-phase PM brushless motor, as will be discussed in Chapter 4.7.
Further, parallel magnetisation is relatively easier to be processed than radial magnetisation,
while a 2-pole diametrically magnetised magnet (parallel magnetisation) is a special case of
Hallbach array. Hence, a 2-pole SmCo with the parallel magnetisation is mounted on the
surface of the rotor and retained by a non-magnetic stainless steel sleeve to form a rotor as

shown in Figure 2.1.
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2.3 Three-phase PM motor design

2.3.1 CAD design

Compared to the overlapping distributed windings, the non-overlapping concentrated
windings have a simple construction and compact end windings which lead to be cost
effective and low copper loss. Further, the axial length of the rotor is reduced. Consequently,
the critical speed and stiffness can be increased [1], és they are very important aspects for
high-speed motor. Hence, 3-slot stator carrying non-overlapping concentrated windings is
selected to be the three-phase stator. The stator core is structured by 0.35mm silicon-iron
(Si-Fe) lamination steel, Transil300_16T. The properties of the motor material are

summarised in Table 2.2.

Table 2.2 Properties of motor materials

Material Sm,Co,7 S3/225

Magnetisation Parallel
Permanent magnet Residual induction B; @20°C (T) 1.04

Magnetic recoil permeability 1.1

Temperature coefficient of B, (%/°C) | -0.035
Electrical conductivity (10°Qecm) | 1.43x10°

Material Transil300 16T
Lamination thickness 0.35 mm
Stator and rotor Hysteresis loss factor k, 1.55¢-02
L Hysteresis loss factor o, 2.45
lamination Eddy current loss factor k, 1.0e-04
Electrical conductivity (Q'em™) 1.33x10°
Material Stainless steel
Sleeve Electrical conductivity (Q'*m™) 1.39x10°

The three-phase PM motor was designed by the CAD motor design package ERINI developed
within the Electrical Machines and Drives Group at the University of Sheffield. Output torque,
speed and dimension constrains were given to ERINI as the input parameters. This software

rapidly generated a range of different feasible motor dimensions, which met the requirements.
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With the aid of its post-process toolbox, by examining the more detailed motor properties,

such as efficiency, peak flux density, and magnet size and so on, the suitable designs could be

chosen for further investigation. Initially two motors, Design A and Design B, as shown in

Figure 2.2, are selected for further investigations. Finally Design A is prototyped as shown in

Figure 2.3. Their leading dimensions and performance are given in Table 2.3.

Table 2.3 Leading dimensions and performance of three-phase PM motors

Performance

DC link voltage (V)
Rated speed (rpm)
Input power (W)
Output power (W)
Copper loss (W)

Iron loss (W)
Friction Loss (W)
Drive ohmic loss (W)
Efficiency

Stator dimensions

Outer diameter (mm)
Inner diameter (mm)
Back-iron thickness (mm)
Lamination axial length (mm)
End winding length (mm)
Motor axial length (mm)
Motor volume!'! (mm®)
Tooth width (mm)

Tip edge thickness (mm)
Slot opening (mm)
Wedge angle (deg.)

Rotor dimensions

Magnet outer diameter (mm)
Magnet inner diameter (mm)
Rotor axial length (mm)
Effective airgap length (mm)
Sleeve thickness (mm)

Design A

290
45,000
1,310
1,120
14.87
27.55
150
9.98
84.7%

70.0
28.0
9.4
32.0
11.5
55.0
2.12x10°
16.3
0.4
1.5
151.6

25.0
19.0
343
1.5
0.6

Design B

290
45,000
1,310
1,100
30.06
17.66
150
12.34
84.0%

70.0
28.0

7.2

15.1
14.95
45.0
1.73x10°
12.2

0.4

1.5
144.8

25.0
19.0
18.1
1.5
0.6



Pole-arc/pole-pitch ratio 1.00 1.00

Winding details

Connection Star Star
Number of phase 3 3

Coil per phase 1 1
Tumns per coil 61 103
Wire diameter (mm) 1.01 0.96
Packing factor 0.4 04
Phase resistance (mQ) 243.2 378.17
Phase self-inductance” (mH) 1.144 1.684
End winding inductance (mH) 0.048 0.179
Phase mutual-inductance (mH) -0.471 -0.645

— ]
[ Motor volume includes the end winding space.

(2] Phase self-inductance includes the end winding inductance.

It can be seen that both Design A and Design B can meet the specifications with similar
efficiency. However, it is difficult to identify which one is the better solution by only
examining the CAD generated results. Further, only open-circuit iron loss can be predicted by
the CAD package, which will compromise its accuracy, particularly considering the
significant on-load iron loss and rotor eddy current loss for the high-speed motors. Hence, it is
desirable to predict these losses accurately. In order to obtain the on-load loss, the dynamic
model is developed to simulate the dynamic phase current. Then the simulated phase current
is fed into finite element model (FEM). By rotating the rotor over a complete electrical cycle,
the rotor eddy current loss can be obtained from FEM directly. Further, the radial and
circumferential components of flux density in each element of the mesh model can be
synthesized as a function of rotor position. The total iron loss can be calculated as the sum of
the loss components associated with the radial and tangential flux density waveforms in each

element. Its flowchart is illustrated in Figure 2.4.

2.3.2 FEM validation

Compared to CAD package, FEM can give relatively more accurate results. The reason is that



the local saturation and slot openings can be properly modelled in FEM. In addition, FEM is
capable of predicting the on-load stator iron loss and rotor eddy current loss. Therefore,
Design A and Design B are modelled in FEM, using the commercial FE package, i.e. MEGA,

for further investigation.

2.3.2.1 Back-EMF

2D FEM predicted open-circuit flux distributions are shown in Figure 2.5 and corresponding
airgap flux density distributions are shown in Figure 2.6. Due to the diametrically magnetised
permanent magnet, the sinusoidal open-circuit airgap flux density is achieved. Hence, the
back-EMF waveform is essentially sinusoidal, as shown in Figure 2.7. According to Figure

2.7(a), 2D FEM predicted and measured back-EMFs of Design A are in a good agreement.

2.3.2.2 Cogging torque

Cogging torque results from the interaction of the rotor permanent magnets with the stator
teeth, and may cause the undesirable torque and speed ripple and induce vibrations and
resonances. Hence, cogging torque needs to be examined at the motor design stage. The 2D
FEM predicted cogging torque waveforms are shown in Figure 2.8, it can be seen that:

o The periodicity of the cogging torque waveform is determined by the least common

multiple, N, , between the number of slots, N, and the number of poles, 2p, i.e.

360°/N,, [94]. For this 3-slot/2-pole three-phase motor, N, is 6 and the

periodicity is 60°.
o Compared to the rated load, i.e. 0.233Nm, the cogging torque of the three-phase
motor is very small. Hence, it will be neglected in the dynamic simulation model as

described later.
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2.3.2.3 Inductances

The winding inductances play an important role in the dynamic performance of high-speed
brushless motor [1]. As the speed increases, the inductive reactance of the windings results in
a bigger time constant, and consequently it is relatively difficult for the winding current to
reach its rated value within the phase-conductive interval. Further, it can cause a significant
phase delay in the phase current waveform with respect to the induced back-EMF waveform.
Hence, the negative torque is generated which results in a reduction of the overall torque

capability and maximum operating speed.

Since the rotor is non-salient, the winding inductances do not vary with the rotor position. To
calculate the self- and mutual-inductances in the FEM, the permanent magnet material was set
to be fully demagnetised. By exciting only one phase with the rated current I, the

self-inductance L can be calculated from:

L=21—’f1 (H) 2-1)

where W, -- Energy stored in the winding which can be obtained from the FEM; Joules

Then two phases are excited with the rated current. The total energy W2 stored in the

windings can be obtained form the FEM. The mutual-inductance M can be calculated from:

M= 7

(H) (2-2)

FEM and CAD calculated winding inductances are compared in Table 2.4. Since the end
winding was not taken into account in FEM, CAD predicted self-inductance with due account

for the end winding is slightly bigger than the FEM predicted value.
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Table 2.4 Comparison of FEM and CAD predicted winding inductance.
b _ __

Design A Design B
FEM CAD FEM CAD

Withend  Without end Withend  Without end

winding winding winding winding
Self-inductance 1.101] 1144 1.096 1557 | 1.684 1.505
(mH)
Mutual-inductance | L0.471 -0.696 -0.645
(mH)

2.3.2.4 Loss analysis

As is well known, for a given PM brushless motor and its cooling system, there is a thermal
limit relating to the winding insulation class and the withstanding capability of the magnet
demagnetisation which are influenced by the stator loss and rotor loss, respectively. In
addition, less loss is always desired to improve the system efficiency. Hence, at the motor
design stage, each loss component needs to be investigated such as winding copper loss, stator

iron loss and rotor eddy current loss.

A. Copper loss

UNIVERSITY
The total winding copper loss can be calculated by: OF SHEFFIELD
LIBRARY
p,=3_*R (W) (2-3)
where I, -- Root mean square of the phase current; A
R --Phase resistance at the operating temperature T, (°C), and can be given by:
R=R1+ Ty, -Th)a,] () (2-4)

where, R, -- Phase resistance at the reference temperature 7, (°C); Q

a,, -- Copper temperature coefficiency; oc!
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According to Table 2.3, Design A has a less copper loss due to its relatively smaller winding

resistance.
B. Stator iron loss

As the speed increases, the stator iron loss increases dramatically. Hence, it is important to

predict the stator iron at the design stage for high-speed motors. Under the alternating flux

conditions, the total stator iron loss density P, can be separated into a hysteresis component
P, and an eddy current component P, [1]:

F,=F,+PF, (W/kG) (2-5)

The hysteresis component is attributed to the net energy loss associated with sudden
irreversible changes within the domain structure as the magnetization is increased or
decreased. Under the alternating flux condition and no minor hysteresis loops, the hysterisis

loss density can be expressed as [1]:

B =k /B2  (WKG) (2-6)

where f  -- Frequency of flux density; Hz

B, -- Peak flux density; Hz
k,  -- Experimentally determined hysterisis loss constant, as given in Table 2.2.
a, -- Experimentally determined hysterisis loss constant, as given in Table 2.2.

The eddy current loss is the Joule loss caused by the eddy currents which are induced by the

time-varying field. The eddy current loss density can be decomposed into classical eddy

current loss P, and excess eddy current loss P, as expressed by [1]:

od’ (dB)z
P = — | dt W/kG 2-7
= 2T I i (W/KG) (2-7)
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1.5
p=t ﬂﬁ dt  (W/G) | (2-8)
T ar

where, o -- Electrical conductivity of lamination; Q''m™

d -- Lamination thickness; m

p -- Mass density of lamination; kG/m’

k, -- Eddy current loss constant, which is again determined experimentally and given

in Table 2.2.

A self-written post-processing programme in MATLAB environment is used to obtain the
variation of the radial and circumferential components of the flux density from the FEM as
the rotor is incrementally rotated through a complete electrical cycle, on an
element-by-element basis. The iron loss density of each element can be calculated as the sum
of the loss density associated with the radial and circumferential flux density waveforms. The

total stator iron loss can be computed as the sum of the loss dissipated in each element:

N,
P=l kiz (B,+P+P)4] (W) (2-9)
n=]
where [/,  -- Stator lamination axial length; m
k, -- Stacking factor.
A, --Areaofthe n” finite element; m’
N, -- Total number of stator lamination mesh elements.

e

The phase current waveform, as shown in Figure 2.9(a), required for the calculation of the
stator iron loss under load condition is determined from a dynamic simulation model which
will be described later. The local flux density waveforms against the rotor rotation position in
each element are synthesized and shown in Figure 2.10 and Figure 2.11 for elements in the
middle of stator back-iron and tooth body of Design A under open-circuit and load condition,
respectively. It shows that under both open-circuit and load condition, the flux at back-iron is
an alternating type, while the flux through out the teeth is a rotating type in a high-speed
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brushless motor in which the stator flux density is usually designed to be lower than that in a
conventional motor in order to reduce the stator iron loss and hence the ratio of tooth width to
tooth height is relatively small. It also clearly shows that on open-circuit the flux density
waveforms are essentially sinusoidal, but on load they are significantly distorted. The stator
iron losses of Design A and Design B are compared in Table 2.5. It could be noted that

Design A has slightly more stator iron loss than Design B.

The finite element technique is also employed to analysis the stator iron loss of Design A
under different operating conditions:

(a) Sinusoidal current BLAC operation at rated load;

(b) 120° conduction BLDC operation without PWM voltage control at rated load;

(¢) 120° conduction BLDC operation with PWM voltage control at rated load;

(d) 120° conduction BLDC operation with PWM current control at rated load.
The corresponding phase current waveforms at 45krpm, deduced from dynamic simulation,
are shown in Figure 2.9. It should be noted that the current waveform in Figure 2.9(b) was
obtained by controlling the dc-link voltage, i.e. by employing a dc chopper to achieve the
required rotational speed, while the current waveform shown in Figure 2.9(c) was obtained
with the rated dc-link voltage and a PWM voltage controller (14kHz, duty cycle=84%). The
equivalent current waveform which would result from a PWM current controller has been
simplified as a 120° rectangular current waveform, as shown in Figure 2.9(d), in which
high-order PWM harmonics are neglected. The fundamental component of the various current
waveforms is similar to that shown in Figure 2.9(a), which corresponds to BLAC operation.
Table 2.6 compares the stator iron loss of Design A with alternative current waveforms. It will
be seen that when operated in sinusoidal current BLAC mode the stator iron loss at rated load
increases only slightly, compared with that on no-load. However, when operated in BLDC
mode the iron loss increases significantly both with and without PWM voltage control, PWM

current control resulting in the highest iron loss.



Table 2.5 Comparison of stator iron loss (W) of Design A and Design B at 45,000rpm under
open-circuit and load conditions.

—

Design A Design B
Open-circuit On load Open circuit On load
Hysteresis loss 5.47 7.11 3.72 7.2
Classical eddy current loss 11.33 17.59 7.8 16.87
Excess eddy current loss 10.48 14.22 6.14 10.89
Total stator iron loss 27.27 38.92 17.67 34.98

Table 2.6 Comparison of stator iron loss (W) of Design A under different operating

conditions.
BLAC BLDC
No PWM PWM voltage PWM current
control control

Hysteresis loss 5.77 7.06 7.11 7.72
Classical eddy current loss 12.56 17.28 17.59 30.00
Excess eddy current loss 11.24 14.11 14.22 19.15
Total stator iron loss 29.57 38.46 38.92 56.87

C. Rotor eddy current loss

The pulsations of the flux density in the rotor induce the eddy current loss in the solid
cylindrical PM and retaining sleeve (if fitted and electrically conductive). As the speed
increases, this undesirable rotor eddy current loss increases significantly. Since the heat on the
rotor is difficult to be dissipated, the consequent temperature rise can deteriorate the PM
performance and cause the irreversible demagnetisation. Hence, it is necessary to predict the

rotor eddy current loss at the motor design stage.

The rotor eddy current loss can be predicted by either time-stepped finite element method or

45



analytical model. The analytical model will be described in Chapter 3.

In MEGA, the PM and the retaining sleeve are modelled as a ring shape with the electrical
conductivity as given in Table 2.2. A time step of 6°pech has been used for dynamic rotor
movement, which is equivalent to a time step of 2.2222e-5 second at 45krpm. The FEM
predicted rotor eddy current losses of Design A and Design B are compared in Table 2.7. It
can be seen that the rotor loss is due to high order flux harmonics, which are primarily due to
the stator slotting on open-circuit, whereas on load they are produced by both stator slotting
and time and spatial mmf harmonics that are not in synchronism with the rotor rotation. For
both Design A and Design B motors, the rotor loss is dominantly produced by mmf
harmonics, while those due to stator slotting are negligible due to relatively small slot opening.
Hence, rotor loss on open-circuit is much smaller than those on load, being almost negligible.
However, it becomes very significant at rated load due to spatial and time mmf harmonics.
Further, Design B has a much bigger load eddy current loss than Design A. It indicates that
Design A has better performances such as higher efficiency and lower rotor temperature
resulting in a higher withstanding capability of the magnet demagnetisation. Further,
according to Table 2.3, Design A has less copper loss. Hence. Design A is selected as the final
design for three-phase PM brushless DC motor, even though it has slightly higher stator iron

loss.

The rotor eddy current loss of Design A under different operating conditions with the
simulated phase currents, as shown in Figure 2.9, are investigated by FEM and compared in
Table 2.8. It can be seen that even under BLAC operation mode, there is a significant rotor
eddy current loss which is dominantly due to the spatial mmf harmonics due to the
concentrated and non-overlapping windings. BLDC operation results in a significantly higher
rotor eddy current loss as a result of additional time mmf harmonics. PWM current controlled
BLDC operation results in higher rotor loss than PWM voltage controlled BLDC operation
because of more time mmf harmonics. The rotor loss is essentially the same both with and

without PWM voltage control.
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Table 2.7 Comparison of rotor eddy current losses of Design A and Design B at 45,000rpm
under open-circuit and load conditions.

—
Design A Design B
Open-circuit On load Open circuit On load
Magnet 0.41 47.57 0.44 77.35
Sleeve 0.36 18.39 0.27 28.30
Total rotor eddy current loss 0.77 65.96 0.7 105.65

Table 2.8 Comparison of rotor eddy current loss of Design A under different operating

conditions.
*
BLAC BLDC
No PWM PWM voltage PWM current
control control

Magnet 34.46 46.87 47.57 50.63
Sleeve 13.49 18.14 18.39 20.40
Total rotor eddy current loss 47.95 65.01 65.96 71.03

2.3.3 Dynamic simulation model

The dynamic simulation model is highly desirable as it allows to predict the motor

performance under many different design variations and control strategies without having to

physically construct and test all of them. Hence, a dynamic simulation model has been

developed in the MATLAB environment. The following assumption has been made:

¢ The motor is unsaturated.

e The eddy current and hysteresis effects on the motor's magnetic materials have

negligible influence on the phase current.

e The DC link voltage is constant.

e There is no saliency and therefore the self and mutual inductance are constant and

independent of the rotor position.

e The switching devices in the inverter are ideal.



Above assumptions are valid for the simulation model of the single-phase PM brushless DC

motor as will be described later.

The analysis in this work is based on the circuit diagram shown in Figure 2.12. The
three-phase PM brushless DC motor having star-connected windings is controlled by a 120°
conduction and fixed six-step commutation mode in accordance with the rotor position that is
provided by three Hall sensors mounted on the stator. The voltage controlled PWM (14 kHz)
strategy is employed to adjust the DC link voltage to control the motor operating speed. If the
PWM is out of its duty cycle, the lower-side IGBT will be switched off which is named as
free-wheeling mode. The states of the inverter's IGBTs are summarised in Table 2.9, where
the 0°mecn Of the rotor position corresponds to the position where the back-EMF of phase A is

Z€ro.

Table 2.9 Inverter's IGBT states
- ]

Rotor Position PWMm 61 G2 G3 G4 G5 G6
Cmech) Signal
[-30, 30] (1) g 8 : 3 (l) g
s | O | L0 oo
sasg | O f L0 o oo
[150,210] (1) g i 8 8 g (l)
[210,270] (1) 3 : g (1) g g

(NpPWM signal=1, it is out of the duty cycle; Otherwise it is inside the duty cycle.

(2lG1=1, IGBT1 is switched on; Otherwise it is switched off.

The phase voltage equations can be written as:
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v, =e +Ri, + L% g e
dt dt dt
Iy, = e, +Riy + L5 pp oy pg e (2-10)
dt dt dt
vc=ec+Ric+L§—lf—+M§—l-"— ii—l!’—
dt dt dt
where v,, v, and v, -- Phase terminal voltage; V
e,, ¢, and e, -- Phase back-EMF which can be obtained from FEM; V
i,, i, and i, -- Phase current; A

The inverter intervals can be classified as three categories:
e Conduction mode where only two phases are conducting via two IGBTs.
For example, by considering the case where the current flows in phase A and phase B during

conduction as shown in Figure 2.13, the following equations can be obtained:

e, +Ri, s1 %y -‘i’—”—)— e, + Ri, + L9, pg%a =V,
dt dt dt at (2-11)
ia = _ib
Hence, it can be rewritten by:
rdia _ R i+ Ve _(ea ‘eb)
dt L-M" 2(L - M)
. di
gy % 2-12)
dt dt
di. ~0
dt

o Free-wheeling mode where only two phases are conducting but via one IGBT and one

diode.

For example, the current flows in Phase A and Phase B via IGBT | and diode 2 as shown in

Figure 2.14. The following equations can be obtained:
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: di di .
ea+Ria+Lili+ |- eb+Rib+L—1b—+del—” =0

dt dt dt dt (2-13)
i, =-i

3

Hence, it can be rewritten by:

(dia — R i _ (ea _eb)

d L-M° 2(L-M)

di, di

b la 2-14
Va ~ dr @-14)
dic _,

\dt

¢ Commutation mode where all three phases are conducting.
For example, when the conducting phase is switched from phase B to phase C, i.e. IGBT 5 is

switched off and IGBT 6 is switched on, all three phases are conducting as shown in Figure

2.15. The following equations can be obtained:

[ du . 03 .
e, +Ri, +L oy di)—(eb+Rib+L&+Mdi =0
d dt dt

dt t
p p . .

e, +ri, + 1% o) (o v R+ 1%y Be)oy (2-15)
d = dt e df

Hence, it can be rewritten by:

di, R . Vpc—2e,+e,+e,
=~ i, +
¢ L-M 3(L-M)
. y _
<&=_ R i, + pc te,—2e, +e, (2-16)
d L-M 3(L-M)
di,. R ; _2Vpc—e, e, +2e,
d  L-M° 3(L - M)

At each simulation step, the phase current is updated by:
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ia(n+l) = ia(n) + dia
Ipnsty = Ibomy + Al (2-17)
ic(n+l) = ic(n) + dic

Once the phase currents are obtained, the electromagnetic torque can be calculated by:

Tem — (eala + e::b T el (Nm) . (2-18)

r

where @, -- Rotation speed; rad/s

Hence, the dynamic speed can be obtained by the mechanical equations, as expressed by:

do
nm - Tload - T_'f =J dtr (Nm) (2'19)

where T,,,, -- Load torque; Nm
T, --Friction torque; Nm

J - Rotor inertia; Kg'm®

The friction torque is assumed to be:

T, =k,®’ (Nm) (2-20)

Since the customer specifies that the friction loss under the rated speed, 45000rpm, is 150W,

the friction coefTicient kf is 3.042x1075.

2.4 Single-phase PM motor design

Due to simple construction, few power switches, low cost and high reliability, an equivalent
single-phase PM brushless dc motor is designed to meet the specifications as given in Table
2.1. It is aimed to have the same rotor dimensions as three-phase PM brushless DC motor

designed in previous section. Since the single-phase PM motors have null-points in their
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torque waveforms, it may fail to start. Hence, a special design is required to overcome the
starting problem. As reviewed in Chapter 1, tapered airgap is the most appropriate solution to
solve the starting issue since it results in a high starting torque and a smooth resultant torque
waveform without introducing an additional cost [61, 64]. Therefore, a tapered airgap is
employed to introduce the starting torque and impart a preferred direction with excited phase
current. Further, considering its less leakage flux and consequent better performance, the
stator is formed in the cylindrical shape rather than the U-shape. Its cross-section is shown in
Figure 2.16, where O is the center of the rotor and O' is the center of the stator bore. Even
though the rotor outer diameter and stator outer diameter is constrained by the customer, a
simplified analytical model is still developed to examine the optimal ratio of the stator bore to
stator outer diameter to obtain the maximum electromagnetic torque at a given copper loss. It
can help to optimise the motor design at next stage if it is necessary. Finally, the dynamic
simulation models, where the single-phase PM brushless motor is driven by either full-bridge
inverter or half-bridge inverter employing bifilar windings, are developed to predict its
dynamic performance. The simulated phase current is fed back to the FEM to predict the load
stator iron loss and rotor eddy current loss. The prototype of the single-phase PM brushless

DC motor is shown in Figure 2.17, and its leading parameters are given in Table 2.10.

Table 2.10 Leading dimensions of single-phase PM brushless DC motor.

Stator dimensions

Outer diameter (mm) 64.5
Stator bore center O (mm) (0.8, 0)
Stator bore diameter (mm) 14.225
Back-iron thickness (mm) 6.5
Lamination axial length (mm) 40.0
End winding length (mm) 22.0
Motor axial length (mm) 84.0
Motor volume (mm®) 2.74x10°
Tooth width (mm) 13.0
Tip edge thickness (mm) 2.64/1.0
Slot opening (mm) 1.98

Rotor dimensions
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Magnet outer diameter (mm)
Magnet inner diameter (mm)
Back-iron thickness (mm)
Rotor axial length (mm)
Effective airgap length (mm)
Sleeve thickness (mm)
Pole-arc/pole-pitch ratio

Winding details
Phase resistance (m{2)
Wires per turn

Turns per coil

Coils per phase
Packing factor

Phase self-inductance (mH)

25.0
19.0
5.7
423
0.9t02.55
0.6
1.00

Conventional windings Bifilar windings

0.56 1.12
2 1
50
2 coils connected in series
0.2
4.6

2.4.1 Split ratio

The split ratio is an important design parameter for cylindrical PM brushless motors since it

has a significant influence on the torque capability and efficiency and also the cost. However,

existing methods for optimal split ratio is mainly focused on multi-phase PM brushless

motors [1, 95-96]. In this section, an analytical model is developed to determine the optimal

split ratio of the single-phase PM brushless motors, which have the diametrically magnetised

rotor, for the maximum torque per volume. This analytical model is restricted to:

e Stator iron loss and rotor eddy current loss are neglected.

¢ End windings are neglected.

¢ Sinusoidal back-EMF and phase current are used for the calculation of the torque and

copper loss.

For the single-phase PM motor with the concentric airgap, the magnetization of the permanent

magnet is in a parallel direction which results in an essential sinusoid back-EMF waveform as

shown in Figure 2.18. However, if the tapered airgap is employed to improve the starting
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capability, the open-circuit airgap flux density distribution and back-EMF waveform will be
distorted relatively as shown in Figure 2.22 and Figure 2.23. In order to simplify the analysis,
it is assumed the airgap is concentric and the harmonic components of the back-EMF are

neglected. Hence, the amplitude of the sinusoidal phase back-EMF can be given by:

e, =N,BlDw (V) (2-21)

where N, -- Number of turns of phase windings;
B, -- Amplitude of the open circuit radial airgap flux density; T
-- Stator bore diameter; m

I} -- Axial length; m

By applying the sinusoidal phase current to the windings, the average electromagnetic torque
is:

1
T=2NuB LD, (Nm) (2-22)

g a™~"s" ph

where /,, -- Amplitude of the sinusoidal phase current; A

The copper loss is given by:

- I;hN;z:hlu
“ o, Ak

cu‘’s™p

(W) (2-23)

where o, -- Copper electrical conductivity; Q'm’

A, -- Winding slot area; m’

5

k_ --is the winding packing factor.
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By fixing the copper loss, the temperature rise within a given stator frame diameter is also

fixed. (2-23) can be rewritten as [, =f (P,) and Substituted into (2-22), the

electromagnetic torque per motor volume ¥ can be derived as:

J4. (2-24)

T D,
—C
vV D}

where D, -- Stator outer diameter; m

The winding slot area A4, is determined mainly by the required stator tooth-body width,

stator tooth tips and stator back-iron thickness that are limited by its maximum flux

density B, .

According to Figure 2.19, the slot area can be expressed as,

A, =24, +4,) (@) (2-25)
where
1t (D, N (D : D, D
Aﬂzzl}z( 2"—h) —ﬂ(T’+xl+x2) —2xyx( 2"— 2’—h—xl—x2)jl (2-26)
A ~E(A +4 )—Ex—l— H(D‘+x +X 2—7[ D’+ 2 2xyxx (2-27)
2 ® 3\ 3)=3%7 > 1 T X5 > X, yxx -

The tooth tip dimensions are defined by x, and x, as shown in Figure 2.19 and should be

appropriately designed. If x, and x, are too small, the tooth tips may be subject to the

saturation. Consequently, the cogging torque will be increased and back-EMF will be reduced

which deteriorates the motor performance undesirably. In this case, they are assumed to be:

x, =08k (m) (2-28)
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x, =0.4h (m) (2-29)

As shown in Figure 2.21, the flux in the stator back-iron is approximately half of that in the

stator tooth. Hence, in order to keep that same B,,, the stator back-iron thickness is half of

the stator tooth width as expressed:

y=2h (m) (2-30)

On the open-circuit with 0°yech of the rotor position, the maximum flux density in the stator

tooth or back-iron can be given by:

4,
Bu=qp @ (2-31)

where ¢, -- Flux due to the permanent magnet can be given by:

DS
S-da = Bl,D, (Wb) (2-32)

o, =1, fBg sin(ar)

Hence, the stator back-iron thickness is:

h=t (m) (2-33)

By substituting (2-26) to (2-33) into (2-25), the slot area can be obtained as,

2
T 5 (x 1)B, (41 13 B, 1 7\B, 7|,
A =Epr-[Zi|=2pp, +|[ 24 2 ) Ze| H[1_Z|Ze _Zip2 (234
8 (4 2)3,,, {50 200" \ B 2 6)8, s> @Y

m

Substituting (2-34) into (2-24) the relationship between T/V and D, /D, can be obtained,

and the optimal split ratio for maximum torque per motor volume can be obtained by

differentiating T/V with respect to D;/D, and equating to zero. The optimal ratio of
D, /D, is given by
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2
[Dsj=—b— b° ~4ac (2-35)

D, 2a
where
2
B B
a=4 (l.*._%.l_.;z-) £ +(l_£]__§__£ ’ (2-36)
3 600 B, 2 6,)B, 8
B
b3 Ll)_s_ (2-37)
4 2)B,
/4
_* 2-38
=7 (2-38)

According to (2-30) and (2-33), with the increase of B, /B,,, the stator tooth width and back

iron thickness will be reduced to maintain the same magnetic saturation level. As a
consequence, the winding slot area is reduced. However, for the purpose of the same copper
loss or effectively the same winding slot area, the stator bore diameter has to be reduced.

Hence, the optimal split ratio is reduced as shown in Figure 2.20.

The peak of the airgap flux density at the stator bore is given by [1]:

R

5

B, = B,[ﬁj (T) (2-39)

If it is assumed that the airgap is concentric and airgap length is the same as that of the

three-phase PM brushless motor, B, =1.01 T, R, =12.5mm, and R, =14.0 mm. Thus

B, =0.8T. The allowable maximum flux density in the stator B, is assumed to be 1.7T.

B
Hence, —Bi =0.47, the corresponding optimal split ratio D = (0.35 and the optimal rotor to

m o

stator diameter ratio is 0.31.

However, the rotor to stator diameter ratio of the prototype of the single-phase motor is 0.39

which is higher than the optimal ratio. The eccentric airgap gives a relatively lower peak
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' B
open-circuit flux density, B, =0.67 as shown in Figure 2.22. Hence, 55=0.39, the

m

corresponding optimal split ratio D—s =0.39 and the optimal rotor to stator diameter ratio is

o

0.35, which is close to the ratio of the prototype.

2.4.2 FEM validation

2.4.2.1 Back-EMF, cogging torque and inductance

2D FEM predicted open-circuit flux distribution of single-phase PM motor is shown in Figure
2.21 and corresponding airgap flux density distribution is shown in Figure 2.22. 2D FEM
predicted and tested back-EMF waveforms are compared in Figure 2.23. Because of the
tapered airgap, back-EMF is distorted from the essentially sinusoidal waveform as shown in

Figure 2.18 where the concentric airgap is employed.

2D FEM and tested cogging torque waveforms are compared in Figure 2.24. It can be seen
that they have a good agreement. Its periodicity is 1800. Compared to the three-phase PM
brushless DC motor, single-phase PM motor has much bigger cogging torque, which may

induce significant torque and speed ripple. Hence, it needs to be modelled in the dynamic

simulation properly.

Using the same method as described in section 2.3.2.3, the inductance of the single-phase PM

brushless DC motor can be obtained by FEM and is given in Table 2.10.

2.4.2.2 Stator iron loss

By employing the same method as described in 2.3.2.4 for three-phase PM brushless motors,
the stator iron loss of single-phase PM brushless motors are predicted by FEM under

open-circuit and rated load conditions. The rated phase current, Figure 2.25, is simulated by a
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dynamic simulation model where an H-bridge inverter is used to drive the motor as will be
described later. The FEM predicted stator iron loss is given in Table 2.11. It can be noted that
the stator iron loss under the rated load are slightly higher than that under the open-circuit
condition. However, because of the eccentric airgap, both are much bigger than that of the

three-phase PM brushless motors.

Table 2.11 Stator iron loss (W) of single-phase PM brushless motor under open-circuit and
rated load conditions

Open-circuit On load
Hysteresis loss 12.41 14.52
Classical eddy current loss 23.04 24.47
Excess eddy current loss 17.39 18.41
Total stator iron loss 52.85 57.4

2.4.2.3 Rotor eddy current loss

The rotor eddy current loss is also investigated with the FEM. Further, unlike the three-phase
PM brushless motors, an eccentric airgap is employed in the single-phase PM brushless
motors to improve its starting capability. However, it will introduce more airgap permeance
harmonics, and thus the rotor eddy current loss will be affected significantly. Hence, the
eccentric airgap needs to be designed appropriately with the due account for its effect on the

rotor eddy current loss.

Table 2.12 Airgap and slot opening dimensions.

Design C Design D Design E Design F

Airgap length range (mm) 0.9 09t019 09t02.55 09t0 1.9
Slot opening (mm) 1.98 1.98 1.98 1.5
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Table 2.13 Open-circuit rotor eddy current loss @45krpm.

Design C Design D Design E Design F

Magnet (W) 0.15 23.4 50.3 22.63
Sleeve (W) 0.03 2.13 4.45 2.09
Total rotor eddy current loss (W) 0.18 25.53 54.75 24.72

Table 2.14 On load rotor eddy current loss @45krpm.

Design C Design D Design E Design F

Magnet (W) 104.6 43.71 28.32 40.28
Sleeve (W) 3.51 3.23 2.12 291
Total rotor eddy current loss (W) 108.11 46.94 30.44 43.19

Four single-phase PM brushless motors, having the same rotor and stator dimensions except
the airgap and slot opening as summarised in Table 2.12, are examined in terms of their rotor
eddy current loss under open-circuit and rated load conditions. Design C, Design D and
Design E have the same slot opening but different airgap. Particularly Design C has a
concentric airgap. Design D and Design F have the same eccentric airgap but different slot
openings. The corresponding open-circuit and on load rotor eddy current loss are compared in
Table 2.13 and Table 2.14, respectively. It can be noted that the open-circuit rotor eddy current
loss increases with the eccentric airgap. However, the on load rotor eddy current loss
decreases with the eccentric airgap. Further investigation as will be described in Chapter 4
shows that for a given phase current, there is an optimal eccentric airgap to give the minimum
on load rotor eddy current loss. In this case, Design E is the optimised one. It can also be seen
that Design D and Design F have similar rotor eddy current loss. It indicates that compared to

the eccentric airgap, the slot opening has less effect on the rotor eddy current loss.

2.4.3 Dynamic simulation model and test results

A single-phase PM brushless dc motor may be fed from either a full-bridge inverter [82, 97]
or, if the motor is equipped with a bifilar winding, from a half-bridge inverter [59], as shown
in Figure 2.26. Compared with a full-bridge inverter, a half-bridge inverter has half the
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number of power switches, only two switches and two freewheeling diodes are required, both
being referred to ground, which simplifies the control strategy and reduces the cost. However,
the motor then requires two bifilar-wound coils, so that the copper utilization is reduced since
only half the conductors are active in producing torque at any instant. While the stator iron
loss, rotor eddy current loss and the friction loss may often be neglected in low speed
simulations [59, 82, 97], as will be shown, they can have a significant effect on the dynamic

performance of a high-speed motor.

Similar to three-phase PM brushless motors, the voltage controlled PWM (14kHz) strategy is
employed to adjust the DC link voltage to control the motor operating speed in accordance
with the rotor position that is provided by two Hall sensors mounted on the stator. The Hall

signal is illustrated in Figure 2.27.

2.4.3.1 Single-phase PM brushless motor model

The dynamic simulation model of the single-phase PM brushless motor is derived based on its

equivalent electrical and mechanical equations as follows:

di
v=Ri+ L;; +épy (V) (2-40)
d
Tom = Tioaa =Ty =J ;:’ (Nm) (2-41)
where v -- Winding terminal voltage; V

epy --Back-EMF;V

i -- Phase current; A
R -- Phase resistance; Q

-- Phase inductance; H

The electromagnetic torque T,, can be expressed by:
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Tp=—24+T,  (Nm) (2-42)

where @, -- Rotation speed; rad/s

T,

. -- Cogging torque which can be obtained from FEM; Nm
With a high fundamental operating frequency (750Hz for a 2-pole motor running at

45,000rpm), the stator iron loss, P,, and the rotor eddy current loss, P., can have a

significant influence on the performance. Thus, various loss components are pre-calculated as
a function of both the load and the speed, using FEM as discussed in the previous section. The

loss is then represented by an equivalent load torque:
Equation (2-41) can then be rewritten as:

Tem _T}oad _T}ass_Tf =Jd:;r

(Nm) (2-44)

2.4.3.2 Full-bridge inverter model

Figure 2.26(a) shows the circuit diagram of the single-phase drive system with the half-bridge
inverter. According to (2-40) (2-42) (2-44), in order to predict the phase current, torque and
dynamic performance, it is necessary to determine the winding terminal voltage at each
simulation time step, which is determined by the inverter intervals based on the Hall signal
and PWM signal. During conduction mode, if the PWM is out of its duty cycle, the lower-side
IGBT will be switched off which is named as free-wheel mode. During off mode, all of
IGBT: are switched off. Hence, five inverter intervals are summarised in Table 2.15. Based on
tﬁe phase current of the previous time step, the winding terminal voltage is given in Table

2.16.
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Table 2.15 Inverter intervals of full-bridge inverter

Inverter Rotor position 6, Hall Hall PWM
Gl G2 G3 G4
interval (Cmech) Signal 1  Signal2 signal
1 {0, 6.] 1 0 0 1 0 1
2 [0, 8.] 1 0 1 1 0 0 0
3 [180, 180+6.] 0 1 0 0 1 1 0
4 [180, 180+6,] 0 1 1 0 0 1 0
[6., 180] 1 1
0 0 0 0

(18049, 360] 0

o

Table 2.16 Winding terminal voltage at different inverter intervals of full-bridge inverter.

Inverter interval i>0 i<0 i=0
1 VDC VDC
2 0 Voo
3 ~Voc Ve €pm
4 =Vpe 0
5 —Voe Voc

2.4.3.3 Half-bridge inverter model

Figure 2.26(b) shows the circuit diagram of the single-phase drive system with the half-bridge
inverter employing a bifilar winding and the polarities of winding terminal voltage, back-EMF,
and current. It is assumed that winding 1 and winding 2 have the same self-inductance, i.e. L,
and there is no leakage flux, therefore, the mutual inductance, M, is assumed to be equal to

the self-inductance. The electrical equations of the bifilar windings can be expressed as

follows:
di di
=Riy+L—t+M—2L v .
V| 4 o d t+é€py ) (2-45)
di di
,=Ri,+L—=>+M-L .
v, = Rip + ot o +epy (V) (2-46)
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r, =ik r o -47)

em
w,

where v,, v, -- Terminal voltage of two couple windings; V
iy, i,  --Phase current of two coupled windings; A
€pm -- Back-EMF; V

According to the rotor position and PWM controller signal, 4 inverter intervals are considered

in the simulation:

Interval 1: 0<60, <., T1 is switched on, while T2 is switched off. The current
flows from the supply to the winding 1.
Interval 2: 6. <6, <180°, T1 and T2 are both switched off. The current in the

winding 1 is reduced to zero and the corresponding stored magnetic energy is
transferred to the winding 2 instantaneously. As the winding 2 is wound in the
opposite direction to the winding 1, the current in this winding is positive and will
decrease as energy is returned to the supply via the freewheel diode.

Interval 3: 180° <6, <180° +6_, T2 is switched on, while T1 is switched off. The

current flows from the supply to the winding 2 to provide the reversed MMF so as to

produce positive torque.
Interval 4: 180° +8,. <6, <360°, Tl and T2 are both switched off. The stored

magnetic energy is transferred from the winding 2 to the winding 1, the current in the

winding 2 being reduced to zero instantaneously.

Furthermore, in interval 1, if the PWM controller sends a signal to switch off T1, it can be

rcgarded as interval 2, while in interval 3, if the PWM voltage controller sends a signal to

switch off T2, it can be regarded as interval 4. This commutation process continues cyclically

in synchronism with the rotor rotation. The winding terminal voltages and currents at different

inverter intervals are given in Table 2.17,
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In the simulation, at the start of each time step, the inverter interval is based on the rotor
position at the end of the previous time step. The corresponding back-EMF, cogging torque
and winding terminal voltage are determined. Then the motor state variables can be simulated
by using (2-44) to (2-47). However, it should be noted that, when one of IGBTs is switched
off during interval 2 or 4, it is assumed in the simulation that the currents between two
coupled windings are transferred instantaneously. Therefore, at this instant the winding
currents will not be determined by (2-45) and (2-46). In contrast, the current in one winding
connected to the IGBT which is being switched off will be set to zero and the current in other

winding will be set to the value of the first winding current at last time step.

Table 2.17 Winding terminal voltage at different inverter intervals of half-bridge inverter.

Inverter interval I ip 12 12
l >0 =0 VDC Vl - llR
5 =0 >0 v, —iR —Vpe
=0 =0 €pym €pm
3 =0 <0 v, —I,R ~Vpe
<0 =0 Ve v, — iR
4 =0 =0 €py €pp

2.4.3.4 Simulation and test results

Based on the above simulation models, the dynamic simulation performance is investigated
for the single-phase PM brushless motor drive system. The motor parameters are given in
Table 2.10. The prototype of this single-phase PM brushless DC motor is shown in Figure
2.17. In the simulation model, its back-EMF and cogging torque are pre-calculated by FEM.
The phase current is taken from measurements and fed into FEM to calculate the stator iron
loss and the rotor eddy current loss. Three conditions, as described in Table 2.18, have been
carricd out in the simulation to compare with the measured results such as motor speed and

phasc current waveforms. In addition, for each condition, a separate simulation has been
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carried out without considering the stator and rotor loss to investigate the influence of the loss
on the motor dynamic performance. The simulated and measured speeds are compared in
Table 2.19. The simulated and measured phase current waveforms are compared in Figure
2.28, Figure 2.29 and Figure 2.30, respectively. It can be seen that by considering the stator
iron loss and rotor eddy current loss, the simulated speed becomes lower and is much closer
to the measured speed, while the simulated currents become higher and the waveforms are
much closer to the measured current waveforms. Overall, good agreement between simulated
and measured speeds and current waveforms has been achieved. However, at high speed
(~45,000rpm), the difference increases, which may be due to:

o The actual drive is supplied from the AC mains through a front-end diode bridge
rectifier. Hence, DC link voltage ripple exists which is not modelled in the simulation
model.

e The tolerance of the Hall sensor location introduces the error in the conduction angle
and commutation angle.

e The motor parameters such as phase resistance and inductance used in simulation
model may not be accurately predicted.

e The friction loss which is assumed to be 150W at the rated speed may not be accurate.

e For bifilar winding, the leakage flux between two windings is neglected in the

simulation model.

Table 2.18 Simulation descriptions

Condition 1 Condition 2 Condition 3
Inverter type Full-bridge Half-bridge Half-bridge
Voe (V) 290
6, (Cmecn) 126
Load (Nm) 0.25 0.24 0.24

PWM duty cycle (%) 18.6 71.1 100



Table 2.19 Comparison of simulated and measured speed.

Condition 1 Condition 2 Condition 3
Stator iron loss (W) 0 4.5 0 25.7 0 63
Rotor eddy current loss (W) 0 7.9 0 45.0 0 54
Simulated speed (krpm) 7.4 7.1 27.1 25.7 50.7 46.4
Measured sgeed (krpm) 6.4 26.0 46.0

2.5 Comparison of three-phase and single-phase PM brushless DC motors

The performance of the three-phase and single-phase PM brushless DC motors, which are
predicted by the dynamic simulation models, are compared in Table 2.20 under the rated load
and the rated speed.

¢ The three-phase PM brushless DC motor has the less copper loss and stator iron loss,
but higher rotor eddy current loss. Hence, its efficiency is slightly less than the
single-phase PM brushless DC motor driven by the full-bridge inverter.

e The single-phase PM brushless DC motors driven by the full-bridge or the half-bridge
inverter have almost the same effective winding current, Figure 2.31. Consequently,
they have the same stator iron loss and the rotor eddy current loss.

o If the single-phase PM brushless DC motor having bifilar windings is driven by the
half-bridge inverter, only half of the windings are utilized at any instant. Consequently,
the copper loss will be doubled which results in 2.5% less efficiency than that driven
by the full-bridge inverter.

e Compared to the three-phase PM brushless motor, the single-phase PM brushless
motor has longer end winding length. As a result, it has bigger motor volume and less
power density.

e According to Figure 2.32, the single-phase PM brushless DC motor has much bigger
torque ripple than the three-phase PM brushless DC motor, which may introduce the
undesirable vibration and acoustical noise.

o The single-phase PM brushless DC motor with the bifilar windings fequires the least

number of IGBTs and Hall sensors, and thus potentially the lowest cost.
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Table 2.20 Comparison of three-phase and single-phase PM brushless DC motors and their
drive system.

Three-phase Single-phase
Full-bridge Half-bridge

DC link voltage (V) 290
Speed (rpm) 45,000
Output power (W) 1100
Copper loss (W) 14.2 22.1 45.7
Rotor eddy current loss (W) 66.0 304 304
Stator iron loss (W) 38.9 574 57.4
Friction loss (W) 150.0 150.0 150.0
Input power (W) 1369.1 13599 1383.5
Efficiency (%) 80.3 80.9 79.5
Volume (m”) 2.12x10* 2.74x10™ 2.74x10*
Power density (W/m®) 5.19x10° 4.01x10° 4.01x10°
IGBT devices 6 4 )
Hall sensors 3 2 2

2.6 Summary

In this chapter, a three-phase high-speed PM brushless DC motor has been designed for the
pump application. It is driven by six-pulse full-bridge inverter and its dynamic simulation is
described and developed to predict its dynamic performance. The FEM is employed to predict

the stator iron loss and rotor eddy current loss under open-circuit and load conditions.

An equivalent single-phase high-speed PM brushless DC motor has been designed. A
simplified analytical model has been developed to examine its optimal split ratio and found
that the split ratio of the prototype, which is constrained by the customer, is higher than its

optimum value.

Two inverters, i.e. full-bridge inverter and half-bridge inverter, have been employed to drive
the single-phasc PM brushless DC motor. The half-bridge inverter requires the bifilar phase

winding topologies. Their dynamic simulation models have been described and developed to
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investigate its dynamic performance with due account of the stator and rotor losses.
Compared to the measured phase current and speed, it is found that by considering the stator
and rotor losses in the simulation, the simulated results agree better with the measured results,

although at high speed, some difference still exists and needs further investigation.

The stator iron loss and rotor eddy current loss of the single-phase motor are predicted by
FEM. It has been found that the eccentric airgap has significant effect on the rotor eddy
current loss, and compared to the eccentric airgap the slot opening has the less effect on the
rotor eddy current loss. Further, for a given phase current, there is an optimal eccentric airgap
which results in a minimum on-load rotor eddy current loss. It will be fully investigated in

Chapter 4.

Compared to three-phase PM brushless DC motor, single-phase motor has relatively smaller
power density and bigger torque ripple, and thus potentially higher vibration and acoustics
noise. If the single-phase motor is driven by the full-bridge inverter, it has a slightly better
efficiency due to its relatively lower rotor eddy current loss. If the single-phase motor with
bifilar windings is driven by the half-bridge inverter, its efficiency will be worst due to its

relatively higher copper loss. However, it has the lowest cost in terms of the drive system.
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Figure 2.1 Cross-section of rotor.
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Figure 2.2 Cross-section of three-phase PM brushless DC motors.

Figure 2.3 Prototype of three-phase PM brushless DC motor, Design A.
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Figure 2.4 Flowchart of motor design and analysis procedure.
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(a) Design A (b) Design B
Figure 2.5 Open-circuit flux distribution of three-phase PM brushless DC motors.

(Rotor position=0°mech)

0.8
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0 60 120 180 240 300 360
Angular position (Mech. Deg.)

Figure 2.6 Open-circuit airgap flux density distribution of three-phase PM brushless DC
motors. (Rotor position=0necn)
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Figure 2.7 Back-EMF waveforms of three-phase PM brushless DC motors.

(Speed=45,000rpm)
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Figure 2.8 Cogging torque waveforms of three-phase PM brushless DC motors.
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Figure 2.9 Simulated phase current waveforms of Design A at rated load(0.23Nm) and rated

speed(45,000rpm).
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Figure 2.10 Radial and circumferential flux density waveforms and resultant flux density loci
under open circuit.
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Figure 2.11 Radial and circumferential flux density waveforms and resultant flux density loci

at rated load.
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Figure 2.12 Circuit diagram of three-phase brushless PM motor drive system.

Figure 2.13 Circuit diagram of conduction mode.
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Figure 2.15 Circuit diagram of commutation mode.

80



Tapered airgap
Shaft

~Sleeve
> -PM
-Back iron

Figure 2.16 Cross-section of single-phase PM brushless DC motor with tapered airgap.
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Figure 2.17 Prototype of single-phase PM brushless DC motor, Design E.

81



400

300

200

100

Back-EMF (V)
S
(=} (=]

)
S
S

-300

-400 : ‘ -
0 60 120 180 240 300 360
Rotor position (Mech. Deg,)

Figure 2.18 2D FEM predicted back-EMF of single-phase PM brushless DC motor having

concentric airgap. (Speed=45,000rpm)
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