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Figure B.14 — Schematic of MOSFET inverter on sensorless drive
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Appendix C Design equations for proprietary CAD software

The CAD software which is described here has been developed over a period of time in the
Electrical Machines and Drive Group at the University of Sheffield. Recent modifications
include the implementation of alternative magnetisation distributions, viz. parallel
magnetisation. Some finite element validation is described in this appendix, whilst validation
of routines for calculating the winding inductances and the back-emf are contained in the

main body of Chapter 3.

Airgap field distribution

In order to obtain an analytical solution for the airgap field distribution produced by the
magnets in an internal rotor machine, the following assumptions were made in [Zhu02] which

contains the derivations for the formulae contained in this section:
e The magnets are fully magnetised in the direction of magnetisation;
e The effect of the finite axial length of the machine is neglected, i.e. an infinitely long
cylindrical cross-section is considered;

e The rotor and stator back-iron is infinitely permeable. The influence of saturation will

be accounted for later.
e Slotting on the stator is neglected. This will be accounted for later.

Then, utilising the dimensions shown in Figure C.1 for either parallel or radial
magnetisation the following equation may be derived for the airgap flux density at the stator
surface[Zhu02]. However for simplicity only the expression for magnets with parallel

magnetisation pattern is given, as follows:

Magnet

Lamination

Figure C.1 - Model showing salient dimensions
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For np=1,

R 2 (R 2 (R 2 R 2
| ] ] 46 ()
B, (6)=Er=e ] VA I 7 R v
e, +1 1_(&) b, -1 (&_J _
ur RS J “’r R.\'
and for np#1,

np+l

o 2 M, np (R ’
B,(®)= . S
- 5 B

np+1 2np
(A, =1)+ 2(;:’ ) - (4,, + 1)( R, J

m Rm

g - - - cosnpO
w41 (R e -1 (R (R |
"Lf RS “’r RS Rm

p = number of pole pairs

+cos0

where :

B,= remenance of permanent magnets
Mo = permeability of free space

M, = relative recoil permeability of magnets

A= (np - i]ﬂﬂ + 1 for np#1
. np )M, np
A, =2-AL"-—1 for np=1
M, :
where :

M, =M, + npMp,

M= 2r0 (4, +4,)
Hy

: B
Mﬁ' = —Lap(Aln _A2n)
Hy

where :

(C.1))

(C2)

(C.3a)

(C.3b)

" (C.4)

(C.5)

(C.6)
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sin[(np +Da, 21}
p

A= (C.7)
(np +1)0, —
P 2 p
A, =1 for np=1 (C.8a)
sm[(np -De, ———] .
As = P for np#1 (C.8b)

0, = magnet pole-arc to pole-pitch ratio

However, a simplified version of equations C.1 & C.2 was developed for a motor with a
parallel-magnetised 2-pole magnet in [Zhu97], and is given in equation C.9 for the airgap
field at the stator surface. This is a special case as the resultant airgap field distribution is a
sine wave, i.e. there are no harmonics present and are of particular interest as this was the
magnetisation employed in the motors. 2-pole parallel magnetisation is preferable due to a
sinusoidal airgap field distribution, a sinusoidal stator flux density leading to a reduced iron
loss and a higher overall stator flux density. Also parallel magnetised magnets are easier to
manufacture and only require a solenoid fixture to magnetise when compared with a pre-built

fixture for radial magnets.

R? 2 R?
B’(I_R;J (-E';—)sinﬁ
R2Y. R? " R2Y. R €9
1+Ez— 1—R2 +/Ir I—F 1+R2

Numerous finite element analyses have confirmed the validity of the foregoing equations,

Brl (0) =

and with the model depicted in Figure C.1 and the dimensions shown below a good agreement

was reached between the two methods, as can be seen in Figure C.2 where the dimensions are
for the prototype motor A;.

Dimensions: R, = 7mm, R = 10mm, R;= 15mm, R, = 35mm, B,= 1.13T, ¢, =1 and x4, =
1.05
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[==—Analytical O Finite element]

0.25 -

0.15 -

0.05

Airgap B (T)

-0.05 7

-0.15

-0.25 1

-0.35
Angle (deg)

Figure C.2 - Comparison between finite element and analytical calculation of flux
density at stator surface

Slotting effects
So far it has been assumed that the motor has a slotless topology. However, by considering

the permeance of the airgap due to stator slots, it is possible to account for the effect of stator
slotting on the open-circuit field in order to calculate the resultant flux entering the stator iron
[Zhu93c]. Figure C.3 shows the idealised model of the motor topology. For simplicity, the

following assumption was made:

e The permeability of the stator and rotor back-iron is infinite, i.e. 4 = o0

Figure C.3 - Model used for calculating relative permeance of slotted airgap
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It has been shown in the previous section that the airgap flux density can be expressed as a
Fourier series. However, this calculation neglected the effect of stator slotting, which can be

accounted for by employing the relative permeance of the airgap region, viz.:

B r.o,o, Ar,o) (C.10)

r9a9ama)= Bmagnet(

open—circuit (

where r, & ¢, and A are the radius, circumferential co-ordinate, angle of rotation of the

rotor and the relative permeance respectively.

The relative permeance, A , is defined as having unity maximum value, and consequently
is obtained by dividing A, the airgap permeance, by a reference permeance, A, equal to the
one-dimensional permeance of an equivalent slotless stator motor, where:

A =—Ho (C.11)

m

g+t

r

where g and h,, are the airgap length and the magnet height, respectively. Therefore,

Ar,a)= 2‘@ | (C.12)
ref .

where A(r, @) is equal to the airgap flux density distribution, B’(r,a.), in the magnet/airgap

region and is calculated as follows

T
Mr,o) = Ao{l —B(r)-B(r)cos 080, oc] for0< o <0.80
Ao for 0.80 < 0. < 0u/2

where A, =p,/g’, g'=g+h,/n,, and B(r) is determined by the conformal

(C.13)

transformation method as: .
i -
B(r)==|1- . © (C.14)

2_ \/1+[2b;,)(1+v2)-

where by is the width of a stator slot openings and v is determined from :

} 2 2 ’ ’
y—7-t~=-1-lnl:\/a +v +v:|+2g 28 v (C.15)

arctan —
by 2 |a?+v?-v

(1} bo a2+v
(]

P 2
and a® = 1+6i) (C.16)

withy =r-Ri+g”
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To be consistent with the expression for the airgap flux density distribution expressed as a

Fourier series, which simplifies computation, the permeance can also be expressed as :

oo

Mour)= 35,

u=0

(r)cospQ, (o +0r,,)

(C.17)

where Q; is the number of stator slots and O, is a coefficient of the winding pitch, which in

the motor topology under consideration is w/Q; and A " (r) can be deduced as:

~ 1 b

A,(r)= E(l - 1.66}%) (C.18)
and

A (r)= 2 E//zZX(r,oc)cos uQ,o do. (C.19)

\

( b 2
4 (“f]
0.5+ !

T | 2n
0.8c, Q,

N\

cos— U dot+

& sin(l by éﬂ)
TI

2
0.78125 - 2[ub—°J
T, )

{ 5 052 o doc} (C.20)
.80 ad

(C.21)

where K, and T, are the Carter coefficient and the stator tooth pitch, respectively.

Utilising the permeance expressions deduced above it is possible to calculate the tooth
body flux using the Fourier coefficients of the airgap flux density and permeance and

integrating over one slot-pitch.

Back-emf waveform
Utilising the open-circuit field distribution and relative permeance expressions given in the

previous sections, it is possible to calculate the back-emf waveform induced in a phase
winding [Zhu93d]
The open-circuit flux density distribution at the stator bore is:

ZB cos mpla—-a,,) (C.22)

B, ...(t)=

open—ci, ruit

where o, = ,?+6, and 0y is an initial angle.
From this, the flux linking a coil can be calculated as:
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W= [ B (@R L g do (C.23)

where ¢, R;, I are the winding pitch angle, the stator bore radius and the effective axial
length, respectively.

From this it can be shown that for both slotted and slotless motors:

=A, Zg- K, cosnpa.,, . (C.29)
n NP
where
®,=2B,Rl A, (C.25)
and
, o
K, =sin inY (C.26)

where Ko and K, are the mean relative permeance and the winding pitch factor,

respectively. Therefore, the emf induced in one turn of a coil is:

e=-2Y_X Z2B R1,0,K,, cosnpa,, - (©2m
=> 0, K, sinnpa,, (C.28)

which can be re-written to give the induced emf per phase for a distributed multi-pole

winding as:
e= Z E, sinnpa,, (C.29)
where
E =0®N,K,, (C.30)

where N, is the number of series turns per phase, Kgpn=Ka.Kpn is the winding factor, where

K, and Ky, are, respectively, the winding distribution factor and the winding pitch factor.

Inductance calculation
A. Slot inductance

Previous work on inductance calculations usually utilises the 1-d analysis which is
normally used for induction machines in which the airgap length is comparatively small and
the airgap component of inductance tends to dominate. In permanent magnet machines the
magnets have a low recoil permeability, (generally <1.1), and thus the effective airgap is
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much larger and the slot component of inductance may be dominant. [Zhu95] presents a
method for calculating the inductances of permanent magnet brushless machines having non-
overlapping windings with 2 coils being present in the same slot, as illustrated in Figure C.4.

For simplicity, however, the following assumptions are made:
e The slots are rectangular, and have the dimensions shown in Figure C.4.
e The stator teeth and back-iron are infinitely permeable.

e Slot leakage flux passes straight across the slot openings.

Ay
|
— b,
l L
| o
.
i § i
—] W [+ >
phaseb |« b >
Figure C.4 - Simple slot structure neglecting curvature
The self-inductance can be derived analytically from the total energy, viz:
W= 1 LI, (C.31)

The total energy can be subdivided into 2 component parts, viz. W; and Wy, where W is
associated with the current carrying region v and Wy, is associated with the boundary regions.

Therefore,

W, =

(ST

(4, -8 )dv—fié“—f S Adud (C.32
a a - 2 =0Lb y o )

14

1 leﬂ'Ia %
W, =-5<§'(Ha><Aa)ds=- 7 EZQA

0

dx . (C.33)

y=h

where A, and H, are the vector potential and the magnetic field strength due to phase a -
winding current source, a,, respectively:
By simple substitution the self-inductance (Ls;) can be calculated as follows:

n2

L, =2uyl, A, . (C.39)
p _
where L4 n; and p are defined, respectively, as the effective axial length, the number of
series turns per phase and the number of pole pairs. A, is the permeance coefficient, and is

defined as:
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2 4
L > ! (sin mtdj -3 (i) cos%’Esin Mg in 00
J 6

“ T 3p wjhbm,z,g(,m ‘ b w, hbob .t \ nm b 2b
b
_2moh 2
l+e * ._nmb,
————— I sin C.35
bgb”“( ) i[ 2bj (€39
1-e

The mutual inductance is also be calculated from the energy relationship, but due to

symmetry of the slot only half of the mutual energy is considered. Therefore,
W= Y2 MLI, (C.36)

The energy W consists of components W; & W;; as previously, where

=% f(a, s, iy = 1 f J:” Adxdy (C37a)
lejf I b %
W, —-—cj H,xA Ys= - [; Al,.pdx (C.37b)
0

where H, is the magnetic field strength due to the phase b winding current source, ¢,. The
mutual inductance is then obtained from :

n2

Msab = _2“'01(5 -pLA’sab (C‘38)

where the permeance coefficient is given by :

—

. " i
Ao Lk, 22 > ) - (sin mtwd) (—J cos 7T sin Mg "0
2|36 wehb Fl,m(,m) b wdhb b 2 b 2

b

3 i :
b nb
o (i) Ite (sin ik ) 1 (C39)
byb n-37s..\NTC l—e b 2b

However, when w;=0.5b, i.e. the winding occupies the entire slot area, then the slot

permeance coefficients become:

22 sin by
b
}\,sazﬁ+_ﬁ_+_b-+ ._2_ l1te — 2b (C.40)
bO 3b 12h n=24.6.. NN 1- e nnbo
¢ 2b
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= | sin
}\'sab =l -h_o'+i_i i lte 2nxh (C.41)
210y 3b 12h L3617 l-¢ ? nmb,
¢ 2b
B. Airgap inductance
The ‘effective’ airgap component of inductance is given by
n’ '
Ly =2uyl . —A,5 (Ca2)
pq
n2
& Ms=2ugl —A,; (C43)
pq
where:
g= 0, (C.44)
2pm
2 g S
T dpn on
As=—F"—=>|——">"!F(R C45
) e XL c45
2
2 T Kd K on n 2”
Ays =——= Y | ———=1| F (R, Jcos—— C.46
M5 7[2 g/;( n/p J n( s) p 3 ( )
R 2n .
1+(_r]
’ RS
J(R)=g'———L (C.47)

The effective airgap length is given by g’ = KcKs(g +h% ) where K is the magnetic

o
saturation factor, the winding factor Kgn is KaKpn where K, =sinnTy &

, respectively, and ¢, & Ko, are the winding pitch or coil span and slot

opening factor respectively.

C. End winding inductance

The equations for end-winding inductance are described in Chapter 2, section 2.5.1.
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Copper loss
Slotless permanent magnet brushless machines generally have a relatively low airgap field

due to the large effective airgap length. Therefore, they tend to have a higher electric loading
and a lower magnetic loading than slotted machines. At low speeds, the predominant loss

component is the copper loss, which can be expressed as
P, =m,l 2Rp,,m (C.48)

where, mpp, Rphase, I are the phase number, the phase resistance and the phase current
respectively.
In slotted motors, the majority of the airgap flux passes down the stator teeth, and flux

leakage, which crosses the slots and winding conductors, is generally negligible. As a result,

the parasitic eddy current loss is negligible and the dominant copper loss is the resistance loss.

Iron loss
The stator iron loss tends to be dominant at high-speed, and whilst slotless motors tend to

have a large mechanical airgap and consequently a lower flux density in the stator back-iron

than for slotted motors. Once the airgap flux density waveform is known the total iron loss, P,
calculated as the sum of a hysteresis loss component, P,, and an eddy current or dynamic loss

component, P,, can be calculated [Ata90] i.e.
P =P, +P, (C.49)
The hysteresis loss is caused by localised irreversible changes during the magnetisation
process, which make it dependent only on the maximum flux density. When the flux

waveform does not cause minor recoil loops, it can be expressed as:
P,=k,-f-B,° ' | (C.50)
where f and B,, are the frequency and amplitude of the flux density, respectively, and k, and
o are constants determined experimentally from either an Epstein ring test or a single-sheet
test for the particular grade of lamination material. However, if the flux waveform causes
minor loops, an empirical correction must be applied, viz.:

P,=k, f+B,” K(B,) (C.51)

0;52 AB,, and AB; is the change in flux density during the

m

where K(B,)=1+

excursion around a minor loop.

The eddy current loss density can be expressed as:
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P,=P.+P (C.52)

éxc

where P, is the classical loss density, predicted on the assumption of a homogeneous

lamination, and is given by:

od? 1 dB(z)J2
p=2_ 21 & C.5
126 T ( dt (€53

where,

o is the electrical conductivity of the lamination material,
d is the thickness of the lamination, and
d is the mass density of the lamination material.
For a sinusoidal time-varying flux density waveform, C.53 becomes:

d2 2
= "_65”_ f2B? (C.54)

The excess 10ss Py, which is generated as a result of domain wall movements, and may

F,

exceed the classical eddy current loss, can be written as:

Ls
dat (C.55)

P =£‘.L.@Q
T dt

For a sinusoidal time-varying flux density waveform, C.55 becomes

P =867k B’ (C.56)
where, k, is again determined experimentally for an Epstein ring or single sheet test.

The CAD software uses these equations and assuming the iron loss is constant in separate
sections of the stator can make an estimate of the total loss. A diagram showing the various
stator sections in which the iron loss was calculated is shown in Figure C.5, where the
curvature of the motor is neglected for reasons of simplicity. In the area in which rotational
flux exists, marked on the diagram, then these areas are counted in both the radial calculation

of the tooth loss density and the tangential calculation of the back-iron and tooth tip loss

density.
Stator back-iron ./’ .
Areas in which Tooth
rotational flux exisK body
Tooth tip
O W

Tip edge_(— N

Figure C.5 - Constituent sections in the stator iron loss calculation

The iron loss calculation is validated by finite element analyses in chapter 3 where the

rotational nature of the flux in the above sections of the stator core is clearly evident.
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Appendix D Data Acquisition

In order to accurately capture the motor performance parameters and ensure sufficient data
is available to measure the motor torque using the run-down method a suitable data capture
and logging system was required. For the data acquisition itself a suitable Data Acquisition
card (or DAQ card) was selected. The PCI-MIO-16EL! is capable of capturing data at 1.25
Ms/s with appropriate software and depending on the computer specifications. This was used
in conjunction with a SCXI 1120 for the actual scaling of the data prior to sampling by the
DAQ card. This unit also provides isolation, which is required to protect against the high
voltages that could be present should a fault occur. Labview 5.01 was selected as the software
to control the card being made by the same company as the DAQ card and consequently

providing the least trouble in connecting and compatibility.

Whilst the card was capable of sampling at 1.25Ms/s, if multiple channel capture is
required then the actual sample rate is much lower as will be discussed later. However,
despite this limitation it was still possible to capture the required data.

During a test the following data is required :

e Motor speed (measured using a hall sensor)

e DC link voltage

o DC link current

o Phase voltage & current waveforms to show the diode conduction angle

e A time reference for the run-down tests

However, as the phase current and voltage waveforms could not be adequately captured
using the DAQ card they were captured using a Digital oscilloscope. The data logging method

is discussed in some detail in the next section.

Labview Data logging
A simplified schematic of the system is shown below in Figure D.1. The signal wires

monitor the DC link voltage, the DC link current (via a current transducer), one of the motor
phase currents (also via a current transducer), one motor phase voltage and the signal from
one of the hall sensors. During motor operation these signal wires are sampled at a rate of
50,000 samples per second per channel for 10,000 samples. This is repeated every half
second.
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TR PCI-MIO-16E1
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| o e et e i |
Signal wires .
from
equipment = =

SR

Figure D.1 - Simplified schematic of data acquisition system

Once the PCI-MIO-16E card has captured the data the following operations are then

performed and written to a data file along with a time reference signal:

e The DC link current and DC link voltage are multiplied together and the mean taken

for the DC input power.

e Using the hall sensor signal, the motor speed is calculated using the method shown
below in Figure D.2. At each stage a check is performed to see if the sampled data is
reached, but this check is not shown here for reasons of clarity.

Once steady state has been reached, then the phase current and voltage waveform are
captured and the data acquisition switches to just monitoring the motor speed. This is
monitored at intervals of 1/10™ of a second to try and capture as much information as possible
from the rundown test.

The Labview model used to acquire and process the data is shown in Figure D.3, whilst the

speed measurement routine is expanded out in Figure D.4.
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Figure D.2 - Flow diagram for speed measurement from hall sensor signal

AAAR

E

gated/software start}

Figure D.3 - Main data logging routine
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‘ Freéuenci]

[pBL]

Figure D.4 - Routine to extract speed from digital waveform

Advantages of data logging method and limitations :
Whilst the data acquisition is capable of accurately capturing the speed signal and the

waveforms at a relatively low sample rate, once the sample rate is moved above 50,000
samples per second then aliasing was observed. This was caused by the bandwidth of the
switch that changes between channels on the SCXI interface. This effectively limits the
maximum sample rate when capturing data from multiple channels. As a result the phase
current and phase voltage waveforms cannot be captured in sufficient detail at high speed to
determine the diode conduction angle. Consequently this had to be captured utilising a digital
oscilloscope.

Despite this drawback, Labview was able to capture the DC link current in sufficient detail
to be able to determine the motor input power, and to measure the motor speed. During the
rundown when only a single channel was being captured the data could be captured at a much
higher rate of 800,000 samples per second leading to a very high degree of accuracy in the

speed measurement.

Also as the data capture system is static it significantly reduces the chance of experimental
error on data recording, and accurate measurement of the rundown speed would have been

impossible using any other method.
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Appendix E AutoCAD motor drawings for all motors

6 off M8 on a 193 PCD

4 off M& counterbored
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Figure E.1 - Base plate for 100mNm motors

material stainless steel

|

sliding fit on 22mm diamefer
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on a 79PCD
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90 70.07 66 6
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Figure E.2 - Lid plate for 100mNm motors
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Figure E.3 — Frame body for motor A,
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Figure E.4 — Frame body for motor B;
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sliding fit

Motor A;

Figure E.5 — 100mNm laminations

Non magnetic steel
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Motor B;
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inrerferencj fit

Figure E.6 - Rotor schematic for motor A;
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rotor shaft

Figure E.7 - Rotor schematic for motor B,
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" F igure E.8 - Sample completed assembly for 100mNm motors
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Figure E.9 - Frame for motor A,
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Figure E.10 - Rotor for motor B,
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Figure E.12 — Rotor for motor B;
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Motor A, Motor B,
Figure E.13 - 15mNm laminations

G
R> R3.20
R8.20
I

3.00
100mNm Motors 15mNm Motors

Figure E.14 — Magnet arcs

Table E.1 - Motor materials

Magnets Ugimax 34B1 (B,= 1.22T 1,=1.05)
Laminations Transil 335
Rotor shaft Stainless steel
Frame base and body ~ Aluminium
Frame lid Stainless steel
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Appendix F Further experimental investigations to determine
load torque on 100mNm motors (A; & B,)

(a) “Run-down” test for torque measurement accounting for stator iron loss
The ‘run-down’ test, described and validated previously in Chapter 2, is again used to

deduce the torque when running at high speed, since coupling a dynamometer to the rotor
shaft would present several problems, not least in the coupling. All the couplings found so far
have been for relatively low speeds and as the speed increases then the cost of the couplings
seems to increase dramatically.

Previously, the ‘run-down’ test assumed that the stator iron loss was negligible. However,
the iron loss is now significant, and indeed dominates the motor loss. The no-load iron loss
can, however, be deduced using finite element analysis, and can be accounted for by
subtracting it from the output power of the motor during the ‘run-down’ test. This assumption
can safely be made as during the ‘run-down’ of the motor the windings do not carry any
current and consequently the iron loss is the no-load iron loss.

During ‘no-load’ operation, the drive has to overcome the friction torque of the bearings
and the windage loss, the iron loss and the copper loss, whilst the friction and windage torque
 is the torque being measured, since it is the load, which was imposed on the motor. The iron
loss appears as an additional torque component during operation, and once the drive was
disconnected it manifests itself as a braking torque on the motor. Consequently, the output
torque at a particular speed can be calculated by subtracting the calculated iron loss at that
speed from the output power measured from the ‘run-down’ test, since the copper loss can be

ignored on run-down, as the windings are open-circuited.

(b) ‘Run-down’ test results for 100mNm motor with low diode conduction angle
The motor was tested using the rundown test described previously. Measurements were

take'n for increments of ~20V in the DC link voltage. The speed, input current and power _
were recorded by the data logging software, and the torque was deduced from the ‘run-down’

method. The test results are given in Table F.1 whilst the phase current waveform, when

Tunning near the rated speed, is shown in Figure F.1.
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Table F.1 - Test results for motor with low diode conduction angle

DC Link DC Link | Input |Calculated| Iron (Torque due| Corrected | Output .
Speed . Efficiency
voltage (rpm) current | power | torque loss |toironloss| torque | power %)
A P (A) (W) | mNm) | W) | mNm) | (mNm) | (W) ’
| 203 [ 12876 | 0.253 5.12 3.74 1.0 0.73 3.01 4.1 79.4
40.1 [ 26217 | 0.253 | 10.14 3.46 2.9 1.04 2.42 6.6 65.5
60.3 | 39600 | 0.317 | 19.13 4.8 5.5 1.32 3.48 14.4 75.5
80 52595 | 0.442 | 35.44 6.39 8.6 1.56 4.83 26.6 75.0
FIOO 66116 | 0468 | 46.84 7.76 12.5 1.81 5.95 41.2 88.0
120 | 79354 | 0.625 | 75.35 8.8 16.9 2.04 6.76 56.2 74.6
140 | 92402 | 0.826 | 116.1 11.78 21.9 2.26 9.52 92.1 79.4
160 1105473 | 0.943 | 151.5 13.4 27.3 247 10.93 120.7 79.7
180 1119343 | 0.964 174 13.9 33.7 2.70 11.20 | 140.0 80.5
190 1126243 | 1.086 207 15.35 37.1 2.81 12.54 | 165.8 80.1
2
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Figure F.1 - Phase current waveform at ~126krpm

As can be seen in Table F.1, with a DC link voltage of 100V there is a rather sudden and

large increase in efficiency. However, it was suspected that this was asscciated with a

resonance mode, which caused the motor to decelerate quickly from the original speed on the

‘run-down’ test. An increase in the level of the emitted acoustic noise was also observed at

this voltage, which would also suggest a resonant mode, which is investigated in detail in

Chapter 5. |

It is appreciated that the torque on the motor is very small, and that the measurement

accuracy could affect the results. Also, as this is effectively the bearing torque, then small

changes such as the pre-load on the bearings and the fit of the bearings on the shaft, will affect

the applied torque. Such variations, due to tolerances in component manufacture, are
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impossible to predict and control. Consequently, some differences are expected between the
two motors.

From the calculated torques shown in Table F.1, it can be seen that they are significantly
less than the design torque of 100mNm. Thus, the phase current is significantly lower than the
rated current, and the copper loss, therefore, is comparatively small. The iron loss, however,
being speed dependent remains relatively high, which accounts for the comparatively low
efficiency. A higher load torque would result in a higher efficiency, as the iron loss would not

be so dominant.

(c) Rundown test results for 100mNm motor with high diode conduction angle
The test results are shown in Table F.2, and a typical phase current waveform is shown in

Figure F.2.
Table F.2 - Test results for motor with high diode conduction angle (B;)

DC Link DC Link | Input [Calculated| Iron [Torque due|Corrected | Output :

v Speed . Efficiency
oltage (rpm) current | power | torque loss |toironloss| torque | power %)
v | VP @ | W | mNm) | W) | mNm) | mNm) [ (W)

20 16870 | 0.293 | 5.86 3.15 1.66 0.94 2.21 3.9 66.6
40 34640 | 0.379 | 15.16 4.16 4.91 1.35 2.81 10.2 67.2
60 52060 | 0475 | 28.5 5.21 9.36 1.72 3.49 19.0 66.8

80 69290 | 0.616 | 49.28 6.84 14.95 2.06 4,78 34.7 70.4
100 | 86210 | 0.749 | 74.9 8.46 21.52 2.38 6.08 54.9 73.2
120 1102829 0.923 [110.76| 9.94 29.09 2.70 7.24 77.9 70.4
140 1118546 | 1.15 161 11.3 37.01 2.98 8.32 103.3 64.1

160 [ 133191 1.5 240 13.6 45.36 3.25 1035 | 1443 60.1

25

2

1.5 1
g
‘5 0.5 1 |
5 0 . ) e ; - ; e
% J) 0.00005 0.0001 0.00015 0.0002 .00025 0.0003 0.00035 §.0004 0.0Q045
ﬁ -0.5
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-2
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Time (s)

Figure F.2 - Phase current waveform at ~133krpm
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From Table F.2, it can be seen that the developed torque is lower than for the other
100mNm motor. As discussed previously, this is probably due to tolerances in manufacture.
Due to the low torque the diode conduction angle is correspondingly lower than was predicted

at the motor design stage.

Comparison of run-down test results for 100mNm motors

Figures F.3 ~ F.8 compare the performance characteristics of the two motors so that some
differences become apparent.

In Figure F.3 it can be seen that motor By, with the higher diode conduction angle, operates
at a significantly higher speed for the same DC link voltage. However, as seen in Figure F.4
the phase current is generally higher than that for motor A, for the same speed, even though
the input power is similar, as seen in Figure F.5. Despite having a higher DC link current, the
torque is generally lower for motor By, as can be seen in Figure F.6. This results in a higher

output power and consequently a higher efficiency for motor A;.
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Figure F.3 - Comparison of speed against DC link voltage
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As mentioned previously in this appendix, generally the efficiency of the motors is much

lower than predicted. This is due to the low torque, and it is predicted that as the torque is

increased the efficiency will increase to the predicted efficiency of ~90%.
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Appendix G Winding design methodology

During the course of the investigation it was observed that the variation of the copper loss
with the split ratio as predicted by the CAD software had a ‘jagged’ nature when the number

of turns was low, and the developed torque also departed from the specified torque. This is

investigated as follows.

(a) Calculation of winding area and mean length turn

The magnetic circuit determines the tooth width (w,) and the radial thickness of the stator

back-iron (d,), which, in turn, determine the slot geometry, as shown in Figure G.1.

Figure G.1 - Calculation of winding dimensions

Initially the area available for the winding needs to be calculated, and certain dimensions

need to be calculated, viz.:

‘ 4 | =
X, =T, COs aQ— Y, =Y, =1, SIN af—Q—

where o is the tooth tip to slot pitch ratio.

d, =r,-r,

Xp = x, + tooth tip height (determined by tooth flux density)

The distance between x, and x, is determined by the wedge angle (y), which is governed by

the tooth flux density.



_ w cos(ﬂ:—y)
X, = + -t —_— =
c = Xp (yb 2 Jsin(n—y) and y.=w,/2

From x, and y, the radius r,, and x, can easily be obtained, r,, is then calculated by:

2
r=r+20,-1)

It is then assumed that the end-winding forms an arc between the slots on either side of a
tooth. Hence, the axial length of the end-winding is the dotted line along r,, shown in Figure
G.1

b, =r, sin Z |-
[0) 2

Using b,, the overall length of the motor is calculated from the lamination axial length +
2%p,,.
Using the slot geometry calculated previously, the area of the winding enclosed by the

lines r, and r,, the edges of a tooth, and the middle of a slot can be shown to be :

a =£ (rdz —rCZ)_ (‘xd — X )Wt + rdzed - Wi X4 _ rczec + W, X,
Y2 Q, 2 2 4 2 4
where 6, = asin(&],é’d = asin(ﬁ—)
2r, 2r,

The mean turn is then assumed to occur on the dotted line r,, half way between the edge of

the tooth and the middle of the slot. The angle between this point and the middle of the tooth,

again using Figure G.1, is:

1 7z .| w, .| W
ang =—| ——gsin +asin| —
2 0, 2r, 2r,

The mean length per turn is calculated as

mit = 2(I, + r, sin(ang))

Wwhere [, is the lamination axial length

o 1, + 7, sinlang ))
The mean resistance per turn, res,,, = 2( (
ok ,a,

Where o and , are the conductivity and the slot packing factor, respectively.
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(b)Initial winding design
Using the data calculated in the previous section, it is possible to obtain an initial estimate

of the number of turns and the rated motor current. Whilst it is possible to set the number of

turns and current to arbitrary values and then deduce the number of turns from an iterative
process, it is initially estimated by neglecting the winding inductance.

From the resistance per turn per coil calculated in the previous section, resistance per turn
per phase is:

reSphase = reSum X Coils per phase

The initial back-emf per coil per turn is estimated from:

eMfum = 4Bwil.pf

. w
where B, and p are the tooth (stator) flux density, number of pole-pairs. f = P where ®

is mechanical angular speed.
The emf per turn per phase is given by:
eMfphase = eMfrum X MK,
where n, & K,, are the number of series turns per phase and the winding factor respectively.
If the inductance is ignored, the steady-state voltage equation is simply:
V=E+IR
The input power of the motor is then
VI=EI+FR

If P=P,+Py, (neglecting friction), where P, and Py, are the output power and iron loss,

. P .
respectively, then P=EI, and, hence, the motor current is [ =-E, on a per phase basis.

P

However, since 2 phases are conducting at any instant then I = —

phase

Thus, an estimate can be made for the number of turns, viz.:

N = “
? 2emf,,, +r,,1)

turn

where u is the DC link voltage

The resistance per phase can then be calculated using

R=r,um)dvp2

The induced back-emf and winding inductance can now be calculated from the number of

turns,
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(¢) Final winding design

Once the initial estimate of the winding design has been made, an iterative approach is
used to determine the correct number of turns, using a dynamic simulation [Zhu92], to
determine the motor torque, current, diode conduction angle, copper loss and back-emf. The
method is summarised below.

The required number of turns is deduced in 3 stages, viz.:

a) The motor design is simulated and the diode conduction angle is determined. The
number of turns per coil is then reduced until the diode conduction angle is below 60°
electrical.

b) The number of turns is then increased or decreased by 10% until almost the required
torque is obtained.

¢) Finally, an iterative routine is used to adjust the number of turns by progressively
smaller increments until the developed torque matches the specified value.

However, at this point, the number of turns is likely to be a fractional number. For
machines having a large number of turns, rounding off the number of turns to the nearest
integer will make negligible difference to the performance. However, for machines with a low
number of turns rounding can make a large difference to the performance. Hence, when the
number of turns is rounded off to the nearest whole number then not only is the phase
resistance and inductance recalculated, but a steady-state dynamic simulation is performed to
determine the torque, diode conduction angle, current and back-emf voltage. Rounding the
number of turns can change the torque significantly from the specified torque, particularly for
motors with a small number of turns. This can best be seen by examining the influence of the
number of turns on the torque in the graphs shown in Figure G.2. When the number of turns is
relatively large the torque is relatively insensitive to the number of turns. However, above a

split ratio of ~0.35 when the number of turns drops below 20 the torque becomes much more

sensitive to the number of turns.
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Figure G.2 - Influence of integer number of turns on torque for 2-pole motor

This effect is much more noticeable on a 4-pole motor, Figure G.3, for the same operating

conditions as previously due to its higher frequency and lower number of turns per coil than

those of the 2-pole motors. It can be seen that the torque variation is much more pronounced

particularly at higher split ratios. Figure G.4 compares the motor performance when the

number of turns is a “fractional” number and an integer.
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Figure G.3 - Influence of integer number of turns on torque for 4-pole motor
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(d) Improved winding design ) _
One method of correcting the developed torque is by adjusting the magnetic loading by

modifying the airgap length. For the 4-pole motor, highlighted in Figure G.4, if the specified
design torque is 0.7Nm and the original airgap length is 3mm then the “ideal” number of turns
will be ~6.3 with a current of ~47A and a peak phase emf of 99.8V. However, the actual
number of turns can only be chosen as the nearest integer i.e. 6, the corresponding peak phase
emf is reduced to 93.6V and the current is increased to 67A, whilst the torque becomes 1Nm
which is larger than the rated torque. If the airgap length is reduced slightly to 2.67mm, then

the peak back emf is 98.6V and the current is 48A whilst the number of turns becomes exactly

6 and the torque is 0.7Nm.
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Appendix H Validation of finite element analysis on rotor B,
After analysing the rotor from motor A; the same tests were performed on the shorter rotor

from motor B; and the results were compared with values obtained from finite element

analysis.

a) Shaft with one end-cap

The dimensions of the rotor are shown in Figure H.1, a schematic of the complete rotor
being shown in section 5.2.1. The only significant difference between this rotor and the rotor
of motor A, is that the axial length of the magnets and laminations is reduced. Therefore it is
anticipated that the natural frequencies of this rotor will be similar to those for the longer
rotor, although since its active length is shorter and the laminations and magnets are lighter

the resonant frequencies will be slightly higher.

105.8 N
18
7, 122 .5, 30.8 L L9
/
I
+ 10
) P

Y,
- N ¢

rofor shaff

Figure H.1 - Rotor shaft for short active length

The measured frequency spectrum is shown in Figure H.3, and the observed resonant
frequencies are compared with finite element predicted results in Table H.1, where it can be

seen that there is good correlation. The vibrational modes are shown in Figure H.2.
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Figure H.2 - Vibrational modes for shaft

1* bending mode - 3374 Hz

Table H.1 - Comparison of predicted and measured natural frequencies

Mode Finite element | Measured
(Hz) (Hz)
1¥ bending 3374 3392
2" bending 9132 9792
Rotational 12804 -
3" bending 16716 17216
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Figure H.3 — Measured frequency spectrum for shaft

b) Shaft with laminations

The measured frequency spectrum is shown in Figure H.4, whilst Table H.2 shows that

there is a good correlation between predicted and measured results. The vibrational modes

being shown in Figure H.5.
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Figure H.4 - Measured frequency spectrum for rotor shaft with laminations

Table H.2 - Comparison of predicted and measured natural frequencies
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Mode Finite element | Measured
(Hz) (Hz)
1* bending 3124 2976
2" bending 8936 9216
Rotational 12431 =
3" bending 15252 15776

e T
e

SERE

1* bending mode- 3124 Hz

ez

2" bending mode - 8936 Hz

A i

Rotational mode - 12431 Hz

3" bending mode - 15252 Hz
Figure H.S - Vibrational modes for shaft with laminations
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¢) Rotor shaft with laminations and magnets

The measured frequency spectrum is shown in Figure H.6, and the predicted and measured

natural frequencies are compared in Table H.3. The vibrational modes are shown in Figure

H.7.
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Figure H.6 - Measured frequency spectrum for shaft with laminations and magnets

Table H.3 - Comparison of predicted and measured natural frequencies

Mode Finite element | Measured
(Hz) (Hz)
1* bending 3273 3328
2" bending 11357 11136
Rotational 14680 14592
3% bending 19195 18944




1* bending mode - 3273 Hz
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Rotational mode - 14680 Hz

3™ bending mode - 19195 Hz
Figure H.7 - Vibrational modes for shaft with laminations and magnets

266



d) Complete rotor

The frequency spectrum is shown in Figure H.8, the predicted and measured natural

frequencies are compared in Table H.4. The vibrational modes are shown in Figure H.9.
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Figure H.8 - Measured frequency spectrum for complete rotor

Table H.4 - Comparison of predicted and measured natural frequencies

Mode Finite element | Measured
(Hz) (Hz)
1* bending 3235 3264
2" bending 11304 11200
Rotational 14620 14656
3" bending 19182 19200
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1* bending mode- 3235 Hz
2" bending mode - 11304 Hz
Rotational mode - 14620 Hz

3™ bending mode — 19182 Hz
Figure H.9 - Vibration modes for completed rotor
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