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Abstract

The emergence of high energy rare-earth permanent magnets (PMs) led to an in-

creased interest in Magnetic Gears (MGs) in industry and academia. MGs facilitate

a contactless torque transmission and may, therefore, offer improvements in effi-

ciency and reliability for applications where mechanical gear boxes are traditionally

employed. Furthermore, MGs can also be integrated with a PM machine resulting

in electrical machines with high torque densities and high efficiencies. Recently

these Pseudo Direct Drives (PDDs) have been considered for many applications,

including wind turbines where they may offer an attractive alternative to other drive

train solutions.

The MG and the related PDD are fairly new topologies and so far they have

mainly been designed, analysed and optimised employing time-consuming Finite

Element (FE) methods. Analytical models considering radially magnetised PMs

have only been recently proposed for MGs. Therefore, in this thesis an analytical

model for the prediction of the flux density distributions in the airgaps and PMs

of MGs with arbitrary magnetisation distributions is presented, and is applied for

radial and Halbach magnetisation distributions. The developed models are further

refined, to take into account of the stator currents in a PDD. Furthermore, in order

to predict the efficiency of a PDD, models are developed to predict the flux dens-

ity distributions in the pole-pieces (PPs) of the MG element and the average flux

density distribution in the stator iron of a PDD on no-load and on-load conditions.

Predictions from the analytical models are compared to those from 2-dimensional

(2D) FE analysis.

The developed models are employed for the analysis and optimisation of MGs

and PDDs for a 10MW wind turbine. Design optimisation studies are undertaken in

order to determine the effects of the leading design parameters on the key perform-

ance indicators (PIs) of the MG and the PDD. It is shown that for a 10MW wind

turbine an MG with a PM mass of 13.5 tons, and a PDD with the same PM mass, an

efficiency of 98.7% and a total active mass of 50tons, can be achieved. Furthermore,



a 5kNm PDD has been commissioned and built by Magnomatics Ltd. to demon-

strate the feasibility of a scaled version of a 10MW PDD, and predictions from the

analytical models are also compared with measurements on the demonstrator PDD.

Due to the variability of the PM price and the potential insecurity of supply, the

reduction of the PM mass has emerged as an important driver in the design process

of drive train solutions for wind turbines. Therefore, in this thesis a PDD, where

the high-speed (HS) rotor PMs are replaced by coils, is proposed. The developed

models for a PM excited PDD are extended to accommodate for a coil excitation

on the HS rotor, and are employed for the optimisation of the coil excited PDD. It

it shown that for a 10MW PDD an efficiency of about 95% can be achieved with a

total active mass of less than 85tons and a PM mass of only 4.5 tons.

In order to investigate the suitability of the PDD for other wind turbine power

ratings the effects of scaling on the masses and efficiencies of the PDD are invest-

igated between 5-20MW.
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Nomenclature

Abbreviation Definition

cHM continuous Halbach magnetisation
dHM discrete Halbach magnetisation
FE Finite element
HM Halbach magnetisation
HS High-speed
LS Low-speed (note: the LS rotor in this work has been fixed)
MG Magnetic gear
PDD Pseudo Direct Drives
PI Performance indicator
PM Permanent magnet
PMDD Permanent magnet direct drive
PP Pole-piece
RM Radial magnetisation
S Stator
SCDD Superconducting direct drive

Table 1: Abbreviations in this thesis.
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Symbol Definition Unit

~A Vector potential T m
A Axial component of the vector potential T m

AG General solution of the Poisson equation T m
AP Particular solution of the Poisson equation T m
a Aspect ratio of the MG

apitch,l Ratio of the pole-pitch of the HS rotor PMs to the active
axial length

aHS Ratio of pole arc to pole pitch for the HS rotor PMs
ac,HS Ratio of the slot opening angle to the HS rotor pole-pitch
~B Magnetic flux density T

Brad Radial flux density T
Bθ Circumferential flux density T
Br Remanence of the PMs T
β PP slot opening angle deg

βmi Pole arc of the HS rotor PMs deg
cp Power coefficient of the aerodynamic efficiency
D Inner airgap diameter m
δ Skin depth in copper m

fout Output frequency / Electrical frequency in the stator Hz
fPP,el Electrical frequency in the PPs Hz
fout,R Rated output frequency Hz

G Gear ratio
~H Magnetic field strength A/m

Hθ Circumferential magnetic field strength A/m
θ Circumferential coordinate deg
θi Circumferential position of the i-th PP deg

θPP Circumferential dimension of a PP deg
ΘE Load angle deg
ΘHS Angular offset of the HS rotor PMs deg
ΘPP PP rotor angle deg
ΘS Angular offset of the stator PMs deg
ΘT Angle of the turbine shaft deg
IHS Current in a coil on the HS rotor A
Irms rms current in a coil on the stator A

iHS Current density in the copper of the HS rotor coils A/mm2

irms Current density in the copper of the stator coils Arms/mm2

iHS,R Rated current density in the copper of the HS rotor coils A/mm2

irms,R Rated current density in the copper of the stator coils Arms/mm2

JHS Inertia of the HS rotor kgm2

JPP Inertia of the PP rotor kgm2

Table 2: Symbols used in this thesis.
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Symbol Definition Unit

JT Inertia of the turbine shaft and the components connected
to it

kgm2

jHS Current sheet representing the HS rotor windings
jS Current sheet representing the stator windings
K Number of identical sections
kw Winding factor
L Average circumferential dimension of a PP mm
la Active axial length m
le,HS Length of end windings on HS rotor m
le,S Length of end windings of stator coils m
lgi Length of inner airgap mm
lgo Length of outer airgap mm
~M Residual magnetisation A/m
Mrad Radial residual magnetisation A/m
Mθ Circumferential residual magnetisation A/m
mHS Halbach segments on the HS rotor
mS Halbach segments on the LS rotor / stator

mair Mass density of air kg/m3

mCu Mass density of copper kg/m3

mL Mass density of laminated steel kg/m3

mPM Mass density of PMs kg/m3

MCu Mass of copper tons
MCu,S Mass of copper on the stator tons
MCu,HS Mass of copper on the HS rotor tons
ML Mass of laminated steel tons
MPM Mass of PMs tons
µ0 Permeability of free space T m/A
µr Relative permeability of the PMs
N Number of highest harmonic order of the Fourier series of

the vector potential in the airgap and PM regions before
symmetry considerations

Ne f f Number of highest harmonic order of the Fourier series of
the vector potential in the airgap and PM regions after
symmetry considerations

NQ Number of highest harmonic order of the Fourier series of
the vector potential in the PP air regions

ωPP Rotational speed of the PP rotor rpm
ωHS Rotational speed of the HS rotor rpm
PCu,HS Copper losses in the HS rotor windings W
PCu,S Copper losses in the stator windings W
PE Operating power W

Table 3: Symbols used in this thesis.
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Symbol Definition Unit

PR Rated power W
PW Shaft power of a wind turbine W
pHS Pole-pairs on HS rotor
pS Pole-pairs on LS rotor / stator
Q Pole-pieces on PP rotor
Qrms Current loading at the stator Arms/m
Qrms,R Rated current loading at the stator Arms/m
QHS Current loading at the HS rotor A/m
QHS,R Rated current loading at the HS rotor A/m
r Radial coordinate m
Rblade Wind turbine rotor radius m
RHS Radius at the interface to the HS rotor back-iron m
Rmi Radius at the interface between HS rotor PM region and

inner airgap
m

RPPi Radius at the interface between inner airgap and PP region m
RPPo Radius at the interface between inner airgap and PP region m
Rmo Radius at the interface between LS rotor / stator PM region

and outer airgap
m

RS Radius at the interface between the PMs and the LS rotor /
stator back-iron

m

ρCu Resistivity of copper Ω/m
s Scaling factor
σ Equivalent shear stress Pa
σi Shear stress in the inner airgap Pa
σo Shear stress in the outer airgap Pa
σpull Equivalent shear stress at pullout torque Pa
Ti Torque in the inner airgap Nm
To Torque in the outer airgap Nm
TE Electromagnetic torque produced by the interaction of

stator winding and the HS rotor
Nm

TR Rated torque Nm
TW Load torque Nm
THS Torque on HS rotor Nm
TPP Torque on PP rotor Nm
Tpull Pullout torque Nm
vw Wind speed m/s
wmi Radial thickness of magnets on HS rotor mm
wmo Radial thickness of magnets on LS rotor mm
wPP Radial thickness of PP segments mm

Table 4: Symbols used in this thesis.
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Chapter 1

Introduction

1.1 Motivation

Wind turbines are a rapidly growing electrical energy source accounting for 44.2%

of all power capacity installations in 2015 in Europe [1]. The capacity of wind tur-

bines is forecast to expand from 129GW in 2014 to 320GW in 2030, potentially

providing 24.4% of the EU’s electricity demand [2]. In order to achieve such ambi-

tious growth a significant part of the wind energy market may be located offshore,

but the need for offshore wind turbines would require new innovative technologies

as well as upscaling of wind turbine dimensions. However, in all cases the primary

target is the reduction of the cost of energy of the wind turbine [3].

Electrical machines in series with gearboxes are used extensively to produce

cost effective and light weight drive train solutions for applications in which a high-

torque low-speed is required, such as in wind turbines [4]. The gearbox component

transfers the low-speed high-torque input into high-speed (HS) low-torque output

and thereby allows for a significant size reduction compared to direct drive solu-

tions. Mechanical gears are often employed for this purpose, however, they are

subject to inherent issues such as damage in over-load situation, noise, periodic

lubrication and high maintenance. The associated issues with reliability and cost

with their failure made drive train topologies which completely eliminate mechan-

ical gearboxes or reduce their complexities through reducing the number of gearbox
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stages, an attractive alternative [4, 5]. Furthermore, with increasing size of the wind

turbine simplistic scaling analysis indicates, that direct drive topologies face an ever

increasing challenge of decreasing power volumetric/mass density with increasing

power rating which would lead to prohibitively large designs [6, 7]. Drive-train

solutions employing mechanical gearboxes would also be subject to similar scaling

laws, which may lead to very large mechanical gearboxes.

Magnetic gears (MG) may offer an attractive alternative to mechanical gears and

have recently received increased interest, both from industry and research [8]. A

MG topology capable of a high torque-density has been investigated in [9, 10, 5]. It

exhibits contact less torque transmission, inherent overload protection, redundancy

of lubrication of the gearing, and reduced mechanical vibrations, and therefore has

the potential to overcome the issues associated with mechanical gears. The MG can

also be mechanically and magnetically integrated with a permanent magnet (PM)

machine, thereby reducing the number of mechanical gearbox stages or completely

eliminating the gearbox [11, 12]. MG integrated PM machines are also capable

of exhibiting torque densities larger than that of equivalent radial-field PM direct

drive machines and, therefore, could enable the realisation of light-weight and cost-

effective wind turbine drive train solutions [7].

1.2 Magnetic gears and magnetic gear integrated ma-

chines

Generally the gearing effect in MGs is enabled through the contact less magnetic in-

teraction of a set of magnetic poles with another set of magnetic poles. The earliest

patent for an MG can be traced back to 1901 [13, 8]. The proposed electromagnetic

external spur gear is comprised of two rotors, one of which employs a coil excitation

to produce a multipole field, and a second rotor with a higher number of ferromag-

netic teeth to interact with the electromagnetic poles and enable the gearing effect,

Fig. 1.1.
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Fig. 1.1: Proposed electromagnetic spur gear in 1901 [13].

In 1941 a patent for several PM excited MGs with spur and worm type topology

was filed, where the fundamental operating principle is based on the repulsive force

of PM poles [14]. In the following decades other PM excited MG topologies have

been reported, with an operating principle similar to that of mechanical gears, Fig.

1.2. Most of these early designs for MGs exhibit small torque densities compared

to mechanical gears, hence indicating that simple analogy conversion would mostly

lead to inferior designs compared to their mechanical counterparts. However, in the

recent decades MGs have received renewed and increased interest due to the avail-

ability of high energy PMs, as well as the development of new topologies [8]. A

disadvantage of most of the MG topologies in Fig. 1.2 is that only a part of the PMs

engage actively at a given time in the torque transmission, which limits the torque

densities that can be achieved compared to mechanical gears. With the exception

of the planetary MG which may also exhibit torque densities of ∼ 100kNm/m3,

however, the high torque density capability would significantly dependent on the

number of planets which require a complicated mechanical configuration [15]. Fur-

thermore, several new topologies that may be capable of torque densities similar to

those of mechanical gears have been developed in the recent decades, of which the

7



Fig. 1.2: Mechanical gears and their corresponding MG counter parts [8].

most significant are harmonic and concentric MGs.

A patent for a new type of mechanical gear called the strain wave gear has been

filed in 1955 [17]. The topology is comprised of three basic components: a high-

speed wave generator with an appropriate profile, a flexible low-speed rotor spline,

and a fixed circular spline. The wave generator deforms the flexible spline through

a sliding interface, such that the flexible spline assumes the profile of the wave

generator while rotating at a different speed. The patent for an analogous topology

for an MG called harmonic gear has been filed in 1994 [18], Fig. 1.3a). Similar to

the mechanical gear the MG consists of a fixed stator equipped with PMs, a high-

speed rotor with a profile, and an eccentric, Fig. 1.3a), or flexible, Fig. 1.3b) and

c), low-speed rotor equipped with PMs. It is particularly suitable for applications

where high gear ratios are demanded and has been shown to be ripple free. For

this type of MG the modulation of the harmonics series produced by either rotor

is achieved by the sinusoidal variation of the airgap length. Since all of the PMs

are contributing simultaneously to the torque transmission, torque densities of up to

8



Fig. 1.3: Harmonic MGs with different numbers of sinusoidal cycles pw: (a) pw = 1, (b)
pw = 2, (c) pw = 3 [16].

150kNm/m3 and a gear ratio of 360:1 can be achieved when high energy PMs are

employed. A disadvantage of this topology may be that the low-speed rotor may be

mounted eccentrically or is flexible, and hence a mechanical system is required that

connects the low-speed rotor to the external concentric low-speed shaft. However,

this may be overcome by adding a second stage of harmonic gearing, in which the

low-speed rotor interacts with a rotating concentric ring equipped with PMs and

which then constitutes the low-speed output of the MG [16].

In 1993 a multi-layer axial MG based on the circumferential variation of the

axial reluctance has been presented in [19]. It comprises of a set of stator and low-

speed rotor disks which are alternately stacked, and a high-speed rotor equipped

with PMs, Fig. 1.4. The sets of low-speed rotor and stator disks are comprised

of ferromagnetic pole-pieces, however with different numbers of pole-pieces. The

difference in the angle between the pole-pieces leads to a circumferential variation

of the axial reluctance, which in turn leads to a modulation of the magnetic field

produced by the PMs in such a manner that a magnetic gearing effect is enabled

9



Fig. 1.4: MG based on the circumferential variation of the axial reluctance [19].

between the stator, the low-speed rotor and the high-speed rotor. The MG topology

is capable of very high gear ratios, where the presented gear ratio was 50:1, however,

it may suffer from high friction and limited controllability due to the mutual contact

between the disks, as well as limitations in maximum shaft speeds.

Another approach that achieves the engagement of all PMs in the torque trans-

mission is presented by the concentric MG, where the torque transmission is provided

through modulation of the flux distributions by an electromagnetically active ring.

A US patent from 1968 mentions such an MG topology employing two rotors with

different numbers of PM pole pairs and a flux modulating ring of PPs [20], Fig.

1.5, however, no further explanation of the operational principle of the modulation

is given. In general many designs for the modulating ring have been filed for this

type of topology with various degrees of complexity of the shapes and arrangements

[20, 21]. In 1995 a US patent was filed in which the required relationships between

the number of poles of two PM excited rotors and the number of modulating PPs

are given, and the effects of the PPs on the flux density distributions in the airgaps

are presented [22]. Further work including a more detailed analysis of the effects of

the PPs on the harmonic order of the flux density in the airgaps between the rotors
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Fig. 1.5: MG topology employing a modulating ferromagnetic ring [20].

has been presented by [9], and it has been shown that torque densities in excess

of 100kNm/m3 at a gear ratio of 5.5:1 can be achieved with this type of topology

when high energy PMs are employed. In comparison, direct drive machines may

also achieve torque densities ~80−120kNm/m3 [23, 24]. Employing the same op-

eration principle this type of MG topology can also be designed for linear and axial

MGs, and high torque densities have also been claimed for these types of topologies

[25, 26].

The advances in MG technology in the recent decades have lead to the devel-

opment of a new type of electrical machine: the magnetically geared machine. In

general a MG can be combined in series with an electrical machine by mechanic-

ally connecting the shafts. However, a MG can also be magnetically integrated with

an electrical machine within the same volume, which allows for increased system

torque densities compared to configurations where a gear is employed in series with

an electrical machine. This has been envisaged first in [19] for the case of the multi-

layer axial MG shown in Fig. 1.4. Several topologies for an electrical machine

with a magnetically and mechanically integrated concentric MG have been presen-

ted since [27, 12, 28, 29]. The designs in [27, 12] (Fig. 1.6a), require 3 airgaps and

3 rotors and the mechanical construction could be, therefore, challenging [8]. How-

ever, the design also allows for an operation as a continuously variable transmission
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(CVT) device - a device which is extensively used in heavy duty and hybrid electric

vehicles. For the CVT a fixed gear ratio operation is achieved by locking one of the

rotors, typically either the PP rotor or the rotor having the larger PM pole-pair num-

ber. By allowing the fixed rotor to rotate a variable gear ratio operation is achieved,

hence enabling a magnetic continuously variable transmission [30, 31]. The design

in [29] (Fig. 1.6b) only requires 2 airgaps, however, the windings are fitted between

the pole-pieces, which would require a more difficult winding structure and limit

the amount of copper that can be installed by the dimensions of the PPs. The design

in [28] (Fig. 1.6c) is called Pseudo Direct Drive (PDD). The brushless machine has

a simple mechanical structure with the outer PMs being fixed to the stator, which is

equipped with a 3-phase winding. In the topology the stator windings interact with

the fundamental space harmonic of the flux density created by the PMs of the inner

rotor to produce torque. The high-speed low-torque produced by the interaction is

then transmitted as a low-speed high-torque output to the output shaft through the

interaction of the stator PMs with the asynchronous space harmonic created from

the modulation by the PPs with the HS rotor PMs. It has been shown that torque

densities of more than 60kNm/m3 can be achieved with air-cooling at an average

current density of less than 2Arms/mm2 for a PDD with a rated torque of ∼ 100Nm

[11]. Furthermore, due to the relatively low operating current densities the achieved

efficiencies of a PDD are typically higher than that of electrical machines with sim-

ilar torque/power ratings.

1.3 Wind turbine generators

Until the 1990s wind turbines were mostly built as constant-speed turbines employ-

ing a multi-stage gearbox in series with an asynchronous squirrel cage generator

which is directly connected to the grid , Fig. 1.7a) [4]. Since then many manu-

facturers have changed to building variable speed wind-turbines, mainly due to im-

proved flexibility in matching requirements such as energy yield, power quality and

noise. Often a doubly-fed induction generator (DFIG) which requires a power con-
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Fig. 1.6: Topologies for magnetically geared machines [8].

verter typically with a power rating 30% of that of the turbine has been employed in

series with a multi-stage gearbox, Fig. 1.7b). Manufacturers also introduced gear-

less systems called direct drives, mainly due to reliability issues with gearboxes

and reduced maintenance. These system, however, require a power converter with

the full rated power for the grid connection, Fig. 1.7c). Direct drives can be con-

structed with electrical excitation or with PM excitation to operate as variable-speed

synchronous generators. PM excited direct drives (PMDD) eliminate the need for

brushes and have no excitation losses, and they could, therefore, offer improved ef-

ficiencies [4], however, the cost of PMs could be an issue. Recent developments of

PMs with a high energy product, have also enabled the manufacture of large drive

trains. Furthermore, the development of NdFeB grades which exhibit improved cor-

rosion and temperature resistance further assists its employment in wind turbines.

However, concerns about price volatility and future availability have been present,

albeit prices seem to have stabilised and become more reasonable in recent years

[32, 33]. With increasing size and power rating of the turbine, these direct drives

may become increasingly large and expensive due to an over-proportional growth

of the torque levels compared to the power rating. Therefore, combined systems of

these types of generators in series with a gearbox have also been suggested in order

to increase the efficiency and reduce the size and cost of the generator. However,

this topology, called multibrid system, could combine disadvantages of the gearbox
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system with those of a direct drive, such as increased maintenance, additional losses

in the gearbox and the requirement for a fully rated converter [4].

With increasing size of the turbine the size and torques of the generator would

increase even faster [6], making the direct drive generator solutions even heavier.

However, a gearbox system may also follow similar scaling rules and would, there-

fore, also become increasingly heavy and costly. In order to overcome current mass

and size limitations, and break through the barriers faced by the conventional topo-

logies, various innovative and novel designs have been proposed for the application

in large wind turbines [7]. Direct drives which employ superconductive coils for

the DC excitation have been proposed [35, 36]. Due to the high currents that can

be achieved at almost negligible resistance superconductive direct drives could op-

erate at higher airgap flux densities and offer increased high-torque densities and

efficiencies. However, a disadvantage remains the low temperatures at which the

superconducting material has to be operated and the associated necessity for a com-

plex cooling system and thermal insulation [7].

1.4 The PDD as a wind turbine drive train

More recently more interest has also been expressed to the application of MG in-

tegrated generators to the field wind turbines [37]. The proposed topology in [37]

comprises a complex structure with 3 airgaps, Fig. 1.6a), and therefore would be

more difficult to manufacture, especially for multi-MW power ratings. A more

simpler design with only 2 airgaps has been introduced in [11] and has been de-

scribed in Section 1.2. Magnetically geared systems could offer increased reliab-

ility compared to mechanical gearbox systems due to the overload protection due

to the pullout torque. This could be an advantage in applications with increased

reliability demand, such as for offshore wind turbines where the contribution of the

operational expenditures may be in the order of 30% [7]. Furthermore, compared

to conventional direct drives the PDD could also offer higher efficiencies as well as

reduced volume and mass [7]. However, designs of PDDs presented so far would
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Fig. 1.7: Topologies for typical wind turbine generators [34].
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Fig. 1.8: Schematic for the integration of a PDD within a wind turbine.

also require increased PM mass for their realisation.

In the PPD topologies investigated in this thesis, the turbine rotor is directly

connected to the pole-piece (PP) rotor of the PDD and the torque is magnetically

transmitted to the high-speed (HS) rotor of the PDD which is also electromagnetic-

ally coupled to the stator windings to produce electrical power, Fig. 1.8. Typically

these machines can be built with a high power factor, resulting in large short-circuit

currents which could induce very large electromagnetic torque when a fault occurs.

However, unlike other direct drive machines, where a high power factor and a wind-

ing short circuit would subject the drive train to an electromagnetic torque several

times larger than the rated torque, in a PDD torque would be applied to the HS rotor,

and the drivetrain would only be subjected to the pullout torque of the MG element

of the PDD. Although subjecting the drive-train to cyclic torques during pole-slip

could also be an issue, the effect on the fatigue life will depend on the number of

pole-slips during the life time of the wind turbine.

The PDD has been considered as a drive train for wind turbines of the power

class 10-20MW in the framework of the project INNWIND.EU, which is funded un-

der European Union’s Seventh Framework programme, grant agreement No.308974.

INNWIND.EU started in 2012 as a successor of the project UPWIND, which was
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funded by the European Union’s 6th Framework Programme, and which investig-

ated the feasibility of large wind turbines for the power class 8-10MW. The project,

therefore, builds on the results gained by UPWIND, but attempts to go beyond the

scope of UPWIND by investigating innovative designs which could allow for large

wind turbines with a higher performance than conventional designs. Findings in this

work may, therefore, also be found as results of the project INNWIND.EU, work

package 3.

1.5 Modelling of magnetic gears and PDDs

The optimisation of the PDD is key to achieving a cost effective and light weight

drive train solution. However, the optimisation may involve handling many vari-

ables and therefore large amounts of data. While finite element (FE) predictions

may allow for an accurate analysis and is able to account for saturation and 3D ef-

fects it also could result in a significant computational effort. Generally in order

to decrease the numerical effort and allow for reasonably simple solutions or solu-

tion processes, problems are often considered in two dimensions (2D) [38, 39] and

geometric symmetries are exploited. However, concentric MGs often do not exhibit

circumferential symmetry due the relations between the number of pole-pairs and

the number of pole-pieces [8], which would also add to the requirement of compu-

tationally extensive FE studies.

Analytical and semi-analytical methods, such as reluctance network models,

offer computationally faster approaches and several methods have been proposed

for electromagnetic machines and MGs [39, 8]. In particular for an MG a reluct-

ance network model approach has been employed in [40] and it has been shown

to exhibit a high accuracy while also being capable of accounting for non-linear

effects of the steel [41] and end effects [42], however, it still would require a large

amount of discretisation of the geometry. On the other hand analytical models based

on the formal solutions of Maxwell’s equations for the entire geometry also offer

a numerically fast, yet sufficiently accurate approach for optimisation purposes,

17



assuming that non linear effects of the steel are negligible. The PDD is a relat-

ively new machine topology with a significantly more complex magnetic structure

than conventional machines, and FE analysis has been so far the most common

method used for the design and optimisation of PDDs. Furthermore, 1-dimensional

and 2D analytical models have been proposed for the determination of the mag-

netic field distributions in the airgap and the PM regions of synchronous machines

[43, 44, 45, 46, 47, 48, 49, 50]. However, the structure of MGs is significantly more

complex and the analytical models which have been proposed for conventional ma-

chines are not applicable. Therefore analytical models for the determination of the

magnetic field distributions in the airgaps and PM regions of MGs, assuming radial

magnetisation [51, 52] distribution on the PMs, that surpass the numerical limita-

tions faced by FE methods for MGs have only recently been proposed. However,

analytical models for the design and analysis of PDDs are yet to be proposed.

1.6 Outline of this thesis

The work in each chapter of this thesis is as follows:

Chapter 2 - A 2D analytical model for the prediction of the flux density dis-

tribution in the airgaps and PMs of a MG is presented for arbitrary magnetisation

distributions dependent only on the circumferential coordinate, and applied for ra-

dial and Halbach magnetisation. The model is employed to investigate the effect of

scaling of the MG on various quantities, such as the shear stress.

Chapter 3 - The analytical models are employed for the study of large MGs

in order to determine the effects of the leading design parameters of the MG on

the main performance indicators (PI), such as the masses of the active components.

The models are compared to 2D FE predictions and a selected study of the main

design parameters is presented. Furthermore, numerical challenges for the models

are investigated and solutions are provided.

Chapter 4 - The models are extended to account for the effects of stator wind-

ings in order to enable the analysis of PDDs. Furthermore, additional models are
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developed for the prediction of the average flux density distribution in the stator

core and the flux density distributions in the PPs.

Chapter 5 - The models are employed for the study and optimisation of a PDD

for a 10MW wind turbine, and the presented design is employed for the comparison

of the analytical model with 2D FE predictions. Furthermore, a selected study of

the effects of the main design parameters on the PI is presented.

Chapter 6 - A PDD with HS rotor coil excitation is introduced. The analytical

models for the PM excited PDD are adapted to the requirements of the coil excited

PDD and compared with 2D FE predictions. Optimisation studies are undertaken

on the effects of the leading design parameters on the PI, such as the active masses

and the efficiency. Furthermore the control of the PDD, which may be significantly

different to that one of a PM excited PDD, is discussed.

Chapter 7 - The analytical models for the PM excited and the coil excited PDDs

are employed to study the effects of scaling of the turbine on the active masses and

the electromagnetic efficiency.

Chapter 8 - The analytical models for the PDD are compared with experimental

results obtained from the measurements on a 5kNm demonstrator PDD developed

by Magnomatics Ltd.

Chapter 9 - The presented designs for PDDs with PM and coil excited HS rotors

are compared to a 10MW PM direct drive, and a discussion on the core differences

is given.
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Chapter 2

Analytical model for the magnetic

gear

A 2D analytical model for the prediction of the magnetic field distributions in the

airgaps and PMs of radial-field MGs with arbitrary magnetisation distributions is

presented. The model is employed to study the effect of scaling on the various

quantities, such as the shear stress in the airgaps and the active masses.

The expressions of the model are further specified for particular magnetisation

distributions. Although the expressions for a radial magnetisation are provided in

[51], the model in this thesis further refines these expressions by accounting for

airgaps in between the PMs. Furthermore, a Halbach magnetisation distribution is

considered in this thesis. It provides several attractive features such as an inherently

sinusoidal magnetic field which allows for small torque ripple, and a self-shielding

magnetisation which reduces the required back-iron. Studies have also shown that

a Halbach magnetisation can result in improved torque transmission capability and

reduced cogging torque, albeit at an increased manufacturing cost [53, 54]. The

analytical model developed is, therefore, also applied for the analysis of a Halbach

magnetisation.
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2.1 Principle of operation

An MG consists of two rotors equipped with multi-pole PMs which are separated

by a third rotor having ferromagnetic PPs. The PPs modulate the magnetic fields

produced by each rotor, resulting in an asynchronous harmonic having the same

number of poles as the PMs of the other rotor and interacting with them to transmit

torque. The number of pole-pairs of the space flux density harmonics produced by

the HS rotor and LS rotor PMs is given by

p∗HS(m,k) = |mpHS + kQ| (2.1)

and

p∗S(m,k) = |mpS + kQ| (2.2)

respectively, where pHS is the number of PM pole-pairs on the HS rotor, pS is the

number of pole-pairs on the LS rotor, Q is the number of PPs, m ∈ {1,3, ..,∞} and

k ∈ Z [5]. The largest space harmonic usually corresponds to m = 1 and k =−1 for

which

Q = pHS + pS (2.3)

The rotational speeds of the space harmonics produced by the HS rotor PMs and

the LS rotor PMs are given by

ω
∗
HS(m,k) =

mpHS

mpHS + kQ
ωHS +

kQ
mpHS + kQ

ωPP (2.4)

and

ω
∗
S (m,k) =

mpS

mpS + kQ
ωLS +

kQ
mpS + kQ

ωPP (2.5)

respectively. ωHS, ωS and ωPP are the rotational speeds of the HS , LS and PP rotor

respectively. There are two different ways of achieving a fixed ratio MG. The first

one is by fixing the speed of the PP rotor and taking input/output from the PM rotors

resulting in a gear ratio

G =− pS

pHS
(2.6)
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The second one is by fixing the LS rotor and taking the input/output from the HS

rotor and the PP rotor, resulting in

G =
Q

pHS
(2.7)

In this thesis the LS rotor is fixed and is referred to in the following as the stator.

2.2 Flux density in the airgap and PM regions

The prediction of the magnetic field distribution in the airgaps of non-PM machines

differs significantly to a structure with PMs. Due to the low recoil permeability of

PMs a much larger effective airgap has to be taken into account and for a precise

analysis a 1-dimensional approach might not suffice any longer [45]. In MGs the

problem is magnified by the existence of two sets of PM regions and their adja-

cent airgaps, and the air spaces between the PPs. A two dimensional computational

model capable of analysing the MG is introduced in [51] and is employed and re-

fined to meet the characteristics of the adopted topologies. End effects are neglected

in this model and the permeability of iron is assumed to be infinite. The problem is

treated as magneto-static, and therefore the effects of eddy currents are neglected.

Furthermore, due the size of the MG considered in this thesis, it may be constructed

from magnetically identical sections, with each section satisfying the required rela-

tionship between the numbers of pole-pairs and the number of PPs. Fig. 2.1 shows

the schematic of a MG section and its various regions employed for the development

of the analytical model in section 2.2.

The analytical model provides the solutions for the flux density distribution in

the airgaps and PM regions of a MG for arbitrary magnetisation distributions. Fur-

thermore, the model is further developed by providing the solutions for PMs with

radial, discrete Halbach and continuous Halbach magnetisations in Section 2.5.

For quasi-static conditions the Maxwell equations in PMs and air are

∇~B = 0 (2.8)

∇× ~H = ~J (2.9)
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Fig. 2.1: Geometry for a MG section with a periodic symmetry of 40 degrees. PMs consist
of radially magnetised PMs on the HS rotor and 4 Halbach-segments per pole-pair on the
LS rotor (stator).

By introducing the vector potential ~A

~B = ∇×~A (2.10)

and using the identity ∇(∇×~A)= 0 in equation (2.8) it can be seen that the magnetic

flux density is invariant under the transformation

~A→ ~A+∇Ψ (2.11)

where Ψ is a scalar. Ψ can be chosen such that ∇~A = 0, and therefore

∇×~B = ∇× (∇×~A) = ∇(∇~A)−4~A =−4~A (2.12)

where 4 = ∇2 is the Laplace operator. The magnetic flux density is related to the

magnetic field strength via

~B = µ0~H in air (2.13)

~B = µ0µr~H +µ0 ~M in PMs (2.14)

With equation (2.9) the Poisson equations for the vector potential are derived from
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equation (2.12) as

4~A =−µ0µr~J in air regions (2.15)

4~A =−µ0µr~J−µ0∇× ~M in PM regions (2.16)

In the models developed in this thesis the iron is assumed to have infinite permeab-

ility. The problem is treated in two dimensions and end effects are therefore neg-

lected. The magnetic flux density in z-direction is thus zero and ~A possesses only a

non-zero z-component A. The equations for the magnetic flux density reduce to

Brad =
1
r

∂A
∂θ

(2.17)

Bθ =−∂A
∂ r

(2.18)

where Brad and Bθ are the radial and circumferential components of the flux density,

respectively. The relative permeability of the adjacent iron regions is assumed to

be infinite. Therefore, the flux density lines will always be perpendicular to the

iron surface. The Poisson equation is solved for the PP region, the airgap regions

and the PM regions by [51]. However the solution was only provided for radially

magnetised PMs on the HS and LS rotors. In this thesis a general approach for

arbitrary magnetisations is proposed and applied for radial, continuous and discrete

HM (section 2.5).

An arbitrary magnetisation in the PM region of the HS rotor can be written in

terms of a Fourier series as

~MI(θ) =
Br

µ0

∞

∑
n=1

[
fc,I,n fs,I,n

gc,I,n gs,I,n

](
cos(nθ)

sin(nθ)

)
(2.19)

and for the PM region on the stator as

~MIV (θ) =
Br

µ0

∞

∑
n=1

[
fc,IV,n fs,IV,n

gc,IV,n gs,IV,n

](
cos(nθ)

sin(nθ)

)
(2.20)

The upper entries in the matrices correspond to the radial components and the lower

entries to the circumferential components of the magnetisation. The boundary con-

ditions at the interfaces between the PM regions (region I and II) and the steel
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back-irons are

Bθ ,I(RHS,θ)

µ0µr
−

Mθ ,I(θ)

µr
= Hθ ,I(RHS,θ) = 0 (2.21)

Bθ ,IV (RS,θ)

µ0µr
−

Mθ ,IV (θ)

µr
= Hθ ,IV (RS,θ) = 0 (2.22)

The boundary conditions at the interface between the PM regions and the adjacent

airgap regions (regions II and regions III)

Bθ ,I(Rmi,θ)

µ0µr
−

Mθ ,I(θ)

µr
= Hθ ,I(Rmi,θ) = Hθ ,II(Rmi,θ) =

Bθ ,II(Rmi,θ)

µ0
(2.23)

Brad,I(Rmi,θ) = Brad,II(Rmi,θ) (2.24)

Bθ ,IV (Rmo,θ)

µ0µr
−

Mθ ,IV (θ)

µr
= Hθ ,IV (Rmo,θ) = Hθ ,III(Rmo,θ) =

Bθ ,III(Rmo,θ)

µ0
(2.25)

Brad,IV (Rmo,θ) = Brad,III(Rmo,θ) (2.26)

At the boundary between the airgap regions and PP rotor air regions the flux density

is continuous.

The Poisson equation (2.16) is solved with consideration of the boundary con-

ditions at the adjacent interfaces to the back-iron and the airgap regions, and the

solutions in the PM regions I and IV take the form

AI(r,θ) = AG,I(r,θ)+AP,I(r,θ) (2.27)

AIV (r,θ) = AG,IV (r,θ)+AP,IV (r,θ) (2.28)

where AG,I and AG,IV are the general solutions in regions I and IV respectively,

and AP,I and AP,IV are the particular solutions in regions I and IV respectively. As

can be seen in appendix A.1 the solution for the vector potential in region I can be

expressed as

AG,I(r,θ) =
∞

∑
n=1

Rmi

n
Pn(r,RHS)

Pn(Rmi,RHS)

(
AI,n

CI,n

)
·

(
cos(nθ)

sin(nθ)

)
(2.29)

AP,I(r,θ) = Br

∞

∑
n=1

(
XA,I,n(r)

XC,I,n(r)

)
·

(
cos(nθ)

sin(nθ)

)
(2.30)

and the solution for the vector potential in region IV as

AG,IV (r,θ) =
∞

∑
n=1

Rmo

n
Pn(r,RS)

Pn(Rmo,RS)

(
AIV,n

CIV,n

)
·

(
cos(nθ)

sin(nθ)

)
(2.31)
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AP,IV (r,θ) = Br

∞

∑
n=1

(
XA,IV,n(r)

XC,IV,n(r)

)
·

(
cos(nθ)

sin(nθ)

)
(2.32)

where

Pn(r,v) =
(r

v

)n
+
(r

v

)−n
(2.33)

En(r,v) =
(r

v

)n
−
(r

v

)−n
(2.34)

For arbitrary circumferential magnetisations as in (2.19) and (2.20), XA,I,n(r), XC,I,n(r),

XA,IV,n(r) and XC,IV,n(r) are derived in appendix A.1 and are given by(
XA,I,n(r)

XC,I,n(r)

)
=
(

r
RHS

)−n
(

GI,n

HI,n

)
+ fn(r)

(
n fs,I,n−gc,I,n

−n fc,I,n−gs,I,n

)
(2.35)

− Pn(r,RHS)
Pn(Rmi,RHS)

[(
Rmi
RHS

)−n
(

GI,n

HI,n

)
+ fn(Rmi)

(
n fs,I,n−gc,I,n

−n fc,I,n−gs,I,n

)]
(

XA,IV,n(r)

XC,IV,n(r)

)
=
(

r
RS

)n
(

GIV,n

HIV,n

)
+ fn(r)

(
n fs,IV,n−gc,IV,n

−n fc,IV,n−gs,IV,n

)
(2.36)

− Pn(r,RS)
Pn(Rmo,RS)

[(
Rmo
RS

)n
(

GIV,n

HIV,n

)
+ fn(Rmo)

(
n fs,IV,n−gc,IV,n

−n fc,IV,n−gs,IV,n

)]
where (

GI,n

HI,n

)
=

RHS

n

[(
gc,I,n

gs,I,n

)
+ f ′n(RHS)

(
n fs,I,n−gc,I,n

−n fc,I,n−gs,I,n

)]
(2.37)(

GIV,n

HIV,n

)
= −RS

n

[(
gc,IV,n

gs,IV,n

)
+ f ′n(RLS)

(
n fs,IV,n,s−gc,IV,n

−n fc,IV,n−gs,IV,n

)]
(2.38)

and f
′
n(r) is the derivative of the function

fn(r) =

{
r 1

1−n2 n > 1
1
2r lnr n = 1

(2.39)

The solutions in the airgaps (region II+III) and the airspaces between the PPs (re-

gion iε{1, ..,Q}) can be expressed as [51]:

AII(r,θ) = AII,0 +
∞

∑
n=1

{(
AII,n

CII,n

)
Rmi

n
Pn(r,RPPi)

En(Rmi,RPPi)
(2.40)

+

(
BII,n

DII,n

)
RPPi

n
Pn(r,Rmi)

En(RPPi,Rmi)

}
·

(
cos(nθ)

sin(nθ)

)
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AIII(r,θ) = AIII,0 +
∞

∑
n=1

{(
AIII,n

CIII,n

)
RPPo

n
Pn(r,Rmo)

En(RPPo,Rmo)
(2.41)

+

(
BIII,n

DIII,n

)
Rmo

n
Pn(r,RPPo)

En(Rmo,RPPo)

}
·

(
cos(nθ)

sin(nθ)

)

Ai(r,θ) = RPPi(Ai,0 +Bi,0 ln
r

RPPi
)+

∞

∑
n=1

RPPi

{
Ai,n

Enπ/β (r,RPPo)

Enπ/β (RPPi,RPPo)
(2.42)

+ Bi,n
Enπ/β (r,RPPi)

Enπ/β (RPPi,RPPo)

}
· cos

(
nπ

β
(θ −θi)

)
The boundary conditions at the interfaces between the PM regions and airgap re-

gions, and the boundary conditions at the interfaces between the air regions lead

to a set of relations between coefficients. The boundary conditions at the interface

between the HS rotor PM region and the inner airgap region (equations (2.23)-

(2.24)) lead to(
AI,n

CI,n

)
=

(
AII,n

CII,n

)
Pn(Rmi,RPPi)

En(Rmi,RPPi)
+

(
BII,n

DII,n

)
RPPi

Rmi

2
En(RPPi,Rmi)

(2.43)

µr

(
AII,n

CII,n

)
= Br

(
gc,I,n +X

′
A,I,n(Rmi)

gs,I,n +X
′
C,I,n(Rmi)

)
+

(
AI,n

CI,n

)
En(Rmi,RHS)

Pn(Rmi,RHS)
(2.44)

where X
′
A,I,n(r) and X

′
C,I,n are the the derivatives of XA,I,n(r) and XC,I,n(r) respect-

ively. The boundary conditions at the interface between the stator PM region and

the outer airgap region (equations (2.25)-(2.26)) lead to(
AIV,n

CIV,n

)
=

(
BIII,n

DIII,n

)
Pn(Rmo,RPPo)

En(Rmo,RPPo)
+

(
AIII,n

CIII,n

)
RPPo

Rmo

2
En(RPPo,Rmo)

(2.45)

µr

(
BIII,n

DIII,n

)
= Br

(
gc,IV,n +X

′
A,IV,n(Rmo)

gs,IV,n +X
′
C,IV,n(Rmo)

)
+

(
AIV,n

CIV,n

)
En(Rmo,RS)

Pn(Rmo,RS)
(2.46)

where X
′
A,IV,n(r) and X

′
C,IV,n are the the derivatives of XA,IV,n(r) and XC,IV,n(r) re-

spectively. The relations between coefficients gained by the boundary conditions at
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the interfaces between the airgap and PP air regions [51] lead to(
BII,n

DII,n

)
=

Q

∑
i=1

{
Bi,0

π

(
r(n, i)

s(n, i)

)
+

∞

∑
k=1

k
β

[
Ai,k

Pkπ/β (RPPi,RPPo)

Ekπ/β (RPPi,RPPo)
(2.47)

−Bi,k
2

Ekπ/β (RPPi,RPPo)

](
f (k,n, i)

g(k,n, i)

)}
(

AIII,n

CIII,n

)
=

Q

∑
i=1

{
Bi,0

π

(
r(n, i)

s(n, i)

)
+

∞

∑
k=1

k
β

[
Ai,k

2
Ekπ/β (RPPi,RPPo)

(2.48)

−Bi,k
Pkπ/β (RPPo,RPPi)

Ekπ/β (RPPi,RPPo)

](
f (k,n, i)

g(k,n, i)

)}

Ai,k =
∞

∑
n=1

2
nβ

((
AII,n

CII,n

)
Rmi

RPPi

2
En(Rmi,RPPi)

(2.49)

−

(
BII,n

DII,n

)
Pn(Rmi,RPPi)

En(Rmi,RPPi)

)
·

(
f (k,n, i)

g(k,n, i)

)

Bi,k =
∞

∑
n=1

2
nβ

((
AIII,n

CIII,n

)
RPPo

RPPi

Pn(RPPo,Rmo)

En(RPPo,Rmo)
(2.50)

−

(
BIII,n

DIII,n

)
Rmo

RPPi

2
En(RPPo,Rmo)

)
·

(
f (k,n, i)

g(k,n, i)

)

Ai,0 = AII,0 +
∞

∑
n=1

2
nβ

((
AII,n

CII,n

)
Rmi

RPPi

2
En(Rmi,RPPi)

(2.51)

−

(
BII,n

DII,n

)
Pn(Rmi,RPPi)

En(Rmi,RPPi)

)
·

(
r(n, i)

s(n, i)

)

Ai,0 +Bi,0 ln
RPPo

RPPi
= AIII,0 +

∞

∑
n=1

2
nβ

((
AIII,n

CIII,n

)
RPPo

RPPi

Pn(RPPo,Rmo)

En(RPPo,Rmo)
(2.52)

−

(
BIII,n

DIII,n

)
Rmo

RPPi

2
En(RPPo,Rmo)

)
·

(
r(n, i)

s(n, i)

)
where r(n, i), s(n, i), f (k,n, i) and g(k,n, i) are functions independent from r and are

given by [51]:

r(n, i) =
1
n
[sin(n(β +θi))− sin(nθi)] (2.53)

s(n, i) = −1
n
[cos(n(β +θi))− cos(nθi)] (2.54)
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For kπ 6= nβ

f (k,n, i) =
−nβ 2

k2π2−n2β 2

[
(−1)k sin(n(β +θi))− sin(nθi)

]
(2.55)

g(k,n, i) =
nβ 2

k2π2−n2β 2

[
(−1)k cos(n(β +θi))− cos(nθi)

]
(2.56)

and for kπ = nβ

f (k,n, i) =
β

2
cos(nθi)+

β

4kπ
[sin(n(2β +θi))− sin(nθi)] (2.57)

g(k,n, i) =
β

2
sin(nθi)−

β

4kπ
[cos(n(2β +θi))− cos(nθi)] (2.58)

2.3 Torque and shear stress in the airgaps

The electromagnetic torque in the airgap regions is acquired by using the Maxwell

stress tensor and integrating over a circle at a radius r within the airgap regions: The

torque in the inner airgap is given by

Ti =
laR2

i
µ0

2π∫
0

Brad,II(Ri,θ)Bθ ,II(Ri,θ)dθ (2.59)

=
πlaR2

i
µ0

∞

∑
n=1

(WII,1,nWII,2,n +WII,3,nWII,4,n)

where Ri is a radius in the inner airgap, and

WII,1,n = −AII,n
Rmi

Ri

Pn(Ri,RPPi)

En(Rmi,RPPi)
−BII,n

RPPi

Ri

Pn(Ri,Rmi)

En(RPPi,Rmi)
(2.60)

WII,2,n = −CII,n
Rmi

Ri

En(Ri,RPPi)

En(Rmi,RPPi)
−DII,n

RPPi

Ri

En(Ri,Rmi)

En(RPPi,Rmi)
(2.61)

WII,3,n = CII,n
Rmi

Ri

Pn(Ri,RPPi)

En(Rmi,RPPi)
+DII,n

RPPi

Ri

Pn(Ri,Rmi)

En(RPPi,Rmi)
(2.62)

WII,4,n = −AII,n
Rmi

Ri

En(r,RPPi)

En(Rmi,RPPi)
−BII,n

RPPi

Ri

En(Ri,Rmi)

En(RPPi,Rmi)
(2.63)

A similar set of expressions can be derived for the electromagnetic torque in the

outer airgap

To =
laR2

o
µ0

2π∫
0

Brad,III(Ro,θ)Bθ ,III(Ro,θ)dθ (2.64)

where Ro is a radius in the outer airgap. The torques in the inner and outer arigaps

are generated by the shear stress in the inner airgap σi and the shear stress in the
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outer airgap σo, respectively. Furthermore, these are related by

σi =
2

πla(D−2(wPP +
1
2 lgi +

1
2 lgo))2

Ti (2.65)

σo =
2

πlaD2 To (2.66)

where wPP is the Radial thickness of the PPs, lgi is the length of inner airgap, and

lgo is the length of the outer airgap. Using equation (2.59) these can be expressed as

σi =
1

2πµ0

2π∫
0

Brad,II(Ri,θ)Bθ ,II(Ri,θ)dθ (2.67)

σo =
1

2πµ0

2π∫
0

Brad,III(Ro,θ)Bθ ,III(Ro,θ)dθ (2.68)

For a fixed LS rotor the torque on the PP rotor is given by

TPP = Ti +To (2.69)

Furthermore, TPP can also be given by

TPP =
1
2

πD2laσ (2.70)

where σ is the equivalent shear stress. In this work large MGs with large numbers

of PPs are considered, hence (wPP +
1
2 lgi +

1
2 lgo)� D. For example, for the MG

in Table 3.1 the ratio of radial PP width to airgap diameter is only wPP/D = 0.005.

For the designs investigated in this thesis the equivalent shear stress can, therefore,

be approximated by

σ ≈ σo +σi (2.71)

with no significant loss of accuracy. In addition, due to the gearing effect, the

torques are related by

TPP = GTi =
G

G−1
To (2.72)

and σ is, therefore, also given by

σ = Gσi =
G

G−1
σo (2.73)
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2.4 Scaling invariance

In theory a MG can be constructed with an arbitrary airgap length. However, phys-

ical and practical limitations may impose a limit on the minimum airgap length that

can be achieved. Therefore, and in order to simplify the analysis, in this thesis the

airgap length has been selected to be 0.1% of the airgap diameter. In this section

the analytical model is employed to show, that if end effects are neglected, the flux

density and hence the shear stress in the MG is independent of the airgap diameter.

Furthermore, since the shear stress is linked to the overall volume of the MG, this

invariance also allows for a simplified analysis of the masses of the active compon-

ents.

The equations (2.43)-(2.52) can be rewritten in matrix form as

M−→x =−→v (2.74)

where −→x consists of the unknown coefficients and the only non-zero elements of

−→v are given by equations (2.44) and (2.46). It can be seen that both −→v and M are

independent when scaled by a factor s:

r→ sr (2.75)

As can be seen from equation (2.74) also the coefficients are invariant with this

transformation. Furthermore, and as can be seen from equations (2.29)-(2.32) and

(2.40)-(2.42) the vector potentials scale as

A(r,θ)−→ sA(sr,θ) (2.76)

and the magnetic flux density scales as

−→
B (r,θ)−→−→B (sr,θ) (2.77)

From equation (2.67) and (2.68) it can be seen that also the shear stress remains

constant.

Furthermore, if the active length is scaled as

la→ s−2la (2.78)
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the Torque, the PM mass and the PP rotor laminated steel mass is also constant.

Since it is undesirable to operate laminated steel at flux densities higher than≈ 1.7T

as saturation effects would effectively decrease the torque, the back-iron is designed

such that the maximum operating flux density is aimed to not exceed Blim = 1.5T .

This is realised by estimating the required HS rotor and stator back-iron widths with

consideration of the pHS-th and pS-th harmonics of the flux density present at the

interfaces between PMs and the back-irons. The HS rotor laminated steel mass is

therefore estimated by

ML,HS = mLla(R2
HS− (RHS−wHS,L)

2)π (2.79)

where

wHS,L =
1
2

RHS

Blim

π/pHS∫
0

Brad,pHS(RHS)sin(pHSθ)dθ (2.80)

+
1
2

RHS

Blim

π/pS∫
0

Brad,pS(RHS)sin(pSθ)dθ

=
RHS

pHS

Brad,pHS(RHS)

Blim
+

RHS

pS

Brad,pS(RHS)

Blim

is the estimated required radial HS rotor back iron thickness. mL is the mass density

of laminated steel, and Brad,pHS(r) and Brad,pS(r) are the radial peak flux density

values of the pHS-th and pS-th harmonic at a radius r. The stator laminated steel

mass is estimated by

ML,S = mLla((RS +wHS,L)
2−R2

S)π (2.81)

where

wS,L =
1
2

RS

Blim

π/pHS∫
0

Brad,pHS(RS)sin(pHSθ)dθ (2.82)

+
1
2

RS

Blim

π/pS∫
0

Brad,pLS(RS)sin(pSθ)dθ

=
RS

pHS

Brad,pHS(RS)

Blim
+

RS

pS

Brad,pS(RS)

Blim

is the estimated required radial stator back iron thickness. From equations (2.79)-
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(2.82) it can be seen that if the axial length is scaled as in (2.78) also the HS rotor

and stator laminated steel mass would remain constant.

2.5 Particular magnetisations

The expressions in Section 2.2 are further specified for three types of magnetisation

distributions. These are radial magnetisation (RM), discrete Halbach magnetisation,

and continuous Halbach magnetisation.

2.5.1 Radial magnetisation

For a radial magnetisation with a pole-pitch to pole-arc ratio aHS < 1 the spaces in

between the PMs have normally the same permeability as air, however, a solution

can only be found if the permeability is uniform in region I. Therefore, for the

analytical model the spaces between the PMs are assumed to be occupied by non-

magnetised PM material with the same permeability as the PMs. Although single

PMs would normally be uniformly magnetised a radial magnetisation would give a

sufficiently well enough approximation for MGs where a large number of poles are

present. Furthermore, if the MG is equipped with a low number of poles, each pole

would normally be segmented due to ease of manufacturing and in order to reduce

eddy current losses and the poles could, therefore, also be approximated by a radial

magnetisation.

The residual magnetisation of radially magnetised PMs on the HS rotor can then

be expressed in terms of a Fourier series as

−→
M I(θ) =

Br

µ0

∞

∑
n=1

[
cn + c−n j(cn− c−n)

0 0

](
cos(nθ)

sin(nθ)

)
(2.83)

where j is the imaginary unit and

cn =
2pHS

∑
q=1

1
2π

∫ qπ/pHS+
1
2 βmi+ΘHS

qπ/pHS− 1
2 βmi+ΘHS

(−1)qe− jnθ dθ (2.84)

= kI,ne− jnΘHS

kI,n =
2sin( 1

2 nβmi)

nπ
(1− εn,2pHS)pHSεn,pHS (2.85)
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ΘHS is the angular offset of the HS rotor PMs and βmi is the pole arc.

εt,s =

{
1 t mod s = 0

0 t mod s 6= 0
(2.86)

is a function of two integer values t and s, and t mod s is the modulo operation.

The function εt,s is derived in App. A.3. The residual magnetisation may also be

expressed in the more familiar form [55]:

Mrad,I(θ) =
Br

µ0

∞

∑
n=1,3,5,..

4sin( 1
2 npβmi)

nπ

(
cos(npΘHS)

−sin(npΘHS)

)
·

(
cos(npθ)

sin(npθ)

)
(2.87)

Mθ ,I(θ) = 0 (2.88)

where Mrad,I and Mθ ,I(θ) are the radial and circumferential residual magnetisations,

respectively. For region I the expressions for XA,I,n(r) and XC,I,n(r) are given by(
XA,I,n(r)

XC,I,n(r)

)
= XRM,I,n(r)

(
sin(nΘHS)

−cos(nΘHS)

)
(2.89)

where

XRM,I,n(r) = 2kI,n

(
YI,n(r)−

Pn(r,RHS)

Pn(Rmi,RHS)
YI,n(Rmi)

)
(2.90)

YI,n =

(
r

RHS

)−n

RHS f
′
n(RHS)+n fn(r) (2.91)

The relation between the coefficients of regions I and II, given in equations (2.43)-

(2.44) are then given by(
AI,n

CI,n

)
=

(
AII,n

CII,n

)
Pn(Rmi,RPPi)

En(Rmi,RPPi)
+

(
BII,n

DII,n

)
2

En(RPPi,Rmi)
(2.92)

µr

(
AII,n

CII,n

)
=

(
AI,n

CI,n

)
En(Rmi,RHS)

Pn(Rmi,RHS)
+BrX

′
RM,I,n(Rmi)

(
sin(nΘHS)

−cos(nΘHS)

)
(2.93)

where X
′
RM,I,n is the derivative of XRM,I,n.

2.5.2 Discrete Halbach magnetisation

A HM distribution provides several attractive features such as an inherently si-

nusoidal magnetic field, which allows for small torque ripple and a self-shielding

magnetisation that reduces the required back-iron and may result in a significantly

higher airgap field than equivalent radially magnetized PMs. In practice, however,
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Fig. 2.2: Geometry for a MG section with a periodic symmetry of 40 degrees. PMs consist
of 4 Halbach-segments per pole-pair on the HS rotor and the LS rotor (stator).

HM distribution is approximated by employing a discrete number of segments per

pole-pair. Furthermore, due to the large size of the MG and therefore the small pole

pitch of the PMs, a uniform magnetisation in Cartesian coordinates may be suffi-

ciently well represented by a uniform magnetisation in radial coordinates. Given a

segmentation of m pieces per pole-pair, the magnetic field within the k-th segment

of a pole-pair is then given in radial coordinates by

~Mk =
Br

µ0

(
cos(2π

k
m)

±sin(2π
k
m)

)
(2.94)

where the upper sign (+) corresponds to an internal field, normally applied to the

stator, and the lower sign (−) corresponds to an external field, normally applied to

the HS rotor. The magnetisation for one particular segment can be extended outside

the segment by introducing the function

fk,q(θ) =

{
1 − 1

2m
2π

p ≤ θ −θk,q ≤ 1
2m

2π

p ;

0 else
(2.95)
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where θk,q is the angular position at the center of of the k-th segment of the q-th

pole-pair given by

θq,k =
2π

p
(q+

k
m
)−Θ0

where Θ0 is the position of the rotor. fk,q(θ) can be expressed as a Fourier series as

fk,q(θ) =
∞

∑
n=−∞

cn,k,qe jn(θ−Θ0) (2.96)

where the coefficients are given by (see App.A.2)

cn,k,q =
sin(nπ/mp)

nπ
exp
[
− jn

2π

p
(q+

k
m
)

]
(2.97)

The residual magnetisation including all segments is then given by (see App.A.2)

−→
M(θ) =

m−1

∑
k=0

~Mk

p−1

∑
q=0

fk,q(θ) (2.98)

=
Br

µ0

∞

∑
n=1

hn,m,p

[
ε+n,m,p cos(nΘ0) ε+n,m,p sin(nΘ0)

−ε−n,m,p sin(nΘ0) ε−n,m,p cos(nΘ0)

](
cos(nθ)

sin(nθ)

)
where

ε
+
n,m,p = εmp,n∓p + εmp,n±p (2.99)

ε
−
n,m,p = εmp,n∓p− εmp,n±p (2.100)

hn,m,p = mp
sin(nπ/mp)

nπ
εn,p (2.101)

The expressions for XA,I,n(r) and XC,I,n(r) are given by(
XA,I,n(r)

XC,I,n(r)

)
= XdHM,I,n(r)

(
sin(nΘHS)

−cos(nΘHS)

)
(2.102)

where

XdHM,I,n(r) = hn,mHS,pHS

(
YI,n(r)−

Pn(r,RHS)

Pn(Rmi,RHS)
YI,n(Rmi)

)
(2.103)

YI,n(r) =
RHS

n

(
r

RHS

)−n

GI,n + fn(r)(nε
+
n,mHS,pHS

+ ε
−
n,mHS,pHS

) (2.104)

GI,n =
[

f
′
n(RHS)(nε

+
n,mHS,pHS

+ ε
−
n,mHS,pHS

)− ε
−
n,mHS,pHS

]
(2.105)

The function fn(r) is given in equation (2.39), and f
′
n(r) is its derivative. The re-

lation between the coefficients of regions I and II, given in equations (2.43)-(2.44)
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are then given by(
AI,n

CI,n

)
=

(
AII,n

CII,n

)
Pn(Rmi,RPPi)

En(Rmi,RPPi)
+

(
BII,n

DII,n

)
2

En(RPPi,Rmi)
(2.106)

µr

(
AII,n

CII,n

)
=

(
AI,n

CI,n

)
En(Rmi,RHS)

Pn(Rmi,RHS)
(2.107)

+Br

[
X
′
dHM,I,n(Rmi)−hn,mHS,pHSε

−
n,mHS,pHS

]( sin(nΘHS)

−cos(nΘHS)

)
where X

′
dHM,I,n is the derivative of XdHM,I,n. The expressions for XA,IV,n(r) and

XC,IV,n(r) are given by(
XA,IV,n(r)

XC,IV,n(r)

)
= XdHM,IV,n(r)

(
sin(nΘS)

−cos(nΘS)

)
(2.108)

where

XdHM,IV,n(r) = hn,mS,pS

(
YIV,n(r)−

Pn(r,RS)

Pn(Rmo,RS)
YIV,n(Rmo)

)
(2.109)

YIV,n(r) =
RS

n

(
r

RS

)n

GIV,n(RS)+ fn(r)(nε
+
n,mS,pS

+ ε
−
n,mS,pS

) (2.110)

GIV,n(w) = −
[

f
′
n(RS)(nε

+
n,mS,pS

+ ε
−
n,mS,pS

)− ε
−
n,mS,pS

]
(2.111)

The relations between the coefficients of regions III and IV, given in equations

(2.45)-(2.46) are then given by(
AIV,n

CIV,n

)
=

(
BIII,n

DIII,n

)
Pn(Rmo,RPPo)

En(Rmo,RPPo)
+

(
AIII,n

CIII,n

)
2

En(RPPo,Rmo)
(2.112)

µr

(
BIII,n

DIII,n

)
=

(
AIV,n

CIV,n

)
En(Rmo,RS)

Pn(Rmo,RS)
(2.113)

+Br

[
X
′
dHM,IV,n(Rmo)−hn,mS,pSε

−
n,mS,pS

]( sin(nΘS)

−cos(nΘS)

)
where X

′
dHM,IV,n is the derivative of XdHM,IV,n.
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2.5.3 Continuous Halbach magnetisation

A continuous Halbach magnetised ring of PM material is considered and the solu-

tions are obtained by applying the limit m→∞, and ε+n,m,p, ε−n,m,p and hn,m,p become

ε
+
n,m→∞,p = δn,p (2.114)

ε
−
n,m→∞,p = ±δn,p (2.115)

hn,m→∞,p = δn,p (2.116)

For a continuous external HM on the HS rotor the residual magnetisation given in

(2.98) becomes

~MI(θ) =
Br

µ0

[
cos(pHSΘHS) sin(pHSΘHS)

sin(pHSΘHS) −cos(pHSΘHS)

](
cos(pHSθ)

sin(pHSθ)

)
(2.117)

and for a continuous internal HM on the LS rotor the residual magnetisation be-

comes

~MIV (θ) =
Br

µ0

[
cos(pSΘS) sin(pSΘS)

−sin(pSΘS) cos(pSΘS)

](
cos(pSθ)

sin(pSθ)

)
(2.118)

The expressions for XA,I,n(r) and XC,I,n(r) are given by(
XA,I,n(r)

XC,I,n(r)

)
= δn,pHSXcHM,I(r)

(
sin(pHSΘHS)

−cos(pHSΘHS)

)
(2.119)

where

XcHM,I(r) =
(

YI(r)−
Pn(r,RHS)

Pn(Rmi,RHS)
YI(Rmi)

)
(2.120)

YI(r) =
RHS

pHS

(
r

RHS

)−pHS[
f
′
pHS

(RHS)(pHS−1)+1
]
+fn(r)(pHS−1) (2.121)

The relations between the coefficients of regions I and II, given in equations (2.43)-

(2.44) are then given by(
AI,n

CI,n

)
=

(
AII,n

CII,n

)
Pn(Rmi,RPPi)

En(Rmi,RPPi)
+

(
BII,n

DII,n

)
2

En(RPPi,Rmi)
(2.122)

µr

(
AII,n

CII,n

)
=

(
AI,n

CI,n

)
En(Rmi,RHS)

Pn(Rmi,RHS)
(2.123)

+δn,pHSBr

[
X
′
cHM,I(Rmi)+1

]( sin(pHSΘHS)

−cos(pHSΘHS)

)
where X

′
cHM,I,n is the derivative of XcHM,I,n. The expressions for XA,IV,n(r) and
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XC,IV,n(r) are given by(
XA,IV,n(r)

XC,IV,n(r)

)
= δn,pSXcHM,IV (r)

(
sin(pSΘS)

−cos(pSΘS)

)
(2.124)

where

XcHM,IV (r) =

(
YIV (r)−

Pn(r,RS)

Pn(Rmo,RS)
YIV (Rmo)

)
(2.125)

YIV (r) = −RS

pS

(
r

RS

)pS [
f
′
pS
(RS)(pS +1)−1

]
+ fn(r)(pS +1) (2.126)

The relations between the coefficients of regions III and IV, given in equations

(2.45)-(2.46) are then given by(
AIV,n

CIV,n

)
=

(
BIII,n

DIII,n

)
Pn(Rmo,RPPo)

En(Rmo,RPPo)
+

(
AIII,n

CIII,n

)
2

En(RPPo,Rmo)
(2.127)

µr

(
BIII,n

DIII,n

)
=

(
AIV,n

CIV,n

)
En(Rmo,RS)

Pn(Rmo,RS)
(2.128)

+δn,pSBr

[
X
′
cHM,IV (Rmo)−1

]( sin(pSΘS)

−cos(pSΘS)

)
where X

′
cHM,IV,n is the derivative of XcHM,IV,n.

2.6 Conclusions

A 2D analytical model for the prediction of the magnetic field distributions in the

airgaps and PMs of radial-field MGs is presented for arbitrary magnetisation distri-

butions dependent only on the circumferential coordinate. The coefficients of the

solutions for the various regions are determined by applying the boundary condition

at the interfaces. End effects are neglected and the iron is assumed to be infinitely

permeable. Using the analytical solutions several quantities can be derived, e.g.

shear stress and torque. The developed model is employed to show that the flux

density distributions in the air and PM regions, and the shear stresses remain con-

stant when the radial dimensions, including the airgaps, of the MG gear are scaled.

It is also shown that the active masses are independent of the aspect ratio of the

MG. Finally the model is applied for radial, discrete Halbach and continuous Hal-

bach magnetisation distributions.
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Chapter 3

Large magnetic gears

MGs may be employed in applications where high torques are required, such as

multi-MW wind turbines. Due to the size and speed of these MGs they may be con-

structed with a large number of poles. Therefore, the MGs may be constructed from

several magnetically identical sections, with each section satisfying the required re-

lationship between the numbers of pole pairs and the number of PPs. In this chapter

the analytical model developed in Chapter 2 is compared with FE for an MG with

a pullout torque of a 11.9MNm which has been selected following an optimisation

process. Furthermore, since for MGs with a high pole number the analytical solu-

tion may become numerically challenging, these issues are also addressed. Finally,

the effects of leading design parameters on the key PI of an MG, such as the shear

stress and the active masses, are presented.

3.1 Optimisation process

The analytical model developed in Chapter 2 is employed for the optimisation of

a large MG for a wind turbine application. Several performance indicators (PIs)

have been identified for the determination of the goodness of a MG design, and

the the optimised design has been selected such that for all of these PIs a good

result is achieved. Since the cost of the MG would to a large extend depend on the

masses of the active components, the PM mass and the laminated steel mass have
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Fig. 3.1: Flowchart for the optimisation procedure.

been selected as PIs. Furthermore, in order to achieve a light weight and compact

design also the volume and, therefore, the shear stress of the MG have also been

identified as PI. Although the MG can realistically not be operated at the pullout

torque, the equivalent shear stress at pullout torque σpull still provides a good PI for

the compactness of the MG. Further secondary PI, such as the aspect ratio of the MG

and the gear ratio, have also been considered in order to determine the best design.

In summary, the parameters that have been varied in the optimisation analysis are:

the PM thickness, the PP thickness, the airgap diameter and hence the aspect ratio,

the magnetisation distribution, the PM arc, the number of identical sections, and the

gear ratio.

Fig. 3.1 shows the flowchart for the optimisation procedure that has been em-

ployed. After selection of an initial MG design, parameters suitable for the in-

vestigation of one or more design parameters is selected. After completion of the

parameter scan the best design is identified. If the design requires further improve-

ment a new selection of parameters is investigated. Table 3.1 gives the parameters

for a large MG with a pullout torque of 11.9MNm that is optimised through this
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iterative process, and where a radial magnetisation and a discrete Halbach mag-

netisation with 4 segments per pole-pair has been employed on the HS rotor and

the stator, respectively, see Fig. 3.2. The MG is optimised to achieve the required

torque with the main goals of minimising the PM mass and the total active mass,

while achieving a sufficiently high shear stress.

Quantity Value

TPull Analytical pullout torque 11.9 MNm
pHS Pole-pairs on HS rotor 40
pS Pole-pairs on stator 260
mS Halbach segments per pole-pair on stator 4
Q Pole pieces 300
K Number of magnetically identical sections 20

ami Ratio of pole arc to pole pitch for the HS rotor PMs 0.8
G Gear ratio 7.5
D Inner airgap diameter 6.0 m

Radial thickness of HS rotor PMs 39.8 mm
Radial thickness of stator PMs 25.2 mm
Radial thickness of PP segments 31.4 mm
Airgap lengths 6.0 mm

la Active axial length 1.66 m
β PP slot opening angle π/300 rad
Br Remanence of PMs 1.25 T
µr Relative recoil permeability 1.05

PM mass 13.5 tons
Mass of laminated steel 21.5 tons

Mass of structural steel 70 tons#

# For a 6m airgap diameter MG the structural mass is assumed to be twice the active
mass.

Table 3.1: Parameters of the MG component.

Fig. 3.2: Cross section of the MG.
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3.2 Comparison with finite element

The analytical model from Chapter 2 is compared with 2D-FE studies for the MG

in Table 3.1. Figs. (3.3)-(3.6) show the radial and circumferential components of

the flux density in the inner and outer airgap. It can be seen a good agreement exists

between analytical and FE predictions.

0 1 2 3 4 5 6 7 8 9
−1.5

−1.0

−0.5

0.0

0.5

1.0

1.5

Circumferential position [deg]

F
lu

x 
de

ns
ity

 (
ra

di
al

) 
[T

]

 

 

Analytical
FE (linear steel)
FE (non−linear steel)

Fig. 3.3: Variation of the radial component of the magnetic flux density in the inner airgap
with the circumferential position.

Figs. 3.7-3.8 show the variation of the electromagnetic torque on the PP and HS

rotor. It can be seen that a good agreement exists between analytical model and FE

if steel with linear characteristics is assumed, and that the effect of the nonlinear

characteristics of the steel is not significant.
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Fig. 3.4: Variation of the angular component of the magnetic flux density in the inner airgap
with the circumferential position.
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Fig. 3.5: Variation of the radial component of the magnetic flux density in the outer airgap
with the circumferential position.
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Fig. 3.6: Variation of the angular component of the magnetic flux density in the outer airgap
with the circumferential position.
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Fig. 3.7: Variation of the torque on the PP rotor with the position of the HS rotor.
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Fig. 3.8: Variation of the torque on the HS rotor with the position of the HS rotor.
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3.3 Numerical challenges

The analytical solutions in the airgap and PM regions are computed with a finite

number of Fourier series components. In general for machines equipped with a

large number of poles, the harmonic order required in order to achieve an adequate

accuracy has to be larger than the number of poles. For the MG the problem is

magnified by the existence of two sets of PMs and associated airgaps, and more

importantly the existence of air spaces between the PPs. More specifically the total

size of the matrix to be inverted to attain the solutions for the vector potentials is

Ntotal×Ntotal , where Ntotal = 12N +(2Q+2)NQ, where N is the highest order har-

monic considered in regions I, II, III and IV , and NQ is the highest order harmonic

considered in the PP rotor air regions. This may require an amount of numerical

operations in the order of N2
total or more. Furthermore, during the solving process

large exponents may have to be handled, which could lead to numerical issues, with

values exceeding the set limits. Several methods of handling these issues are pro-

posed.

3.3.1 Periodicity

Due their size large MGs are likely to be constructed from K magnetically identical

sections, with each section satisfying the required relationship between the numbers

of pole-pairs and the number of PPs Q = pHS + pS, see Fig. 2.1. Therefore, the

analytical solution should take into account the circumferential symmetry. Any

function with a periodicity of 2π/K and of the form

fn(θ) =
N

∑
n=1

Rn(r)(an cosnθ +bn sinnθ) (3.1)

where Rn(r) is a function of r, and an and bn are coefficients, can be reduced to

fn(θ) =
Ne f f

∑
j=K

R j(r)
(
a j cos jθ +b j sin jθ

)
(3.2)

where Ne f f is the next lower integer to N/K and j are multiples of K, and where the

wavelength of the fundamental j = 1 is equal to the angular span of a magnetically
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identical section. In addition the number of boundary conditions related to the Q

PP rotor air regions reduce by a factor of K since the vector potential in the PP

air regions would be periodic, i.e. Ai = Ai+Q/K . Therefore, the total number of

Fourier components is reduced by a factor of K, while the matrix to be inverted for

a solution is reduced by K2.

3.3.2 Approximation for large exponents

As can be seen from equation (2.43)-(2.52) for large Fourier series values with

exponents of very large order may have to be evaluated in order to solve the prob-

lem. However, while some of the exponents on their own might exceed certain

limits, leading to numerical issues, a combination of several of the exponents might

converge to a constant value for large exponents. The terms that enable such an

approximation are in particular

1
En(Rin,Rout)

≈−
(

Rout

Rin

)−n

(3.3)

1
Pn(Rin,Rout)

≈
(

Rout

Rin

)−n

(3.4)

En(Rin,Rout)

Pn(Rin,Rout)
=−En(Rout ,Rin)

Pn(Rout ,Rin)
≈−1 (3.5)

where Rin and Rout are the inner and outer radius, respectively. In addition to cir-

cumventing the numerical limits that would be faced with large exponents, this sim-

plification may also lead to significant reductions in computational effort, because

large exponents in (3.3)-(3.5) can be replaced by their approximate values.

3.3.3 Order of the Fourier series

The solutions in the airgap and PM regions are computed with a finite number of

Fourier series components. For the air regions II and III, and the PM regions I and

IV the highest considered harmonic order Ne f f may be required to be many times

larger than the number of PM pole-pairs. Figs. 3.9 and 3.10 show the variations of

the radial component of the flux density in the airgaps adjacent to the HS rotor and
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stator PMs, respectively, with the circumferential position. It can be seen that when

a large harmonic order (Ne f f = 300) is considered a very good agreement exists

between FE and analytical model. However, it can also be seen that an acceptable

agreement can also exist for a much lower harmonic order Ne f f = (pS +Q)/K =

28. Furthermore, Figs. 3.11 and 3.12 show the harmonic spectra of the radial flux

density in the airgaps adjacent to the HS rotor and stator PMs, respectively. It

can be seen that the lower harmonics are already accurately predicted for Ne f f =

(pS +Q)/K = 28.

Fig 3.13 shows the variation of the torque on the PP rotor with the position of

the HS rotor. It can be seen that a good agreement exists between FE and analytical

prediction for Ne f f = 300, including the torque ripple. However, it can also be seen

that a good agreement for the average torque exists for a much lower Ne f f .

The circumferential span of a single PP and its adjacent air region is smaller

than the pole pitch of the HS rotor and LS rotor PM pole pairs, and therefore a

much smaller highest order of the Fourier series in the PP air regions NQ may be

sufficient, to achieve the required accuracy. Fig. 3.14 shows the variation of the

average torque on the PP rotor with the highest order of harmonics considered in

the PP air regions. It can be seen that the average torque converges quickly towards

a constant value.
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Fig. 3.9: Variation of radial flux density in the airgap adjacent to the HS rotor PMs for FE
and analytical model. The number of Fourier series components for the PP air regions is set
to NQ = 40.
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Fig. 3.10: Variation of radial flux density in the airgap adjacent to the stator PMs for FE
and analytical model. The number of Fourier series components for the PP air regions is set
to NQ = 40.
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3.4 Effects of leading design parameters

In this section MGs with the same pullout torque as the MG in Table 3.1 are studied.

The MG in Table 3.1 is thereby employed as a benchmark for the forthcoming

simulation studies.

3.4.1 Effects of the airgap diameter and the aspect ratio

The torque capability of a MG may in general be affected by the selected airgap

diameter. Fig. 3.15 shows the variation of the equivalent shear stress at pullout

torque σpull with the diameter, when the dimensions of the PMs and PPs are scaled

linearly with the airgap diameter. It can be seen that σpull increases significantly

with the airgap diameter if the the airgap length is fixed. However, this may be

mechanically be difficult to achieve and, therefore, in this work the airgap length

is linearly scaled (0.1% of the airgap diameter). It can also be seen, as has been

explained in section 2.4, if the airgap is scaled linearly σpull remains constant if
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Fig. 3.15: Variation of σpull with the airgap diameter. Scaled airgap lengths have been
selected to be 0.1% of the airgap diameter.
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end effects are neglected. Furthermore, if the axial length is adjusted such that the

MG produces the same torque, the PM mass and the laminated steel mass are also

constant, see Section 2.4.

Although the shear stress would remain constant if only 2D effects are con-

sidered, end effects could considerably reduce the achievable torque in the MGs

and PDDs. While similarly to other electrical machines leakage and f ringing would

contribute to the end effects, MG topologies would also be subject to an effect called

escaping in which opposing magnetic poles would tend to force flux into the axial

direction in the end regions. The impact of the end effects on the shear stress would,

therefore, significantly depend on the aspect ratio

a =
la
D

(3.6)

of the MG component. Intuitively the ratio of the pole-pitch of the HS rotor PMs to

the active axial length

apitch,l =

(
πD

2pHS

)
la

(3.7)

would, therefore, also have an impact on the shear stress. For example, the MG in

Table 3.1 apitch,l is very small, less than 15%, while for other published work this

may not be the case, where the ratio is closer to 100% [5, 56].

In order to illustrate the impact of the end effects on the pullout torque Fig. 3.16

shows the variation of σpull with the aspect ratio and where the radial dimensions

are kept the same, while the axial length is varied. It can be seen that above an

aspect ratio of about a = 0.05 the 3D FE calculated value of σpull is more than 85%

of the analytically calculated value, and that for the aspect ratio of the MG in Table

3.1 the discrepancy is only about 5%. Furthermore, the introduction of flux barriers

at specific axial locations along the PPs can further decrease the end effects.
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Fig. 3.16: Variation of σpull with the aspect ratio, where the FE analysis has been performed
in 3D to account for end-effects.

3.4.2 Effects of the magnetisation distribution

Dependent on the application the MG may be required to achieve a certain torque

density (shear stress) and/or active mass. In addition, the overall size of the MG also

influences the structural costs of the MG. Fig. 3.18, therefore, shows the variation

of the PM mass with the achievable σpull for a MG with the same airgap diameter,

and the same number of pole-pairs on the HS rotor and stator as the MG in Table

3.1, and when the axial length is adjusted to match the pullout torque. Curves are

shown for radial magnetisation (RM) with pole-arc to pole pitch ratios am = 1, and

a discrete HM with 4 segments per pole-pair (dHM) on the HS rotor and the LS

rotor/stator, see Fig. 3.17. Furthermore, a continuous HM (cHM) on both rotors,

which may be approximated by selecting a high number of segments per pole-pair,

has also been considered. It can be seen that a cHM on both rotors results in the

highest σpull , however, in practice the realization of a cHM is difficult, albeit it could

be approximated by employing a discrete HM with a large number of segments per
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pole-pair. From Fig. 3.18 it can also be seen that replacing the RM on the stator by

a dHM would also considerably increase the achievable σpull . Replacing the RM

on the HS rotor by a dHM also results in designs with higher σpull , albeit this would

only be apparent at a higher PM mass (more than 18 tons). It can also be seen that

the design from Table 3.1 exhibits a smaller PM and total active mass, which is due

to the lower pole-arc to pole pitch ratio of the PMs on the HS rotor. Finally it can

be seen that a minimum PM mass can be achieved at about 13tons.

Fig. 3.19 shows the variation of the laminated steel mass with σpull . It can be

seen that due to the self-shielding effect of the HM for most shear stresses a much

smaller back-iron mass may be required for those designs that employ a HM. It can

also be seen that in this particular case, replacing the dHM on HS rotor and stator

by a cHM did not further decrease the amount of required laminated steel.

Fig. 3.20 shows the variation of the total active mass with σpull . It can be seen

that the total active mass is significantly reduced for the designs, employing a HM.

From Fig. 3.18 it can also be seen that for a large range of σpull a RM on the

HS rotor might achieve a similar torque transmission as a dHM, whilst significantly

reducing the PM mass. This type of design has, therefore, been taken forward to be

studied in more detail. Since the PM material near the interface of two pole-pairs

may not contribute significantly towards the produced torque the PM material at

these locations may be replaced by non-magnetic material leading to a reduced HS

rotor pole-arc to pole-pitch ratio aHS. Fig. 3.21 shows the variation of the PM mass

with σpull for several HS rotor pole-arc to pole-pitch ratios, where a RM on the HS

rotor and a dHM on the stator is employed. It can be seen that for most σpull a value

of about aHS ≈ 0.8 achieves the lowest PM mass.

For aHS = 0.8 Fig. 3.22 shows the variations of the laminated steel mass with

σpull for the various rotors. It can be seen that the stator, HS rotor, and PP rotor

laminated steel mass decrease with increasing shear stress.
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Fig. 3.17: Cross sections for MGs with a RM and a dHM on the HS rotor and the LS
rotor/stator.
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Fig. 3.18: Variation of PM mass with σpull .
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Fig. 3.19: Variation of laminated steel mass with σpull .
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Fig. 3.20: Variation of total active mass with σpull .
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3.4.3 Effects of the pole-piece dimensions

Fig. 3.23 shows the variation of σpull with the radial PP thickness wPP. It can

be seen that a maximum exists and that the shear stress drops significantly towards

small values of wPP. Furthermore, as can be seen by comparing the analysis for steel

with linear and nonlinear characteristics saturation effects would also significantly

reduce the torque transmission capability for small values of wPP.
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Fig. 3.23: Variation of σpull with the radial PP thickness wPP for the analytical model and
for FE.

3.4.4 Effects of the number of identical sections

As has been mentioned in section 3.3 large MGs may be constructed from several

magnetically identical sections. For the forthcoming analysis the gear ratio, the air-

gap lengths, the outer airgap diameter and the aspect ratio of the PP is kept constant

and the radial PP thickness is selected as

wPP =
πRPPi

Q
(3.8)
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Fig. 3.24 shows the variation of σpull with the number of magnetically identical

setions K, where the radial dimensions of the HS rotor and stator PMs are fixed. It

can be seen that an optimum number of sections (pole pairs) exists, for which σpull

is maximum and that for small numbers of sections the shear stress increases almost

linearly.

0 10 20 30 40 50 60
0

20

40

60

80

100

120

140

Number of sections

S
he

ar
 s

tr
es

s 
[k

P
a]

 

 
σ

pull

σ
HS,S

σ
S,HS

Fig. 3.24: Variation of shear stress with the number of magnetically identical sections K.

In order to analyse the effect further, it is useful to separate the flux density in

the outer airgap into the flux density produced by the HS rotor PMs and the stator

PMs. In particular, the radial component of the flux density in the outer airgap at the

radius Ro can be expressed as a superposition of the radial component flux density

due to the HS rotor PMs Brad,III,HS and the radial component flux density due to the

stator PMs Brad,III,S as

Brad,III(Ro,θ) = Brad,III,HS(Ro,θ)+Brad,III,S(Ro,θ) (3.9)

Similarly the circumferential component can be expressed as

Bθ ,III(Ro,θ) = Bθ ,III,HS(Ro,θ)+Bθ ,III,S(Ro,θ) (3.10)
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where Bθ ,III,HS and Bθ ,III,S are the circumferential components of the flux density

due to the HS rotor PMs and the stator PMs, respectively. The torque in the outer

airgap (2.64) can, therefore, be expressed as

To =
laR2

o
µ0

2π∫
0

Brad,III,HS(Ro,θ)Bθ ,III,HS(Ro,θ)dθ (3.11)

+
laR2

o
µ0

2π∫
0

Brad,III,S(Ro,θ)Bθ ,III,S(Ro,θ)dθ

+
laR2

o
µ0

2π∫
0

Brad,III,HS(Ro,θ)Bθ ,III,S(Ro,θ)dθ

+
laR2

o
µ0

2π∫
0

Brad,III,S(Ro,θ)Bθ ,III,HS(Ro,θ)dθ

Since torque from the interactions from the radial and circumferential components

of flux density from the same source is zero the first and second term in (3.11) are

zero. The shear stress in the outer airgap can, therefore, be expressed as

σo = σHS,S +σS,HS (3.12)

where

σHS,S =
1

2πµ0

2π∫
0

Brad,III,HS(Ro,θ)Bθ ,III,S(Ro,θ)dθ (3.13)

σS,HS =
1

2πµ0

2π∫
0

Brad,III,S(Ro,θ)Bθ ,III,HS(Ro,θ)dθ (3.14)

Using (3.12) and (2.73) the equivalent shear stress may also be expressed as

σ =
G

G−1
(σHS,S +σS,HS) (3.15)

From Fig. 3.24 it can be seen that σHS,S and σS,HS also exhibit maxima, albeit at

different numbers of sections (pole pairs).

Since the shear stress components σHS,S and σS,HS are mainly produced by the

pS-th harmonics, Fig. 3.25 shows the variation of the peak flux densities of the

pS-th harmonics of the flux density components in the outer airgap with K. It can

be seen that both circumferential components of the flux density increase almost

linearly from zero, while the radial components of the flux density converge towards
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Fig. 3.25: Variation of peak flux density with the number of magnetically identical sections
K.

a constant value towards small values of K. Hence, the initial increase in shear stress

could be largely determined by the linear increase of the circumferential component

of the flux density. It can also be seen that for large values of K the pS-th harmonic

of the flux density due to the interaction of the HS rotor PMs with the PPs can

decrease significantly.

Fig. 3.26 shows the variation of the PM mass with the maximum achievable

σpull and K. It can be seen that for a given PM mass a number of sections exists,

for which the σpull is maximum.

Fig 3.27 shows the variation of the total active mass, which is the PM mass

and the mass of laminated steel, with the maximum achievable σpull and with the

number of sections K. Similarly to Fig. 3.26 a maximum shear stress exists for a

given total active mass, albeit at a different K.
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Fig. 3.26: Variation of PM mass with the maximum achievable σpull and the number of
sections K.
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3.4.5 Effects of the gear ratio

In general the choice of the gear ratio G has a significant impact on the overall

performance of the system into which the MG is incorporated. While a MG with a

higher gear ratio has the potential to reduce the masses of the generator that the MG

is coupled to, it also might require increased active masses compared to MGs with

a lower gear ratio. Fig. 3.28 shows the variation of the minimum PM mass with the

maximum achievable σpull if all number of sections are considered. It can be seen

that a higher gear ratio may require a higher PM mass to achieve a similar σpull .
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Fig. 3.28: Variation of the minimum PM mass with the the maximum achievable σpull if all
numbers of sections are considered, for several gear ratios G.

Fig. 3.29 shows the variation of the active mass with the maximum achievable

σpull for the designs shown in Fig. 3.28. Again it can be seen that higher gear ratios

may require a larger amount of active mass to achieve a similar σpull .
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3.5 Conclusions

The analytical model developed in Chapter 2 has been employed for the optimisa-

tion of a large MG with a pullout torque of 11.9MNm. The MG has been optim-

ised to achieve a sufficiently high shear stress and gear ratio, whilst minimizing the

required PM mass and total active mass. The optimised design has a PM mass of

13.5tons and a total active mass of 35tons. The MG is employed for the comparison

of the analytical model with 2D FE studies and a good agreement is found for the

flux density distributions and the torques including the torque ripple. It is shown

that since large MGs are likely to be constructed using a set of circumferentially

identical sections, applying symmetry conditions can result in significant compu-

tational simplifications. Furthermore, although a high order of harmonics may be

required in order to represent the torque ripple and the flux density distribution suf-

ficiently well, the average torque can be accurately predicted with a significantly
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lower harmonic order. The analytical model is also employed to discuss the ef-

fects of the leading design parameters on the main performance indicators, such as

PM and laminated steel mass, etc. It is shown that the equivalent shear stress re-

mains constant when scaling the radii of the MG when end effects are neglected,

and that end effects only reduce the equivalent shear stress considerably for small

aspect ratios. Furthermore, adopting a discrete HM distribution, in particular on the

stator, results in significant improvements in torque transmission capability without

significantly increasing the required PM mass. It is also shown that the equivalent

shear stress, the number of circumferential sections, and the gear ratio may have a

significant impact on the active masses of the MG.
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Chapter 4

Analytical model for the Pseudo

Direct Drive

The 2D analytical models developed in Chapter 2 are extended to account for the

effects of stator windings in order to enable the analysis of PDDs. Since the iron loss

calculation requires the accurate prediction of the flux density distributions in the

iron regions, analytical models are also developed for the prediction of the average

flux density distributions in the stator core and the flux density distributions in the

PPs. Furthermore, the calculation of the losses in the PDD is given in detail.

4.1 Principal of operation

The PDD introduced in [11] is a magnetically and mechanically integrated brush-

less PM machine with an MG. The PPs in an MG modulate the field produced by

the HS rotor, resulting in a synchronous space harmonic having the same number

of poles as the HS rotor, and asynchronous harmonics. In an MG the latter interacts

with the PMs on the LS rotor/stator to produce torque, while the synchronous har-

monic mainly produces losses. However, in the PDD, a winding having the same

number of poles as the synchronous harmonic/HS rotor is introduced on the stator

to produce torque on the HS rotor, which is then transmitted to the PP rotor through

the interaction between the asynchronous harmonic and the PMs on the stator. This
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results in a highly efficient utilisation of the HS rotor PM field and enables signific-

antly higher torque densities through the gearing effect.

The PDD is operated at a torque TE equal or lower than Tpull
G . In a brushless AC

mode operation the electromagnetic torque produced by the interaction of stator

winding and the HS rotor is given by [11]

TE =
2π√

2
kwR2

SlaQrmsBpHS,S (4.1)

where kw is the winding factor, BpHS,S is the peak value of the pHS-th harmonic of

the radial flux density produced by the HS rotor PMs at the stator bore radius RS.

Qrms =
3pHSIrms

2πRS
(4.2)

is the current loading, where Irms is the rms current in a coil. A concentrated wind-

ing is selected, for which the winding factor is kw =
√

3
2 . For a continuous speed

operation the average torque on the HS rotor has to be zero, i.e. the average torque

produced by the interaction between HS rotor and stator PMs and the average torque

produced by the interaction between HS rotor PMs and the field produced by the

stator windings has to cancel. In order to match TE with the torque on the HS ro-

tor produced by the interaction with the stator rotor PMs, the PP rotor position is

shifted from the maximum torque position by the angle

Θ∆PP =
1
Q

arccos
(

TEG
Tpull

)
=

1
Q

arccos
(

TPP,R

Tpull

Irms

Irms,R

)
(4.3)

where Q is the number of PPs, TPP,R is the rated torque on the PP rotor, and Irms,R is

the rated current in a coil. Furthermore, TE is related to the power by

PE = TEωPPG (4.4)

where ωPP is the rotational speed of the PP rotor. Using (4.4) in (4.1) the rms

electric loading is given by

Qrms =

√
2

2π

1
kwR2

SlaBpHS,S

PE

ωPPG
=

√
2

2π

1
kwR2

SlaBpHS,S
TE (4.5)

For completeness and in order to allow for a more detailed comparison with a coil

excited PDD in Chapter 6 the equations which govern the motion of the HS rotor,
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the PP rotor, and the turbine are given. They are in particular

JHS
d2ΘHS

dt2 =
pHS

Q
Tpull sin(QΘPP− pHSΘHS)−TE(Irms) (4.6)

JPP
d2ΘPP

dt2 = kT (ΘT −ΘPP)−Tpull sin(QΘPP− pHSΘHS) (4.7)

JT
d2ΘT

dt2 = TW − kT (ΘT −ΘPP) (4.8)

where JHS is the inertia of the HS rotor, JPP is the inertia of the PP rotor, and JT

is the inertia of the turbine shaft and the components connected to it, such as the

turbine. ΘPP is the PP rotor angle, ΘHS is the HS rotor angle, ΘT is the angle of the

turbine shaft, TW is the load torque, and kT is the stiffness of the shaft connecting

the turbine to the PP rotor. Fig. 4.1 shows the torsional model of a wind turbine

drive train employing a PM excited PDD. It can be seen that the MG element of the

PDD can be replaced by two ideal gears and a 1-to-1 magnetic coupling, having a

stiffness kG given by

kG =
Tpull

Q
cos(QΘPP− pHSΘHS) =

Tpull

Q
cos(ΘE) (4.9)

where ΘE is referred to as the load angle.

Fig. 4.1: Fig. 3. 3-inertia torsional model of the PDD.

4.2 Flux density in the airgap and PM regions

Fig. 4.2 shows the schematic of a PDD and its various regions employed for the de-

velopment of the analytical models. In addition to the models described in chapter

2 the models are extended to take into account of the effects of the stator windings

on the magnetic field distributions in the air and PM regions. The windings are rep-

resented by a current sheet at the stator iron bore radius RS [44, 45]. Furthermore,

since the iron loss prediction requires the accurate prediction of the flux density dis-
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Fig. 4.2: Geometry for a PDD section with a periodic symmetry of 40 degrees. A current
sheet is introduced at the stator bore radius RS.

tributions in the iron regions, analytical models are also developed for the prediction

of the flux density distribution in the stator core and the PPs.

At the stator bore radius RS, the circumferential component of the magnetic field

equals the current sheet, thus

Hθ ,IV (RS,θ) =
Bθ ,IV (RS,θ)

µ0µr
−

Mθ ,IV (θ)

µr
=− jS(θ) (4.10)

where Hθ ,IV is the circumferential component of the magnetic field, and jS is the

current sheet representing the stator windings. The current sheet is expressed in

terms of a Fourier series by

jS(θ) =
∞

∑
n=1

(
jA,n
jC,n

)
·

(
cos(nθ)

sin(nθ)

)
(4.11)

The solution in region IV (2.28) is extended by a term AC,IV which takes into

account of the current sheet:
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AIV (θ ,r) = AG,IV (r,θ)+AP,IV (r,θ)+AC,IV (r,θ) (4.12)

Furthermore AC,IV is given by

AC,IV (r,θ) = µ0µr

∞

∑
n=1

RS

n
En(r,Rmo)

Pn(RS,Rmo)

(
jA,n
jC,n

)
·

(
cos(nθ)

sin(nθ)

)
(4.13)

The form of the solutions in regions I, II, III and the PP air regions i,..,Q are the

same as in Section (2.2), however the coefficients are different due to the addition

of the current sheet. The relations between the coefficients of regions III and IV,

given in equations (2.45) and (2.46) are then given by

µr

(
BIII,n

DIII,n

)
=

(
AIV,n

CIV,n

)
En(Rmo,RS)

Pn(Rmo,RS)
+Br

(
gc,IV,n +X

′
A,IV,n(Rmo)

gs,IV,n +X
′
C,IV,n(Rmo)

)
(4.14)

+µ0µr
RS

Rmo

2
Pn(Rmo,RS)

(
jA,n
jC,n

)
(

AIV,n

CIV,n

)
=

(
BIII,n

DIII,n

)
Pn(Rmo,RPPo)

En(Rmo,RPPo)
+

(
AIII,n

CIII,n

)
2

En(RPPo,Rmo)
(4.15)

4.3 Flux density waveforms in the stator iron

The solution for the flux density distribution at the stator bore radius RS, obtained

from the analysis in section 4.2, is employed to predict the average flux densities in

the stator regions, viz. tooth tip, tooth body and back-iron, as shown in Fig 4.3. The

average flux density in each of the segments shown in Fig 4.3 is assumed by adding

the flux entering/exciting the segment and dividing by the maximum cross section

of the segment perpendicular to the flux paths. Since the value of the average flux

density varies along the radial direction of a tooth, especially on load, each tooth is

split into N layers of radial thickness ∆h. For the flux across the slot and the slot

opening equivalent magnetic circuits are assumed in regions R1, R2 and for each

layer of region R3, where the permeability of iron is assumed to be infinite. For

example for a layer in region R3the magnetomotive force according to Ampere’s
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law is equal to the current in the surrounded region, hence

ISl,m(h) =
∮

Hdl = HR3(h)w2 (4.16)

where h is the radial width of the surrounded coil material at that particular layer,

ISl,m(h) is the current going through the surrounded coil material, w2 is the average

slot width and HR3(h) is the circumferential magnetic field strength in the slot at h.

The flux through each layer in region R3 is then given by

ΦR3,m(h) = µ0
ISl,m

w2

h
d3

∆hla (4.17)

where ISl,m is the total current in the m–th slot, and d3 is the radial width of the slot.

The magnetic field strength in region R2 is approximated by averaging the mag-

netic field in region R1 and the magnetic field calculated at the bottom of the coil

slot. The flux across region R2 is then given by

ΦR2,m = µ0
ISl,m

w1

1
2

(
1+

w1

w2

)
d2la (4.18)

where w1 is the slot opening, and d2 is the radial width of the shoe slope, Fig 4.3.

The flux across R1 is given by

ΦR1,m = µ0
ISl,m

w1
d1la (4.19)

where d1 is the radial width of the shoe tip, Fig 4.3. The flux in the back-iron is

given by [57]

ΦB,m =
1
M


−∑

M−1
k=1 (N− k)Φ1+k m = 1

∑
M−1
k=1 (M− k)ΦN−k+1 m = M

∑
m−1
k=1 (m− k)Φm−k+1−∑

M−m
k=1 (M−m− k+1)Φm+k else

(4.20)

where Φm is the flux at the end of the m–th tooth, ΦB,m is the flux in the back-iron

adjacent to the m–th tooth, and M is the total number of teeth for one section.

4.4 Flux density waveforms in the pole-pieces

Due to the complexity of the flux density distribution in the PPs a representation

through average values in radial or circumferential directions may not be accurate.
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Fig. 4.3: Division of one stator tooth and back-iron into segments. Assumed flux paths
are shown as arrows for entering/exciting flux paths to the segment (above figure). The
flux paths assumed within the segments are indicated as dashed lines within the laminations
(bottom figure).

Therefore, an analytical model for the prediction of the flux density distribution in

the PPs is developed. Since large PDDs are likely to have a large number of poles

the radial and circumferential dimensions of the PPs are very small compared to

the airgap diameters. Therefore, for simplicity a Cartesian coordinate system is

employed. x and y are the local Cartesian coordinates in one PP as is shown in Fig.

4.4, with

x = (θ −θi)RPPm (4.21)

y = r−RPPi (4.22)

where

RPPm =
1
2
(RPPi +RPPo) (4.23)
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is the mean radius of the PPs. The average circumferential dimension of a PP is

given by

L = θPPRPPm (4.24)

where θPP is the angular dimension of a PP. It is assumed the PPs have a constant re-

lative permeability µiron� µair, and the vector potential in the i-th PP ~APP,i satisfies

the Laplace equation

∆~APP,i = 0 (4.25)

The problem is treated in two dimensions and only the z-component of the vec-

Fig. 4.4: i-th PP domain with its boundary conditions.

tor potential APP,i is considered. The solutions can be determined by applying the

boundary conditions and utilising the values for the flux density in the air regions,

that are found by evaluating the model in section 4.2. Since the radial coordinate

system is approximated by a Cartesian coordinate system the following relation-

ships are assumed for the boundary conditions:

∂APP,i(0,y)/∂y = Bθ (RPPi + y,θi) (4.26)

∂APP,i(L,y)/∂y = Bθ (RPPi + y,θi +θPP) (4.27)

∂APP,i(x,0)/∂x = −Brad(RPPi,θi + x/RPPm) (4.28)

∂APP,i(x,wPP)/∂x = −Brad(RPPo,θi + x/RPPm) (4.29)

For a given PP the solution of the Laplace equation (4.25) can be expressed as a

super position
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APP,i(x,y) = Ax=0(x,y)+Ax=L(x,y)+Ay=0(x,y)+Ay=wPP(x,y)+A0(x,y) (4.30)

of the functions

Ax=0(x,y) =
∞

∑
n=1

ax,0,n sinh(nπ[L− x]/wPP)sin(nπy/wPP) (4.31)

Ax=L(x,y) =
∞

∑
n=1

ax,L,n sinh(nπx/wPP)sin(nπy/wPP) (4.32)

Ay=0(x,y) =
∞

∑
n=1

ay,0,n sin(nπx/L)sinh(nπ[wPP− y]/L) (4.33)

Ay=wPP(x,y) =
∞

∑
n=1

ay,wPP,n sin(nπx/L)sinh(nπy/L) (4.34)

A0(x,y) = axx+ayy+axyxy (4.35)

The tangential derivatives of the functions Ax=0(x,y), Ax=L(x,y), Ay=0(x,y) and

Ay=wPP(x,y) at the boundaries are zero for three sides of the PP, Fig. 4.5, while for

the remaining side their values are given by

∂Ax=0(0,y)/∂y = Bθ ,i(RPPi + y,θi)− B̄θ ,i(θi) (4.36)

∂Ax=L(L,y)/∂y = Bθ ,i(RPPi + y,θi +θPP)− B̄θ ,i(θi +θPP) (4.37)

∂Ay=0(x,0)/∂x = −Brad(RPPi,θi + x/RPPm)+ B̄rad(RPPi) (4.38)

∂Ay=wPP(x,wwPP)/∂x = −Brad(RPPo,θi + x/RPPm)+ B̄rad(RPPo) (4.39)

where B̄θ ,i(θi), B̄θ ,i(θi+θPP), B̄rad(RPPi) and B̄rad(RPPo) are the average flux dens-

ity values at the respective side. Furthermore, the derivatives of the function A0(x,y)

at each side of the PP are equal to the average value at that side, Fig. 4.5.

The coefficients of the functions are then determined by applying the boundary
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Fig. 4.5: Boundary conditions for the functions Ax=0(x,y), Ax=L(x,y), Ay=0(x,y),
Ay=wPP(x,y) and A0(x,y) for a given PP. The equivalent flux paths for each function are
schematically indicated.

conditions at the interfaces between iron and air regions and they are given by:

ax,0,n =
1

nπ

wPP∫
0

cos(nπy/wPP)

sinh(nπL/wPP)

∂APP,i(0,y)
∂y

dy (4.40)

ax,L,n =
1

nπ

wPP∫
0

cos(nπy/wPP)

sinh(nπL/wPP)

∂APP,i(L,y)
∂y

dy (4.41)

ay,0,n =
1

nπ

L∫
0

cos(nπx/L)
sinh(nπwPP/L)

∂APP,i(x,0)
∂x

dx (4.42)

ay,wPP,n =
1

nπ

L∫
0

cos(nπx/L)
sinh(nπwPP/L)

∂APP,i(x,wPP)

∂x
dx (4.43)

ax =
1
L

L∫
0

∂APP,i(x,0)
∂x

dx (4.44)

ay =
1

wPP

wPP∫
0

∂APP,i(0,y)
∂y

dy (4.45)

axy =
1

LwPP

wPP∫
0

[
∂APP,i(L,y)

∂y
−

∂APP,i(0,y)
∂y

]
dy (4.46)
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4.5 Losses and efficiency

Two sources of losses are considered, namely the iron loss and the copper loss.

Stator PMs and to a lesser extent HS rotor PMs will exhibit time variations in the

operating points. Therefore, eddy currents will be induced, however, their mag-

nitude and associated losses will depend on the level of axial, radial and circum-

ferential segmentation, which is usually a compromise between the tolerated losses

and the manufacturing limitations [58]. Hence, this loss component is neglected in

the analysis. Furthermore, AC losses in the windings are also not considered.

4.5.1 Copper loss

The copper loss in the stator windings is given by the sum of DC copper losses,

which are calculated by considering only the rms current in the winding, and AC

copper losses, which are due to skin effects and to a lesser extend proximity effects

[59]. Due to the range of the considered electrical frequencies, the skin depths

are of similar magnitude as the coil slot dimension, e.g. at an electrical frequency

f = 50Hz the skin depth is about δ = 0.01m. Furthermore, the magnitudes of the

eddy currents depend significantly on the selected wire diameters and the number

of parallel strands. The losses due to skin effects can, therefore, be minimized by

optimising the number of conductor strands while considering constraints such as

the available coil slot area and the desired packing factor. The copper loss in the

stator windings is, therefore, approximated by the DC loss component which is

given by

PCu,S = 3R∗SI2
rms = ρCu(la + le,S)irms2πRSQrms (4.47)

where irms is the rms current density in the coils, Irms is the rms value of the current

in the coils, and R∗S is the resistance of the coils for one phase calculated at the oper-

ating temperature of T = 120oC. The resistivity of copper is temperature dependent

and it is given by [60]
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ρCu = ρ20(1+αCu(T −20°C))

where ρ20 = 1.724e− 8Ωm and αCu = 0.00393oC−1 are the resistivity coefficient

and the temperature coefficient at 20°C, respectively. The length of the end wind-

ings is given by

le,S =
2πRS

3pHS

[
(1−αc,S)+

π

2
αc,S

]
(4.48)

where

αc,S = pHSβc,S (4.49)

and βc,S is the coil pitch for one phase. The mass of copper on the stator is given

by

MCu,S = mCu
2πRSQrms

irms
(la + le,S) (4.50)

Combining (4.50) in (4.47) gives the following expression for the copper loss:

PCu = ρCui2rms
MCu,S

mCu
(4.51)

4.5.2 Iron losses

The analysis of the iron losses is a highly non-linear problem due to the hysteresis

property and domain structures, and a thorough analysis is required to give an accur-

ate prediction. A commonly used approach is to separate the loss per unit volume

piron into three loss mechanisms [61, 62]:

piron = physt + pclass + pexc (4.52)

where physt is the hysteresis loss, pclass the classical eddy current loss, and pexc the

excess eddy current loss. Each of the loss components is a function of the frequency

and the flux density multiplied by a coefficient. Although the separation of the

iron loss provides a calculation method that is practical and easy to implement it

remains an approximation and further studies have shown that the loss coefficients

of the various loss components could depend noticeably on the frequency and the

flux density [61]. However, in order to include the variability of the coefficients,
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further knowledge about the magnetic behaviour of the laminated steel would be

required, which often is not available. Therefore, and similar to common practice,

the coefficients in this analysis are assumed to be constant and independent of the

frequency and the flux density. Furthermore, their values are given in Table 5.2.

Hysteresis loss

Hysteresis losses are due to localised and nearly instantaneous irreversible changes

in the domain structure. Hence, the loss per magnetic cycle is fairly independent of

the magnetising frequency and the hysteresis loss per unit mass is therefore given

by the area enclosed by the hysteresis loop:

physt =
1

mL
f
∮

HdB (4.53)

where f is the frequency of the excitation. The evaluation of this integral is not

trivial and empirical methods by fitting experimental data are often preferred. The

following empirical expression provides a good approximation [62]:

physt = khyst f B
αhyst
m (4.54)

where

αhyst = ahyst +bhystBm (4.55)

and khyst , ahyst and bhyst are fitting coefficients which depend on the material prop-

erty and have to be determined by experimental data, and

Bm =
Bmax−Bmin

2
(4.56)

where Bmax and Bmin are the maximum and minimum peak flux densities reached

during the excursion of the loop. The latter choice for Bm is given by the assumption

that an offset of the hysteresis loop does not have any effect on the hysteresis loss.

This simplification is particularly significant for the PDD, where the stator PMs may

result in an unbalanced flux density offset in the stator iron. If Nml minor hysteresis

loops are caused, a correction can be applied [63]:

physt = khyst f B
αhyst
m

(
1+

0.65
Bm

Nml

∑
i=1

∆Bi

)
(4.57)

where ∆Bi is the change in flux density during the excursion of the minor loop.
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Classical eddy current loss

Eddy currents are induced when the magnetic flux density is varied in the lamin-

ations. In materials with no structural/magnetic inhomogeneities these losses are

equal to the classical eddy current losses which are given by [62]:

pclass =
σLd2

L
12mL

f
∫

1/ f

(
∂B
∂ t

)2

dt (4.58)

where σL is the electrical conductivity, and dL the lamination thickness.

Excess eddy current loss

In addition to the classical eddy current losses, excess eddy current losses can con-

tribute significantly to the iron loss. The excess eddy current loss is given by

pexc = kexc f
∫

1/ f

∣∣∣∣∂B
∂ t

∣∣∣∣1.5 dt (4.59)

where kexc is the excess coefficient that has to be determined experimentally [62].

Furthermore, in [61] it is shown that the coefficient may vary more than 50% with

the magnetic induction, however accounting for a variability of kexc would also

require further knowledge about the magnetic behaviour of the material in question.

However, since additionally required data has not been available for this work kexc

is assumed to be constant.

4.6 Conclusions

The analytical models for the prediction of the magnetic field distributions in the

airgaps and PMs of radial-field MGs presented in Chapter 2 are extended to ac-

count for the effects of stator windings. In order to predict accurately the iron

losses analytical models for the flux density distributions in the PPs and the average

flux density distributions in the stator core at no-load and on-load conditions are

presented. Finally, for completeness the electromagnetic loss prediction techniques

adopted in this thesis are described.
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Chapter 5

PDDs for a 10MW wind turbine

The analytical models in Chapter 4 are employed for the study and optimisation of

a PDD for a 10MW wind turbine. The operation of the turbine is outlined and an

optimised design of the PDD suitable for the application is presented. The presen-

ted design is employed for the comparison of the analytical models with 2D FE

predictions on no-load and on-load conditions. Furthermore, the effects of the lead-

ing design parameters on the main PIs of the PDD, such as the electromagnetic

efficiency, and the masses of the active components, i.e. PM, laminated steel and

copper, is presented.

5.1 Operation as a wind turbine generator

The available shaft power of a wind turbine is given by [23]

PW =
1
2

maircp(λ ,θpitch)πR2
bladev3

w (5.1)

where vw is the wind speed, mair is the mass density of air, Rblade is the turbine

rotor radius, and cp(λ ,θpitch) is the power coefficient of the aerodynamic efficiency,

which is a function of the tip speed ratio λ and the pitch angle θpitch. At wind

speeds above the rated wind speed vw,R the blades are pitched to reduce aerodynamic

efficiency and thus limit the power to the rated power

PR =
1
2

maircp,RπR2
bladev3

w,R (5.2)
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Therefore, the torque on the PP rotor can then be expressed in terms of the power

by

TW = Rbladev−1
w PW =

[
1
2

ρaircp(λ ,θpitch)πR5
blade

]1/3

P2/3
W (5.3)

Both the variation of the capacity factor and the rotational speed of the turbine have

been determined by the project INNWIND.EU for a 10MW reference turbine with

a turbine radius of Rblade = 89.166m [64]. The turbine is designed to have a cut-in

wind speed of vw,min = 4m/s, a rated wind speed of vw,R = 12m/s, and a cut-out

wind speed of vw,max = 25m/s. At wind speeds below vw,min the power supplied

by the wind is employed to accelerate the rotor for the start-up. Between the wind

speeds vw,1 = 7m/s and vw,2 = 11m/s the turbine is controlled as to maximize the

power capture. At wind speeds above vw,R the turbine is controlled such that the

power remains constant. At wind speeds between vw,min and vw,1 the rotational speed

is kept constant in order to limit the wind turbines operational speed range [65].

Furthermore, in the analysis in this work the mechanical input power is assumed to

be 10.0MW compared to 10.6MW of the reference turbine and the capacity factor

is, therefore, also reduced at wind speeds between vw,2and vw,R to limit the the

maximum input power of the turbine to 10.0MW. Fig. 5.1 shows the variations of

the capacity factor cp and the rotational speed of the turbine with the wind speed

that has been employed for the PDD.

Fig. 5.2 shows the variation of the turbine shaft power and the torque on the PP

rotor with wind speed. It can be seen that for this particular turbine the rated torque

is reached at a lower wind speed than the rated power.

The speed curve in Fig.5.1 and the torque and power curve 5.2 are utilised to

investigate the efficiency performance of PDDs at partial load and full-load for a

PDD with PM excited HS rotor in Sections 5.3, and for PDDs with coil excited HS

rotor in Sections 6.4. These values can be further utilised to assess the overall annual

energy efficiency of the PDD. In order to calculate the annual energy efficiency a

Weibull probability distribution for the wind speed frequency is adopted [66]:

p(vw) =
k
A

(vw

A

)k−1
exp
[
−
(vw

A

)k
]

(5.4)
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Fig. 5.1: Variation of the capacity factor and the rotational speed of the PP rotor for a 10MW
wind turbine with the wind speed.

where k = 2.35 is the shape parameter and A = 12.01m/s is the scale parameter,

which are selected to fit a measured wind profile at a height of 110m at the FINO3

offshore research platform in the north sea [67], as can be seen in Fig 5.3.

Fig. 5.4 shows the variation of the cumulative annual energy of the turbine

Ec =

vw,c∫
vw,min

PW (vw)p(vw)dvw (5.5)

with the maximum considered wind speed vw,c. It can be seen that wind speeds

above the rated wind speed contribute to more than 60% of the total annual energy,

and that Ec decreases rapidly with decreasing vw,c. In order to reduce the numerical

effort of the analysis for the forthcoming optimisation studies the rated efficiency

is, therefore, employed as an indicator for the efficiency performance of the invest-

igated PDD designs.
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Fig. 5.2: Variation of the capacity factor and the rotational speed of the PP rotor for a 10MW
wind turbine with the wind speed.
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Fig. 5.3: Frequency of the wind speeds at the research platform FINO3 at 110m height for
the year 2011 [67]. The Weibull distribution is fitted to the measured data.
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Fig. 5.4: Cumulative annual energy Ec in percent of the total annual energy of the turbine
with the maximum considered wind speed vw,c.

5.2 Optimisation process

The analytical models developed in Chapters 2 and 4 are employed for the optim-

isation of a PDD. Similarly to Section 3.1 several PIs have been identified for the

determination of the goodness of a PDD design. In addition to the PIs from Section

3.1 also the mass of the copper and the electromagnetic efficiency are included as PI.

Fig. 5.5 shows the flowchart for the optimisation procedure that has been employed.

After selection of an initial PDD design, a set of parameters is selected which are

varied to investigate the designs. After completion of the parameter scan the design

with the best improvements is identified. If the design requires further improvement

a new set of parameters is investigated. Table 5.1 gives the parameters for a PDD

which is designed to meet the requirements of a 10MW wind turbine, and where the

parameters of the MG component are given in Table 3.1. The turbine is assumed to

be directly connected to the PP rotor and the pullout torque is required to achieve

11.9 MNm which is 20% higher than the rated torque. The HS rotor is magnetically
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Fig. 5.5: Flowchart for the optimisation procedure.

coupled to the stator windings. The PDD is optimised including its MG component

to achieve the required torque with the primary goals of minimising the PM mass,

the copper mass and the total active mass, while achieving a high electromagnetic

efficiency and a sufficiently high shear stress. In summary, the parameters that have

been varied in the optimisation analysis are: the PM thickness, the airgap diameter

and hence the aspect ratio, the current density, the number of identical sections, and

the gear ratio.

It can be seen, that a PDD can be achieved with a rated efficiency of ~98.7%, a

PM mass of 13.5tons, a copper mass of 7tons and a total active mass of 50tons. The

structural mass has been assumed to be twice the active mass, hence the total mass

of the PDD would be 150tons. In comparison, instead of constructing a PDD, the

MG component in Table 3.1 could also be coupled in line with a PM direct drive,
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where the latter would have a torque rating of 1.33MNm. [4] presented a PM direct

drive for a torque rating of 1.9MNm. Although the values for the PM direct drive

overestimate the required masses for the generator it may give a good indication of

the required active masses. The design exhibits a PM mass of 1.7tons, a copper

mass of 4.3tons and a total active mass of 24.1tons, with a rated electromagnetic

efficiency of ~95.7%. If the structural mass is assumed to scale linearly with the

diameter [68], the estimated structural mass would be 10tons. Hence, the coupled

system of MG and PM direct drive could exhibit a similar total mass of ~140tons,

however the electromagnetic efficiency could be significantly lower.

Quantity Value

PR Rated shaft power 10 MW
TPP,R Rated torque on PP rotor 9.9 MNm
ωPP,R Rated rotational speed of PP rotor 9.6 rpm
fout,R Rated supply frequency 48 Hz

Slot packing factor 0.5

Rated current density in the stator windings 2.1 Arms/mm2

Rated electromagnetic efficiency 98.7 %
Annual energy efficiency 98.5 %
Mass of PMs 13.5 tons
Mass of copper 7 tons
Mass of HS rotor and PP rotor laminated steel 14 tons
Mass of stator laminated steel 15.5 tons

Mass of structural steel 100 tons#

# For a 6m airgap diameter MG the structural mass is assumed to be twice the
active mass.

Table 5.1: Parameters of the PDD where the MG in table 3.1 is integrated into the PDD.

Fig. 5.6: Cross section of the PDD.
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5.3 Comparison with finite element

The analytical models from Chapter 4 are compared with 2D-FE studies for the

PDD in Table 5.1. Figs. 5.7-5.10 show the radial and circumferential components

of the flux density in the inner and outer airgap at on-load conditions. It can be seen

a good agreement exists between analytical and FE predictions.
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Fig. 5.7: Variation of the radial component of the magnetic flux density in the inner airgap
with the circumferential position at on-load conditions.
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Fig. 5.8: Variation of the circumferential component of the magnetic flux density in the
inner airgap with the circumferential position at on-load conditions.
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Fig. 5.9: Variation of the radial component of the magnetic flux density in the outer airgap
with the circumferential position at on-load conditions.
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Fig. 5.10: Variation of the circumferential component of the magnetic flux density in the
outer airgap with the circumferential position at on-load conditions.

Figs. 5.11-5.12 show the variation of the electromagnetic torque on the PP rotor

and HS rotor at the rated speed. It can be seen that a good agreement exists between

analytical model and FE if steel with linear characteristics is assumed and that the

difference between analytical model and FE if steel with nonlinear characteristics

is employed is less than 2%.
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Fig. 5.11: Variation of the torque on the PP rotor with time at rated speed and at full load.
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Fig. 5.12: Variation of the torque on the HS rotor with time at rated speed and at full load.
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Fig. 5.13 shows the variation of the torque on the PP rotor with the stator current.

It can be seen that the FE predicted torque agrees well with the analytical model,

both for linear and non-linear steel.
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Fig. 5.13: Variation of average torque on the PP rotor with stator current. (per unit of the
rated stator current)

Figs. 5.14-5.15 show the the variation of the radial and circumferential compon-

ents of the flux density in a PP with the relative circumferential position on a PP. In

addition, at the relative circumferential position θPP/2 in a PP Figs. 5.16-5.17 show

the variation of the radial and circumferential components of the flux density in a

PP with the relative radial position on the PP. Again good agreement exists between

FE and analytical predictions. However, although the introduction of the nonlinear

steel characteristic results in increased local discrepancies between the analytical

model and the FE analysis, this has minimal impact on the prediction of the iron

losses in the PPs as will be seen in Fig. 5.25.
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Fig. 5.14: Variation of the radial component of the magnetic flux density in one PP with the
relative circumferential position at the mean radial position of the PP.
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Fig. 5.15: Variation of the circumferential component of the magnetic flux density in one
PP with the relative circumferential position at the mean radial position of the PP.
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Fig. 5.16: Variation of the radial component of the magnetic flux density in one PP with the
relative radial position at the relative circumferential position θPP.
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Fig. 5.17: Variation of the circumferential component of the magnetic flux density in one
PP with the relative radial position at the relative circumferential position θPP.
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Figs. 5.18-5.20 show the variation of the radial and circumferential components

of flux density in the centre of a PP, with time at rated speed. It can be seen that at the

centre of a PP there is good agreement between the analytical and FE predictions.

The loss calculation for the PPs has been performed by considering the loss due

to the circumferential and radial flux density separate. However, as can be seen

from Fig. 5.20, the iron loss in the PPs could be dominated by rotational loss.

Nevertheless, separating the iron loss components into circumferential and radial

components may give a good indication on the loss in the PPs. Furthermore, it may

be worth mentioning that the fundamental electrical frequency of the flux density

waveforms on the PPs is different from the stator and it is given by

fPP,el =
G−1

G
fout (5.6)
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Fig. 5.18: Variation of the radial component of the magnetic flux density at the center of
one PP with time at rated speed.
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Fig. 5.19: Variation of the circumferential component of the magnetic flux density at the
centre of one PP with time at rated speed.
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Fig. 5.20: Variation of circumferential magnetic flux density against radial flux density for
one PP electric cycle.

97



5.21-5.24 show the average flux density waveforms in the stator teeth and the

back-iron respectively at full-load and no-load conditions. It can be seen that a good

agreement between the analytical and FE models exists. It can also be seen that the

load condition has a noticeable effect on the flux density waveforms, particularly in

the teeth.
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Fig. 5.21: Variation of average magnetic flux density at the back of one stator tooth with
time at rated power at rated speed at full-load conditions.
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Fig. 5.22: Variation of average magnetic flux density at the back of one stator tooth with
time at rated power at rated speed at no-load conditions.
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Fig. 5.23: Variation of average magnetic flux density in the back iron with time at rated
power at rated speed at full-load conditions.
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Fig. 5.24: Variation of average magnetic flux density in the back iron with time at rated
power at rated speed at no-load conditions.

Fig. 5.25 shows the variation of the losses with the output power. The loss coef-

ficients for the silicon iron employed for the manufacture of the stator and the PPs

are given in Table 5.2. It can be seen that good agreement exists between analytical

predictions and FE for the flux density. It can also be seen that for this particular

design, the iron loss in the PPs accounts for about 15% of the total iron loss. Fig.

5.26 shows the variation of the efficiency with the output power. Efficiencies in

excess of 98.5% can be achieved, albeit, the mechanical losses, eddy current losses

in the PMs, and the AC losses in the windings are neglected in the analysis. Finally

the annual energy efficiency is calculated using the wind distribution in Section 5.1

and it is given in Table 5.1.
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Quantity Value

khyst Hysteresis loss coefficient 17.9×10−3 WsT−2kg−1

ahyst Hysteresis loss exponent 2.0
bhyst Hysteresis loss exponent 0

kexc Excess loss coefficient 2.0×10−4 Ws1.5T−1.5kg−1

mL Mass density of laminations 7.61 tons/m3

dL Lamination thickness 0.35 mm

σL Conductivity of laminations 2.22×106 Ω−1m−1

Table 5.2: Parameters for the iron loss calculation.
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Fig. 5.25: Variation of the losses with the output power.

5.3.1 Interaction of stator PMs with the stator windings

Fig. 5.27 shows the variation of the electromagnetic torque on the PP rotor at the

rated speed. For the analysis with the stator currents off, i.e. when the PDD is

operated as an MG, the same HS rotor and PP rotor positions are assumed as when

the stator currents are on. It can be seen that the torque on the PP rotor is decreased

by ~1.5% when the stator coils are turned off. In the following it is shown that

the difference in torque can be explained by the existence of the EMF produced by

the interaction of the stator PMs and the PPs, and that the magnitude of this torque

depends on the relative positions of the PPs and the stator PMs.
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Fig. 5.26: Variation of the efficiency with the output power.
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Fig. 5.27: Variation of the torque on the PP rotor with time at rated speed and at full load.

In the analytical and FE models the stator currents are controlled such that they

are aligned with the EMF produced by the HS rotor PMs in order to produce max-
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imum torque between HS rotor and stator coils. However, the interaction of the

stator PMs with the PPs introduces an additional EMF component, and its relative

position to the EMF produced by the HS rotor PMs depends on the relative posi-

tions of the stator PMs, the HS rotor PMs and the PP rotor. If the rotor positions are

selected according to (4.3) the electrical angle between the EMF component due to

the stator PMs and the EMF component due to the HS rotor PMs is given by

ΘS,EMF =
π

2
− pHSGΘ∆PP (5.7)

where Θ∆PP is given by (4.3), see Fig. 5.28.

0.0 0.2 0.4 0.6 0.8 1.0 1.2 1.4
0

10

20

30

40

50

60

70

80

90

Stator current [p.u.]

P
ha

se
 s

hi
ft 

[d
eg

]

Fig. 5.28: Variation of the electrical angle between the EMF produced by the HS rotor PMs
and the EMF produced by the stator PMs with the stator current.

In order to illustrate the effect Fig. 5.29 shows the variation of the torque on the

PP rotor with the applied current when the HS rotor PMs are off, while the rotors

have the same relative positions as if the HS rotor PMs are turned on. The torque

on the PP rotor is then given by

T ∗PP = kPP sin(QΘ∆PP)Irms (5.8)

where kPP is a constant which is determined by calculating the torque at one par-

ticular current and when the HS rotor PMs are off. Since T ∗PP is much smaller than
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TPP (less than 1.5%), the effects of this interaction are neglected in the forthcoming

analysis.
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Fig. 5.29: Variation of the torque on the PP rotor with the stator current (per unit of the rated
stator current), when the HS rotor PMs are turned off and torque is only produced between
stator PMs and the stator coils.

5.4 Effects of leading design parameters

In this section PDDs with the same pullout torque and the same power rating as the

PDD in Table 5.1 are studied. The PDD in Table 5.1 is, therefore, employed as a

benchmark for the forthcoming simulation studies.

5.4.1 Effects of the rated current density and the airgap dia-

meter

Since analytically the flux density distribution in the airgaps is only dependent on

the current in the slot and the equivalent current sheet (see section 4.2) a variation

of the current density at rated power and hence the amount of copper have no effect
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on the flux density distribution in the MG component and the torque transmission.

Furthermore, it is shown in section 2.4 that the flux density and the shearstress due

to the flux density produced by the PMs remain constant when scaling by a factor

s. For continuous operation the average torque on the HS rotor produced by the

interaction of the HS rotor and stator PMs has to be cancelled by TE . Hence, from

(4.5) it can be seen that also Qrms and, therefore, the coefficients of the current

sheet remain constant when the radial dimensions of the MG component are scaled.

Similarly to section 2.4 equations (2.43)-(2.52) and (4.14) can be written in matrix

form as

M−→x =−→v (5.9)

where −→x consists of the unknown coefficients and the only non-zero elements of

−→v are given by (2.44) and (4.14). Therefore, both −→v and M are constant and

independent of s. If the axial length is adjusted by a factor s−2 also the torque, the

PM mass and the PP rotor and HS rotor laminated steel mass remain constant, and

are, therefore, independent from the aspect ratio of the MG component, and their

values for this design are given in Table 5.1.

Figs. 5.30 and 5.31 show the variations of the copper mass and the stator lam-

inated steel mass with the airgap diameter and the current density at rated power,

respectively. A packing factor of p = 0.5 has been assumed in the slot area, see

Table 5.1. The dimensions of the stator teeth and the back-iron are selected, such

that the average flux densities remain below 1.5T. It can be seen that for a given

current density, increasing the diameter decreases the copper and lamination steel

mass. However, an increase in airgap diameter could lead to an increase in the mass

of structural components [68] and therefore could also lead to an increase of the

total cost of the PDD. Furthermore, an increase of the diameter would also increase

the impact of the end effects on the transmitted torque.

Fig. 5.32 shows the variation of the efficiency with the airgap diameter and the

current density at rated power. It can be seen that for a given efficiency an airgap

diameter exists, below which a particular efficiency cannot be achieved.

105



Current density at rated power [A
rms

/mm2]

A
irg

ap
 d

ia
m

et
er

 [m
]

 

 
Copper mass [tons]

6

8

10

12
14

1618202224262830

0.4 0.6 0.8 1.0 1.2 1.4 1.6 1.8 2.0 2.22.2
2

3

4

5

6

7

8

9

10

10

15

20

25

30
PDD from Table 5.1

Fig. 5.30: Variation of copper mass with the airgap diameter and current density at rated
power.
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Fig. 5.31: Variation of stator laminated steel mass with the airgap diameter and current
density at rated power.
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Fig. 5.32: Variation of efficiency at rated power with the airgap diameter and current density
at rated power.

Fig. 5.33 shows the variation of the efficiency with the total active mass. It can

be seen that a maximum exists for a given airgap diameter at about 1.0Arms/mm2.

However, it can also be seen that the efficiency does not reduce significantly when

the current density is increased to 2.0Arms/mm2, while the active mass is reduced

significantly. For example, at the airgap diameter of 6m an efficiency of ~99.0%

can be achieved with a total active mass of less than 60tons for a current density

of 1.0Arms/mm2, however, if the current density is increased to 2.0Arms/mm2 an

efficiency larger than 98.5% can be achieved with a total active mass of only ~45

tons.
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Fig. 5.33: Variation of efficiency at rated power with the total active mass.

5.4.2 Effects of the electrical output frequency

In general a wide range of rated output frequencies may be considered for the PDD,

where the output frequency is related to the number of sections by

fout,R = GωPPK p∗HS (5.10)

Figs. 5.34-5.36 show the variations of the PM mass, the active mass and the effi-

ciency at rated power with the rated electrical output frequency and the achievable

σpull in the MG element of the PDD. The airgap diameter is fixed to 6.0m and the

current density is 2.0Arms/mm2 at rated power. It can be seen that for this particu-

lar airgap diameter and gear ratio, and for a rated frequency of fout,R ≈ 50Hz and

σpull = 120kPa, an efficiency in excess of 98.7% can be achieved with a total active

mass of less than 50tons and a total PM mass of less than 13.5 tons. It can also be

seen that for a given PM mass σpull of the MG element varies significantly and an

optimum electrical output frequency (number of poles on the HS rotor) exists for

which the achievable σpull is maximum, Fig. 5.34.
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Fig. 5.34: Variation of PM mass with the rated electrical output frequency and σpull .
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Fig. 5.35: Variation of total active mass with the rated electrical output frequency and σpull .
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Fig. 5.36: Variation of rated efficiency with the rated electrical output frequency and σpull .

5.4.3 Effects of the gear ratio

Figs. 5.37-5.38 show the variations of the PM mass and active mass of the PDD

with the maximum achievable σpull in the MG element of the PDD, when the rated

current density is 1.0Arms/mm2. The designs have the same electrical output fre-

quency fout,R ≈ 50Hz at the rated speed. It can be seen that for a given gear ratio

a minimum active mass exists, however, for different gear ratios the minimum may

be at different σpull . Similar to the analysis in section 3.4.5 it can also be seen that

for higher gear ratios the required PM mass may be increased.

For a 6m airgap diameter and when the designs highlighted in Fig. 5.37 are

selected, Figs. 5.39-5.40 show the variations for the active mass and the efficiency

of the PDD, respectively, with the current density. It can be seen and as expected,

the active mass of the PDD is decreased when the current density is increased.

Furthermore and similar to the results of the analysis in section 5.4.1, an optimum

current density for which the efficiency is maximum exists at ~1.0Arms/mm2 for the

investigated gear ratios.
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Fig. 5.37: Variation of PM mass with maximum achievable σpull and with a rated electrical
output frequency of about fout,R≈ 50Hz for several gear ratios G. Three designs are selected
for further investigation of the PDD (highlighted in red).

60 80 100 120 140 160 180 200
55

60

65

70

75

80

85

Equivalent shear stress [kPa]

A
ct

iv
e 

m
as

s 
[to

ns
]

 

 
G=6.5
G=7.5
G=9.5
G=11.5

Fig. 5.38: Variation of total active mass with maximum achievable σpull and with a rated
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Fig. 5.39: Variation of active mass with the selected current density for several gear ratios
G.
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5.5 Conclusions

The application of a PDD generator for a 10MW wind turbine is investigated. The

developed analytical models in Chapter 4 are utilised for the optimisation of a PDD

and it is shown that a rated efficiency of ~98.7% can be achieved. The selected

design has a PM mass of 13.5tons, a copper mass of 7tons and a total active mass

of 50tons. Furthermore, the total mass of the generator could exhibit a similar mass

as a system, where the MG component is coupled to a PM direct drive, however the

efficiency could be improved. The optimised PDD is employed for the comparison

of the predictions of the analytical models with those from 2D FE studies, and it is

shown that a good agreement with 2D FE analysis exists for the flux density wave-

forms, the transmitted torque, the torque ripple and the iron loss. Furthermore, the

models are further employed to discuss the effects of the leading design parameters

on the main PIs. It is shown that although increasing the airgap diameter could result

in significant reductions of the active masses and an improved efficiency, this may

only be achieved at the expense of increased cost of the structural components. It

is also shown that the number of circumferential sections, and the gear ratios could

have a significant effect on the active masses and the electromagnetic efficiency of

the PDD.
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Chapter 6

PDDs with coil excited magnetic gear

Despite the many advantages, a drawback of PDDs remains the large volume of PM

required for their realisation. Therefore, in this chapter it is proposed that in order

to reduce the PM mass and introduce an extra degree of controllability, the HS rotor

is excited using coils supplied with a DC current, Fig. 6.1. Analytical techniques

similar to those of PM excited PDDs are developed in order to investigate the effects

of the key design parameters on the PI of the PDD, such as the active masses and

the electromagnetic efficiency. However, similarly to the PM excited PDD, a design

is selected for a more detailed analysis using FE methods to take into account of

effects such as non-linearity of the steel.

6.1 Principle of operation

Similarly to the PM excited PDD the windings on the HS rotor interact with the

windings on the stator to produce electromagnetic torque, which is transferred to

the PP rotor by the interaction of the windings on the HS rotor and the PMs on the

stator. Fig. 6.2 shows the harmonic spectra of the flux density waveforms in the

airgaps adjacent to the stator and the HS rotor, due to the windings on the HS rotor

and the PMs on the stator, respectively.
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Fig. 6.1: Geometry for a coil excited PDD section with a periodic symmetry of 40 degrees.
Permanent magnets consist of 4 Halbach segments on the stator.
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Fig. 6.2: Harmonic spectra of the flux density waveforms in the inner and outer airgap due
to the HS rotor coil excitation and the PMs respectively.
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The equations (4.6)-(4.7) which govern the motion of the HS and PP rotors are

now in addition to the current of the stator windings Irms also dependent on the dc

current in the HS rotor IHS:

JHS
d2ΘHS

dt2 =
pHS

Q
Tpull(IHS)sin(QΘPP− pHSΘHS)−TE(IHS, Irms) (6.1)

JPP
d2ΘPP

dt2 = kT (ΘT −ΘPP)−Tpull(IHS)sin(QΘPP− pHSΘHS) (6.2)

JT
d2ΘT

dt2 = TW − kT (ΘT −ΘPP) (6.3)

Fig. (6.3) shows the torsional model of a wind turbine drive train employing a coil

excited PDD. Similar to the PM excited PDD the MG element of the PDD can be

replaced by two ideal gears and a 1-to-1 magnetic coupling with the stiffness

kG =
Tpull(IHS)

Q
cos(QΘPP− pHSΘHS) =

Tpull(IHS)

Q
cos(ΘE) (6.4)

It can be seen that in addition to the the load angle ΘE the stiffness is now also de-

pendent on the current IHS. Furthermore, and similar to a wound rotor synchronous

machine the back EMF of the PDD is controlled by the current IHS. However, in

addition the pullout torque of the PDD is also dependent on the magnitude of IHS.

This should be taken into consideration, when controlling such a PDD.

Fig. 6.3: Fig. 3. 3-inertia torsional model of the coil excited PDD.

6.2 Analytical model, optimisation procedure and com-

parison with finite element

6.2.1 Analytical model

The analytical techniques which are developed for the prediction for the flux density

distribution in the airgaps of the MGs and PDDs with PM excitation in chapters 2
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and 4 are extended to accommodate the HS rotor winding similarly to section 4.2,

by replacing the PMs on the HS rotor by current sheets on the surface of the HS

rotor. At the stator bore radius RS, the circumferential component of the magnetic

field equals the current sheet, thus

Hθ ,II(RHS,θ) =
Bθ ,IV (RHS,θ)

µ0
=− jHS(θ) (6.5)

where Hθ ,II is the circumferential component of the magnetic field, and jHS is the

current sheet representing the HS rotor windings. The current sheet is expressed in

terms of a Fourier series by

jHS(θ) =
∞

∑
n=1

(
jA,n
jC,n

)
·

(
cos(nθ)

sin(nθ)

)
(6.6)

The coefficients AII,nand BII,n in equation (2.40) are then given by(
AII,n

CII,n

)
= µ0

(
jA,n
jC,n

)
(6.7)

6.2.2 Optimisation process

The same optimisation process as in Section 5.2 has been employed for the PDD

with coil excited HS rotor, however, for the HS rotor only the copper losses are

considered in the optimisation process. Furthermore, since saturation effects in

the HS rotor iron would also affect the torque transmission, the optimised design

has been refined using 2D FE in order to take into account the saturation effects.

Table 6.1 gives the parameters of the optimised PDD for a 10MW wind turbine. In

summary, the parameters that have been varied in the optimisation analysis are: the

PM thickness, the HS rotor slot opening, the airgap diameter, the current density,

the number of identical sections, and the gear ratio.
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Quantity Value
PR Rated shaft power 10 MW

TPP,R Rated torque 9.9 MNm
TPull Analytical pullout torque 11.9 MNm
ωPP,R Rated rotational speed of PP rotor 9.6 rpm
fout,R Rated supply frequency 48 Hz
pHS Pole-pairs on HS rotor 40
pS Pole-pairs on stator 260
mS Halbach segments per pole-pair on stator 4
Q Pole pieces 300
K Number of identical sections 20
G Gear ratio 7.5
D Inner airgap diameter 8.0 m

Radial thickness of the stator PMs 19.5 mm
Radial thickness of PP segments 41.9 mm
airgap lengths 8.0 mm

la Active axial length 1.22 m
β PP slot opening angle π/300 rad
Br Remanence of PMs 1.25 T
µr Relative recoil permeability 1.05

Slot packing factor on the stator 0.5
Slot packing factor on the HS rotor 0.6

Rated current density in the stator windings 3.1 Arms/mm2

Rated current density in the HS rotor windings 3.1 A/mm2

Rated electromagnetic efficiency 95 %
Annual energy efficiency* 94 %
Mass of PMs 4.5 tons
Mass of copper 20 tons
Mass of laminated steel 59 tons

Mass of structural steel 222 tons#

# The structural masses is calculated assuming a linear relation to the airgap dia-
meter and the active mass. For a 6m airgap diameter PDD the structural mass is
assumed to be twice the active mass.
*Annual energy efficiency calculated with a minimum EMF equal to the minimum
EMF of the PM excited PDD in Table 5.1.

Table 6.1: Parameters of the coil excited PDD

6.2.3 Comparison with finite element

The analytical model is compared with 2D-FE studies for the PDD in Table 6.1.

Figs. 6.4 and 6.5 show the radial and circumferential flux density components in
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the inner airgap on-load, respectively. Figs. 6.6 and 6.7 show the radial and circum-

ferential flux density in the outer airgap on-load, respectively. It can be seen that

a good agreement exists between FE and analytical model. However minor differ-

ences can be observed at the inner airgap due to the effects of the slot openings.

0 1 2 3 4 5 6 7 8 9
−1.5

−1.0

−0.5

0.0

0.5

1.0

1.5

2.0

Angular position [deg]

R
ad

ia
l f

lu
x 

de
ns

ity
 [T

]

 

 

Analytical
FE (linear steel)
FE (nonlinear steel)

HS rotor
slot opening angle

Fig. 6.4: Variation of the radial component of the magnetic flux density in the inner airgap
with the circumferential position.

119



0 1 2 3 4 5 6 7 8 9
−0.8

−0.6

−0.4

−0.2

0

0.2

0.4

0.6

0.8

Angular position [deg]

C
irc

um
fe

re
nt

ia
l f

lu
x 

de
ns

ity
 [T

]

 

 

Analytical
FE (linear steel)
FE (nonlinear steel)

Fig. 6.5: Variation of the circumferential component of the magnetic flux density in the
inner airgap with the circumferential position.
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Fig. 6.6: Variation of the radial component of the magnetic flux density in the outer airgap
with the circumferential position.
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Fig. 6.7: Variation of the circumferential component of the magnetic flux density in the
outer airgap with the circumferential position.

With the stator currents turned-off and the PDD being operated as a MG, Fig.

6.8 and Fig. 6.9 show the electromagnetic torque on the PP rotor and the HS rotor

at pullout torque, respectively. It can be seen that the average torque calculated by

FE is slightly lower, particularly for steel with non-linear characteristics, however

the difference is only about 5%.
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Fig. 6.8: Variation of the torque on the PP rotor with the MG in pullout torque position and
with the stator current turned off.
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Fig. 6.9: Variation of the torque on the HS rotor with the MG in pullout torque position and
with the stator current turned off.

Fig. 6.10 and Fig. 6.11 show the variations of the pullout torque and the fun-
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damental component of the EMF with the current IHS, respectively. It can be seen

that the pullout torque and the EMF would initially vary linearly with IHS, however,

saturation in the HS rotor poles introduces a degree of non-linearity as IHS is in-

creased, particularly beyond the rated value. It may be worth noting that the EMF

does not start at zero, due to the EMF induced by the interactions of the PMs on the

stator with the PPs.
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Fig. 6.10: Variation of the pullout torque with the HS rotor excitation current. (HS rotor
current per unit of rated HS rotor current)
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Fig. 6.11: Variation of the EMF with the HS rotor excitation current. (EMF per unit of the
rated EMF and HS rotor current per unit of rated current)

6.3 Effects of leading design parameters

In this section coil excited PDDs with the same pullout torque and the same power

rating as the PDD in Table 6.1 have been optimised. The analytical techniques

developed in Section 6.2 have been thereby employed to undertake a study of the

effects of the leading design parameters on the masses of the active components

and the efficiency of the PDDs for a 10MW wind turbine. The PDD in Table 6.1

is employed as a benchmark for the forthcoming simulation studies. However, it

should be noted that since the PDD with coil excited HS rotor exhibits increased

issues with saturation effects than a PDD with PM excited HS rotor the optimised

design has been refined in order to take into account of saturation effects and the

analytical values in this section may be, therefore, lower than the values given in

Table 6.1. Nevertheless, the analysis in this section will give an important insight

into the effects of the leading design parameters on the main PIs of the PDD.
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6.3.1 Effects of the HS rotor slot opening angle

Intuitively decreasing the HS rotor slot opening angle Θδ2 and, therefore, the ratio

of the slot opening angle to the HS rotor pole-pitch ac,HS would increase the leakage

flux on the HS rotor due to the shorter airgap paths across the slot opening. This

effect is magnified by the presence of the PPs, which could contribute to reducing

the reluctance for the leakage paths for which the flux would cross the inner airgap

without interacting with the PMs or the stator windings. For example Fig. shows

the flux paths in a coil excited PDD, where ac,HS = 0.17. It can be seen that a large

amount of leakage flux is returning through the PPs positioned between the HS rotor

poles.

Fig. 6.12: Flux paths in a coil excited MG when ac,HS = 0.17.6.3.1

An increase in leakage flux would also increase the total flux in the HS rotor

pole. However, since the pole width may be limited, saturation effects in the HS

rotor poles would have an impact on the torque production of the PDD. Fig. 6.13

shows the variation of the pullout torque with ac,HS. It may be worth noting that

for this particular design the HS rotor slot opening angle is also limited due to

the width of the HS rotor poles at about ac,HS = 0.47. It can be seen that for the

analytical model and for the analysis with FE with steel with linear characteristics,

the pullout torque is increased when ac,HS is decreased. However, as can be seen

from the analysis with steel with nonlinear characteristics saturation effects could

significantly decrease the achievable torque.
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Fig. 6.13: Variation of the pullout torque with the ratio of the slot opening angle to the HS
rotor pole-pitch ac,HS.

6.3.2 Effects of the selected current densities

Although for a given PM mass the current loadings on the HS rotor and the stator

are fixed, the design can still be further optimised to minimise the required copper

mass when the copper loss is required not to exceed a certain limit. Therefore, in

this section expressions for the selected current densities in the HS rotor and stator

windings are provided, for which the copper mass is minimised while the current

loadings and the total copper loss are fixed. Furthermore, for the investigated PDDs

the copper loss is the main loss component and, therefore, the iron loss is not con-

sidered.

The total copper loss in a coil excited PDD is given by

PCu = PCu,HS +PCu,S (6.8)

where the stator copper loss PCu,S is given by (4.47) and the HS rotor copper loss

PCu,HS is given by (6.19). The HS rotor and stator current densities are related by
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(6.8) and their relationship is given by

irms =
PCu

2πρCu
−

(la + le,HS)RHSQHS

(la + le,S)RSQrms
iHS (6.9)

Furthermore, the total copper mass is given by

MCu = MCu,HS +MCu,S (6.10)

where the stator copper mass is given by (4.50), and the HS rotor copper mass is

given by

MCu,HS = mCu
2πRHSQHS

iHS
(la + le,HS) (6.11)

If the total copper loss is required not to exceed a given maximum copper loss

PCu,max, the rated HS rotor current density iHS,R and the rated stator current density

irms,R can be selected such that the total copper mass is minimum. In order to find

the minimum total copper mass the copper mass is differentiated by one of the rated

current densities, i.e.

dMCu

diHS,R
= 0 (6.12)

This leads to the following expression for the rated current densities which will

result in a minimum copper mass for a given total copper loss (see Appendix A.5)

iHS,R = irms,R =
PCu,max

2πρCu

[
QHS,RRHS(la + le,HS)+Qrms,RRS(la + le,S)

]−1 (6.13)

It can be seen that a minimum copper mass is achieved, when both current densities

are selected the same. For example for a coil excited PDD with the same current

loadings and airgap dimensions as the PDD in Table 6.1, Figs. 6.14 and 6.15 show

the variations of irms,R and the copper masses with iHS,R, respectively. It can be

seen that a minimum total copper mass is achieved at about iHS,R = 2.9A/mm2 and

irms,R = 2.9Arms/mm2.
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Fig. 6.14: Variation of stator current density with the HS rotor current density for fixed total
copper loss.
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Fig. 6.15: Variation of copper masses with the HS rotor current density for fixed total copper
loss.
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6.3.3 Effects of the selected copper loss

For a PDD with the same airgap dimensions as the PDD given in Table 6.1, Fig.

6.16 and Fig. 6.17 show the variations of the copper mass and the active mass,

which includes the PM mass, the copper mass, and the laminated steel mass, with

the PM mass and the loss in the copper windings, respectively. The iron loss is

neglected in this analysis, since for most of the considered designs it is the smaller

loss component, with a contribution of about 1.0% of rated power. Only designs

for which the flux density in the HS rotor iron poles can be kept below 1.5T are

considered and, therefore, a maximum QHS,R and consequently a minimum PM

mass can achieved. It can be seen that if the copper loss is decreased the minimum

achievable PM mass and as expected the copper mass increases. It can also be seen

that for a given copper mass the copper loss may increase with increasing PM mass.

Since an increase of PM mass would also increase the effective airgap length, this

could lead to an increase of the required HS rotor current and therefore to increased

copper losses. On the other hand, also the magnitude of the flux density due to

the PMs would increase, which would decrease the current loading of the HS rotor

required to achieve the pullout torque. However, this would decrease the EMF,

which in turn would lead to an increase of the stator current and, therefore, also

to increased copper losses. Finally it can be seen that for a given copper mass a

minimum copper loss can be achieved at about 6tons of PM material, while for a

given total active mass a minimum copper loss can be achieved at about 8tons of

PM material.
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Fig. 6.16: Variation of copper mass with the PM mass and the total copper loss in percent
of the rated power.
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Fig. 6.17: Variation of total active mass with the PM mass and total copper loss in percent
of the rated power.
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6.3.4 Effects of the selected shear stress

In the analysis it is assumed that the airgap diameter is fixed to 8m, and the copper

loss is kept at 4.0% of the rated power. For a gear ratio of 7.5 and the same number

of circumferentially symmetrical sections as the PDDs in Table 6.1, Fig. 6.18 and

Fig. 6.19 show the variations of the copper mass and the active mass with the PM

mass and the σpull . Similar to Section 6.3.3 for a given equivalent shear stress an

increase of PM mass decreases the required HS rotor current loading and increases

the required stator current loading, which would also affect the associated copper

masses. While for small PM masses the reduction in HS rotor copper mass could

decrease the total copper mass, at larger PM masses the copper on the stator could

be the larger mass component and its increase would also increase the total copper

mass. It can, therefore, be seen that designs with minimum copper mass or total

active mass can be achieved, however the PM mass may not be minimum. Fur-

thermore, a minimum PM mass of about 3.5tons can be achieved, however at the

expense of increased copper and total active mass.
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Fig. 6.18: Variation of the copper mass with the PM mass and σpull , when the copper loss
is fixed to 4.0%.
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Fig. 6.19: Variation of the total active mass with the PM mass and the σpull , when the
copper loss is fixed to 4.0%.

6.3.5 Effects of the number of sections

Due to the large size of the investigated PDDs, and similarly to the PM excited

PDD, they are likely to be constructed from several circumferentially symmetrical

sections. Fig. 6.20 and Fig. 6.21 show, therefore, the variations of the copper

mass and the active mass, with the PM mass and the number of sections, where

σpull = 100kPa and the gear ratio is 7.5. It can be seen that a minimum copper

mass or total active mass can be achieved, however the PM mass may not be min-

imum simultaneously. If only designs with a minimum PM mass are considered,

a minimum active mass can be achieved for a number of sections of about 22. It

can also be seen that when the number of sections is decreased the total active mass

considerably increases, which is mainly due to the increased back iron mass.
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Fig. 6.20: Variation of the copper mass with the PM mass and the number of sections, when
the copper loss is fixed to 4.0%.
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Fig. 6.21: Variation of the total active mass with the PM mass and the number of sections,
when the copper loss is fixed to 4.0%.
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6.3.6 Effects of the gear ratio

Fig. 6.22 and Fig. 6.23 show the variations of the copper and total active mass with

the PM mass and the gear ratio, where the σpull = 100kPa and the designs have the

same number of sections as the PDDs in Table 6.1. It can be seen that the minimum

PM mass does not vary significantly for the range of gear ratios from 5.5 to 8.5, and

that also the total active mass and copper mass do not vary significantly over this

range for these designs.
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Fig. 6.22: Variation of the copper mass with the PM mass and the gear ratio, when the
copper loss is fixed to 4.0%.
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Fig. 6.23: Variation of the total active mass with the PM mass and the gear ratio, when the
copper loss is fixed to 4.0%.

6.3.7 Effects of the airgap diameter

Fig. 6.24 shows the variations of the active masses in 6m and 8m airgap diameter

PDDs with the PM mass, when the equivalent σpull = 100kPa, and the gear ratio

is 7.5. It can be seen that for a given PM mass a PDD may be realised at an air-

gap diameter of less than 8m, however this can only be achieved at the expense

of increased copper and laminated steel mass. Furthermore, similarly to Section

5.4.1, selecting a larger diameter could increase the structural cost of the PDD and

increase the impact of the end effects on the transmitted torque.
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Fig. 6.24: Variation of the copper and laminated steel masses with the PM mass, for several
airgap diameters. The copper loss is fixed to 4.0%,

6.4 Control of the coil-excited PDD

The generator may be connected to the grid employing a power electronic converter

equipped with an active rectifier dc link and a grid inverter, as it would be the case

for a conventional PM generator. However, since the excitation of the rotor can

be actively controlled the active rectifier may be replaced by a passive diode recti-

fier, resulting in less costly, simpler and more reliable power electronics. The PDD

can be controlled such that either the HS rotor current, the stator current or both

can be adjusted to achieve a given electromagnetic torque. In any case the gener-

ator should be controlled to maximize efficiency, while satisfying the operational

requirements/constraints as follows:

Tpull ≥ 1.2 ·TPP (6.14)

EMF ≥ EMFmin (6.15)

IHS ≤ IHS,R (6.16)

Irms ≤ Irms,R (6.17)
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where EMFmin is the minimum EMF . A limitation of the voltage range and hence

a minimum EMF could be required due to limitations in acceptable voltage levels

and losses for the converter that is employed and the components in series, such as

a transformer that could be necessary to step-up the voltage level [69].

The electromagnetic loss in the coil excited PDD is given by

Ploss = PCu,HS +PCu,S +Piron (6.18)

where Piron is the iron loss in the laminations, PCu,S is the copper loss in the stator

windings given by (4.47), and PCu,HS is the copper loss in the HS rotor windings

given by

PCu,HS = ρCu(la + le,HS)iHS2πRHSQHS = R∗HSI2
HS (6.19)

where R∗HS is the resistance of the HS rotor coils calculated at the operating temper-

ature of 120oC. Since the flux density distribution in the HS rotor laminated steel

would be analytically difficult to model FE methods are selected to determine the

iron losses in the laminated steel. However, in order to simplify the analysis and

minimize the losses without the need for extensive and time consuming FE ana-

lysis, the iron loss components (4.57), (4.58) and (4.59) are assumed to be given by

the following analytical expression of IHS, Irms and ωPP:

physt = ωPP(ch,HSI2
HS + ch,SI2

rms) (6.20)

pclass = ω
2
PP(cc,HSI2

HS + cc,SI2
rms) (6.21)

pexc = ω
1.5
PP (ce,HSI2

HS + ce,SI2
rms)

0.75 (6.22)

where ch,HS, ch,S, cc,HS, cc,S, ce,HS, and ce,S are coefficients, determined from a

selected number of iron loss predictions using FE analysis. The coefficients ch,HS,

cc,HS and ce,HS are determined by a single iron loss prediction on no-load condition,

i.e. Irms = 0, while ch,S, cc,S and ce,S, are subsequently determined when the machine

is fully loaded.

The same variation of the capacitor factor and rotational speeds with the wind

speed are employed as in section 5.1. As an example Fig. 6.25 shows the variation

of the EMF of the PDDs with coil excited and PM excited HS rotors with the wind
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Fig. 6.25: Variation of the EMF with the wind speed for a PDD with HS rotor coil excitation
and for a PDD with PM excited HS rotor. (EMF per unit of the rated EMF)

speed, where the minimum EMF for the coil excited PDD is kept the same as for the

PM excited PDD in order to allow a more accurate comparison between the PDDs

without reconsideration of the acceptability of the voltage levels for the converter.

It can be seen that in order to minimise the electromagnetic losses the EMF in the

coil excited PDD may have to be reduced faster than the rotational speed.

Fig. 6.26 shows the variation of the resulting copper and iron losses with the

wind speed. It can be seen that in this case the stator current will remain constant

until the minimum EMF is reached. In general in a PDD the stator losses are inher-

ently lower compared to direct drive and other PM machines. Therefore, although

the HS rotor losses are relatively high to the stator losses in this machine, they are

not very high in absolute terms. Nevertheless due to their location on the rotor

special forced air cooling should be considered.
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Fig. 6.26: Variation of the losses with the wind speed.

Fig. 6.27 shows the variation of the efficiency with the wind speed. It can

be seen that the efficiency remains fairly constant until the excitation current is

increased to ensure the EMF remains above the minimum value. It can also be seen

that efficiency improvements can be realized, if the constraint in (6.14) is relaxed

and the PDD is allowed to operate closer to the pullout torque. This is possible,

because of the extra degree of controllability enabled by the coil excitation.
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Fig. 6.28 shows the variation of the annual energy efficiency with the minimum

EMF for the PDDs with coil excitation and PM excitation. Designs for which con-

straints (6.15) and (6.16) could not be fulfilled simultaneously over the entire range

of the operating wind speeds are rejected in this analysis. In particular for this

PDD, the minimum EMF had to be kept below 62% of the rated EMF. It can be

seen that the selection of the minimum EMF has a significant effect on the annual

energy efficiency and this should be considered, when a control strategy and a con-

verter topology are selected. It can also be seen that the efficiency of a PM excited

PDD could exhibit a significantly higher annual energy efficiency, however, the PM

excited PDD would also require a significantly larger amount of PMs.
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6.5 Conclusions

A model for the analytical prediction of the flux density distribution in the airspaces

and PMs of a PDD with a coil excited HS rotor is presented. The developed analyt-

ical model is utilised for the optimisation of a PDD for the application in a 10MW

wind turbine generator that has the same requirements as the PDD in Chapter 5.

The PDD in Table 6.1 has been optimised to minimise the PM and total active

mass, whilst achieving a sufficiently high shear stress and efficiency. The PDD has

a PM mass of only 4.5tons, which is significantly less than for a PM excited PDD,

however the rated electromagnetic efficiency is ~95%, and the total active mass is

increased, see Table 9.1. The optimised PDD is employed for the comparison of

the analytical model with 2D FE studies, and it is shown that a good agreement

exists for the flux density waveforms and the transmitted torque. Furthermore, it is

also shown that the pullout torque and the EMF can be controlled by the HS rotor
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current, however, saturation effects need to be considered. The model is further

employed to discuss the effects of the leading design parameters on the main PIs,

such as the PM mass. It is shown that leakage flux across the PPs could be an issue

and that saturation effects in the HS rotor poles can have a significant effect on the

torque. It is shown that the minimum achievable PM mass is limited by the max-

imum current loading that can be applied without affecting the transmitted torque

through saturation effects. An equivalent shear stress in excess of 100kPa can be

achieved and significant reductions in PM mass, less than 4tons, can be realized

compared to a PDD with HS rotor PM excitation, albeit at the expense of increased

total active mass and reduced efficiency. Similarly to the PDD with PM excited HS

rotor the active mass could be significantly reduced by selecting a smaller aspect

ratio, however this would only be possible at the expese of increased mass/cost of

the structural components. Furthermore, for a given equivalent shear stress and total

copper loss the minimum achievable PM mass is fairly independent from the num-

ber of sections and the gear ratio for a wide range of values, however the copper

mass and total active mass may vary significantly. It is also shown that control of

the excitation current is required, in order to maximise the annual energy efficiency.
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Chapter 7

Scaling of the PDD for large wind

turbines

Increasingly large wind turbines have been built in the recent decades [3]. In par-

ticular for offshore application a trend towards larger wind turbines has been es-

tablished due to the cost structure of offshore installations. While the cost for the

installation and the electrical infrastructure mainly depend on the number of wind

turbines, the cost of operation and maintenance for a given wind farm capacity

could also be reduced with an increasing size of the turbine [70]. On the other hand

the weight of the turbine may increase unfavourably with upscaling, hence a cost

reduction may not be guaranteed [6].

In particular for the turbine generator, scaling rules indicate that the upscaling of

wind turbine generators is characterised with the intrinsic challenge of a decreasing

power to torque ratio with increasing power rating [6, 7]. Resulting in drive-trains

with decreasing power to weight/size ratios. Suitable upscaling rules for predicting

the mass/size exist for electrical generator types most used in wind turbines [71, 72].

However, little is known on the scaling behaviour of PDDs and magnetically geared

generators in general, which have two airgaps and exhibit differing torques in each

airgap. Therefore, in this chapter the scaling behaviour of the PDD is investigated

for wind turbine power levels between 5-20MW.
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7.1 Theoretical scaling limits

The available shaft power of a wind turbine is given by (5.1). For fixed geometric

and aerodynamic characteristics (fixed cp, vw,R and maximum tip speed vtip) the

rated power (5.2) of the turbine is scaled by

PR =
1
2

maircpπR2
bladev3

w,R ∼ s2 (7.1)

where s is the scaling factor [6]. Furthermore, the rated rotational speed would scale

as

ωPP,R = R−1
bladevtip ∝ s−1 (7.2)

while the rated torque would scale by

TR = PRω
−1
PP,R ∝ s3 (7.3)

From (7.1) and (7.3) it can be seen that the required rated torque increases faster

with the scaling factor s than the rated power.

7.2 Scaling of the PDD with PM excited HS rotor

As is shown in section 5.4.1 for a PDD with PMs on the HS rotor the shear stress

and Qrms remain constant when applying a scaling factor s. Furthermore, when all

radial dimensions of the MG component of the PDD are scaled linearly by a factor

s, the torques, the PM mass, and the HS rotor and PP rotor laminated steel mass

scale with s3. Since the airgap diameter is many times larger than the radial stator

slot depth it can be assumed that the end winding length also scales linearly with s,

thus the copper mass and copper loss increases with s2 if the current density at rated

power is kept constant.

Fig. 7.1 shows the variation of the active masses with the power, where the

PDD in Table 5.1 is scaled as described above. It can be seen that while the copper

mass per unit power is constant, the PM and laminated steel mass per unit power

increase. Fig. 7.2 shows the variation of the copper and iron losses with the rated

power. It can be seen that the percentage of copper loss remains constant. However,
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the iron losses may decrease as the power increases. Fig. 7.3 shows the variation of

the rated efficiency with the rated power. It can be seen that for this particular case

the rated efficiency increases with the rated power. Furthermore, design refinements

such as adjusting the aspect ratios, see Section 5.4.1, can result in improvements of

the PDD.
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Fig. 7.1: Variation of active masses per unit of rated power with the rated power.
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Fig. 7.3: Variation of rated efficiency with the rated power.
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7.3 Scaling of the PDD with coil excited HS rotor

For the scaling of the coil excited PDD the rated total copper loss is kept to 4%,

σpull = 100kPa and the aspect ratio of the MG component is kept constant. The iron

loss is neglected in this analysis since it is the smaller loss component with less than

1%. Similarly to the PM excited PDD the torque increases with s3, however for the

coil excited PDD the required torque can be achieved by varying the PM mass and

QHS,R. Figs. 7.4 and 7.5 show the variations of the total copper mass and the total

active mass with the PM mass per unit of rated power for several power ratings.

It can be seen that the minimum achievable total copper mass per MW remains

constant, while the associated PM and total active masses per MW may increase

noticeably. Similarly, if only designs with a minimum PM mass are considered, the

minimum PM and total active masses per MW may increase significantly, while the

copper mass per MW would remain fairly constant.
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Fig. 7.4: Variation of the total copper mass with the PM mass for several power ratings.
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Fig. 7.5: Variation of the total active mass with the PM mass for several power ratings.

As is shown in Section 6.3.3, for a given power rating and for the designs with a

minimum PM mass the maximum achievable QHS,R is limited due to saturation lim-

its in the HS rotor poles. Furthermore, if the design is upscaled with constant values

of iHS,R and QHS,R, a decreasing proportion of leakage flux would be produced due

to the almost constant radial dimension of the HS rotor coil slot. However, since this

would also reduce the maximum flux density in the teeth, at higher power ratings

a higher maximum HS rotor current loading can be selected for the designs before

reaching the saturation limits in the HS rotor teeth. Fig. 7.6 shows the variations

of the maximum achievable QHS,R and the corresponding values of Qrms,R with the

power rating. It can be seen that QHS,R can be increased, and that this would also

result in a decrease of Qrms,R. In addition an increase in QHS,R would also result in

an increase of the required PM mass with less than s3.
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Fig. 7.6: Variation of the rated current loadings with the rated power.

Fig. 7.7 shows the variation of the active masses with the rated power for the

designs with minimum achievable PM mass. It can be seen that the copper mass

on the HS rotor increases slightly due to the increase of QHS,R and that the copper

mass on the stator decreases slightly due to the decrease of Qrms,R. By comparing

with Fig. 7.1 it can also be seen that the PM mass per MW increases much slower

than for a PDD with a PM excited HS rotor. However, the laminated steel masses

increase similiar to the PM excited PDD, Fig. 7.1.
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7.4 Conclusions

The scale invariance of the analytical models for a PDD are employed to discuss

the scaling behaviour of the complete PDD. It is shown that if the current density is

kept constant, the copper mass per MW remains fairly constant. However, it is also

shown that the PM and steel lamination masses per MW could increase with the

power of the wind turbine, albeit design refinements could minimise such increase.

For the coil excited PDD the pullout torque is also controlled by the current loading

on the HS rotor. It is shown that this can be exploited when upscaling, in order to

allow for a slower increase of the PM mass than it is the case for a PDD with a PM

excited HS rotor.
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Chapter 8

Experimental results and validation

In order to demonstrate the technical feasibility of a PDD generator and to validate

the design tools developed by University of Sheffield, a down-scaled demonstrator

with a rated torque of 5kNm has been designed and built by Magnomatics Ltd as

part of the INNWIND.EU project [73]. The analytical tools developed in Chapters

2 and 4 are compared to experimental results obtained from the demonstrator in this

chapter.

Table 8.1 gives the parameters of the demonstrator PDD. The rated speed and

the pole-number of the PDD allow for testing of electrical output frequencies of up

to 165Hz. Fig. 8.1 shows the cross-sectional schematic of the magnetically active

components of the demonstrator PDD, while Fig. 8.2 shows a sectional view of the

assembled PDD.
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Quantity Values

TR Rated torque (when water cooled) 5 kNm
pHS Pole-pairs on HS rotor 6
pS Pole-pairs on stator 27
mS Halbach segments per pole-pair on the stator 4
Q Pole pieces 33
G Gear ratio 5.5

Rated PP rotor speed 300 rpm
Rated output frequency 165 Hz
Outer airgap diameter 363 mm
Airgap lengths 1.5 mm
Radial thickness of HS rotor PMs 21 mm
Radial thickness of stator PMs 10 mm
Radial thickness of PPs 18 mm
Axial segmentation of the HS rotor PMs 3 mm
Axial segmentation of the stator PMs 5 mm

la Active axial length 318 mm
NdFeB magnet grade N40SH

Br Remanence of PMs 1.25 T
µr Relative recoil permeability 1.05

Coils per turn 6
Wire diameter 0.95 mm
Rated current 308 Arms

Packing factor 0.4
.

Table 8.1: Parameters of the demonstrator PDD designed and build by Magnomatics Ltd.

Fig. 8.1: Cross-sectional schematic of the active components of the PDD in axial direction.
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Fig. 8.2: Sectional view of the assembled PDD [73].

Fig. 8.3 shows the stator PMs after a Glass-Fibre liner has been applied to

prevent the PMs from detaching from the stator iron. Figs. 8.4-8.5 show the PP

rotor and the HS rotor after assembly. As can be seen from Fig. 8.4 magnetically

inactive carbon fibre bands have been wrapped around the PP rotor, in order to

provide additional mechanical stability.

Fig. 8.3: Stator PMs including Glass-Fibre liner [73].
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Fig. 8.4: Assembled PP rotor [73].

Fig. 8.5: Assembled HS rotor [73].

8.1 Flux measurement at the pole-pieces

In order to validate the predictions of the analytical model for the flux density distri-

butions near the airgaps, search coils have been placed on the PP rotor, see Figs. 8.6

and 8.7. The variation of the flux linking the search coils induces a voltage, which

is transmitted using cables and captured by an oscilloscope. The signal is then nu-

merically integrated to derive the variation of the flux through the coils with time.
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Coils 1 and 2 measure the radial flux at the PPs, and are placed in grooves in order

to avoid contact with the stator and the HS rotor, respectively, Fig. 8.6. However,

since the depth of the grooves is very small compared to the PP dimensions their

impact on the flux density distributions is assumed to be negligible. Furthermore,

coils 3 and 4 measure the circumferential flux at the PPs. As shown in Fig. 8.7 it

can be seen that the form of a PP in the demonstrator PDD is slightly different from

the form of a PP assumed in the analytical models. Thus, in order to allow a suitable

comparison between the experimental results and the analytical predictions, the PP

slot opening angle β in the analytical models has been selected to be identical to the

opening angle at the outer airgap radius, i.e. the circumferential distance between

two PPs at the outer airgap radius.

Figs 8.8 and 8.9 show the variation of the average flux density at the PP faces

adjacent to the outer airgap (coil 1) and adjacent to the inner airgap (coil 2) during

two consecutive PP electrical cycles. It can be seen that the analytical model agrees

well with the FE and experimental results. Figs 8.10 and 8.11 show the average flux

density on the faces covered by coils 3 and 4. It can also be seen that despite the geo-

metrical details introduced by the manufacturing requirements, a good agreement

still exists between the measurements and the FE and analytical predictions.
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Fig. 8.6: Grooves in which the search coils have been placed.

Fig. 8.7: Search coils for the measurement of the flux through the PP surfaces [73].
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Fig. 8.8: Variation of average flux density distribution at coil 1 during two consecutive
PP electrical cycles. Finite element analysis has been performed for steel with non-linear
characteristics.
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Fig. 8.9: Variation of average flux density distribution at coil 2 during two consecutive
PP electrical cycles. Finite element analysis has been performed for steel with non-linear
characteristics.
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Fig. 8.10: Variation of average flux density distribution at coil 3 during two consecutive
PP electrical cycles. Finite element analysis has been performed for steel with non-linear
characteristics.
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Fig. 8.11: Variation of average flux density distribution at coil 4 during two consecutive
PP electrical cycles. Finite element analysis has been performed for steel with non-linear
characteristics.
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8.2 Dynamometer tests

For the testing of the demonstrator a bespoke dynamometer was commissioned at

Magnomatics Ltd as shown in Figs. 8.12-8.13. To achieve the required load torque

a 300kW induction machine (1500rpm/2020Nm) is used in series with a mechan-

ical gearbox with a gear ratio of 2.88. Two 150kW Emerson drives are employed

in parallel to provide sufficient current for the load induction machine and enable

for the full operational range of torque and speed. An Emerson drive is also em-

ployed for the PDD. Since the HS rotor shaft is not accessible, an encoder has been

mounted on the PP rotor, and the position of the HS rotor which is required for

commutation, is derived using a specially developed observer implemented by [74].

The electrical input power P was measured using a power analyser (Newtons4th

Ltd PPA1500), the shaft torque was measured by a torque transducer (Datum Elec-

tronics M420, size 4 for the range 0-5kNm), and the rotational speed of the PP rotor

ωPP was determined by the Emerson drive. The torque could either be monitored

by the analogue output through the torque transducer interface (Datum Electronics

400150) or by the digital output of the Datum signal conditioner. During testing the

temperatures of key regions have been monitored using K-type thermocouples. The

temperature monitoring has been employed to ensure temperature limits are not ex-

ceeded and materials are within safe operating limits. The maximum winding and

PM temperatures in the PDD have been specified as 120oC and 110oC, respectively.

No-load tests

The PDD has been tested at no load to measure the back-EMF. Fig. 8.14 shows the

variation of the phase EMF with time when the HS rotor speed is set to 200rpm.

It can be seen that the analytical results agree well with the FE and experimental

results.
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Fig. 8.12: Set-up of the test rig [73].

Fig. 8.13: Set-up of the dynamometer with Emerson drives [Magnomatics Ltd].
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Fig. 8.14: Variation of the phase EMF with time. FE analysis has been performed for steel
with non-linear characteristics.

On-load tests

For the testing at load conditions the induction machine is speed controlled while

the PDD is torque controlled. As the torque is increased on the PDD, the system

attempts to decelerate. In order to maintain constant speed the induction machine

then increases the torque to react to the load torque. Fig. 8.15 shows the variation

of the torque on the PP rotor with the applied current in the stator windings. It can

be seen that the analytically predicted torque is closer to the experimental values for

a PM temperature of 110oC. It can also be seen that in order to predict the torque

more accurately nonlinear effects of the steel need to be considered. Furthermore,

since the aspect ratio of the PDD is only about a = 0.88, end effects could be a

source for the decreased torque, however, end effects seem to have no effect on the

EMF, see Fig. 8.14.
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Fig. 8.15: Variation of the torque on the PP rotor with the applied current at a rotational
speed of 100rpm. Torque curves are shown for the analytical and FE predictions with a PM
temperature of 20oC and 110oC.

From the measured values by the power analyser, the torque transducer, and the

encoder the efficiency can be determined, and it is given by

η =
TPPωPP

P
(8.1)

Fig. 8.16 and Fig. 8.17 show the variations of the measured and analytical

efficiencies for a PP rotor speed of 150rpm and 300 rpm, respectively. A curve fit is

applied to the measured efficiencies, where the fitted curve is given by

η =
TPPωPP

TPPωPP +aT 2
PP +bTPP + c

(8.2)

For the curve fit the Root Mean Squared (RMS) error is included. It can be seen that

the RMS error of the measured values from the mean curve in terms of total loss is

about 1% of the efficiency value, however individual measurements may differ as

much as 2%. Each of the measurements, i.e. the measurement of TPP, ωPP, and P,

is accompanied by a device specific error. In particular the relative errors provided

by the manufacturers are ∆P/P = 0.05% for the power analyser, ∆TPP/TPP = 0.1%
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for the torque transducer. Although no value could be determined for the relative

error of the speed measurement ∆ωPP/ωPP, it is assumed that ∆ωPP/ωPP lies well

below 0.5%. The total relative error of the efficiencies is then given by

∆η

η
=

∆TPP

TPP
+

∆ωPP

ωPP
+

∆P
P

(8.3)

Since the total relative error by the measurement devices is very small (less than

0.5%) these devices are excluded as the primary source for the observed deviations

from the mean curve, and random errors such as noise may be the main source

of the deviations. From Fig. 8.16 it can be seen that the analytically predicted

efficiency agrees well with the mean measured efficiency for a PP rotor rotational

speed of 150rpm, when the electrical frequency is 82.5Hz which is closer to the

10MW PDD operating frequency of 48Hz. However, from Fig. 8.17 it can be

seen that at 300rpm when the electrical frequency is about 165Hz, there are larger

discrepancies between the predicted and measured efficiencies. This may be due to

the relatively larger frequency dependent losses such as eddy current losses, which

are not considered in the predictions of the analytical and FE models.

The eddy current losses in the stator PMs are estimated at the rated point em-

ploying the methods in [58], which assume resistance limited eddy currents and

take into account of the axial and circumferential segmentation of the PMs. In the

model the equivalence of the equations which govern the resistance-limited eddy

currents and those that govern a magnetostatic field is exploited. Initially the flux

density distribution in the PMs is determined through 2D FE. 3D FE software is

subsequently employed to solve the equivalent magnetostatic problem in a single

PM piece. The eddy currents are then deduced from the equivalent flux density

distributions gained from the 3D FE method. For simplicity only the average value

of the fundamental flux density in the stator PMs is considered. Furthermore, since

the circumferential component of the flux density is much smaller than the radial

component, only the radial component of the flux density is considered. The calcu-

lated eddy current loss in the stator PMs are Peddy = 104W or 0.13% of the power

at rated torque, and Peddy = 416W or 0.27% of the power at rated torque at 150rpm
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Fig. 8.16: Variation of the measured and analytically calculated efficiencies with the Torque
for a rotational speed of the PP rotor of 150rpm. An error analysis is applied to the curve
that is fitted to the experimental data.
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Fig. 8.17: Variation of the measured and analytically calculated efficiencies with the Torque
for a rotational speed of the PP rotor of 300rpm. An error analysis is applied to the curve
that is fitted to the experimental data.
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and 300rpm, respectively.

Furthermore, for the rotational speeds in the experiment the respective skin

depth in the copper wires is large, compared to the wire diameters, about δ = 9mm

at a frequency of 50Hz and at a temperature of 120oC. AC losses in the windings

may, therefore, not account for the discrepancy.

As discussed in Section 3.4.1, axial leakage flux exists in the PPs. In order to

determine the magnitude of the axial flux, search coils have been placed, Fig. 8.18.

Search coil 6 has been placed at the end of a PP, while coil 5 and 7 have been placed

with 10mm and 60mm distance from the end of the PP, respectively, Fig. 8.18.

The peak value of the axial component of the average axial flux density in the PPs

has been determined to be about 0.2T at search coil 7, and 0.35T at search coils

5 and 6, Fig. 8.19. Due to the relatively large magnitude of the average axial flux

density, the associated eddy current losses may be significant, since the axial flux

is perpendicular to the face of the lamination. However, the magnitude of the axial

flux density could be further reduced by introducing flux barriers along the PPs, but

this is not adopted in the current prototype.
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Fig. 8.18: Positions of the search coils 5, 6 and 7.
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Fig. 8.19: Variation of average flux density distribution at coil 5, 6, and 7 during two con-
secutive PP electrical cycles.
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8.3 Conclusions

A 5kNm PDD has been designed and built, and the analytical design tools de-

veloped in Chapter 4 are compared and validated with results obtained from test

on the demonstrator PDD. Search coils have been placed on the PPs in order to

measure the flux through the PPs. It is shown that a good agreement exists between

the analytical and the experimental results. Furthermore, a bespoke dynamometer

has been commissioned to test the demonstrator PDD at no-load and on-load con-

ditions. Although there is a good agreement between analytically and FE predicted

and measured EMFs, some discrepancy between measured and predicted output

torque exists mainly due to the temperature rise in the PMs. The efficiency has been

measured for a PP rotor rotational speed of 150rpm and 300rpm. It is shown that

a good agreement exists between the analytically calculated values and the exper-

imental results for the electrical frequency that is closer to the one in the 10MW

PDD of Chapter 5, and which is 48Hz.
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Chapter 9

Conclusions

Analytical models for the prediction of the flux density distributions in the airgap

and PM regions of MGs, with arbitrary magnetisation distributions, are presented

and applied for radial and Halbach magnetisation. It has been shown that a good

agreement for the analytical models and the FE predictions exists for the flux dens-

ity distributions and the transmission torques including the ripple component. It

has been shown that since large MGs are likely to be constructed using a set of cir-

cumferentially identical sections, applying symmetry conditions can result in sig-

nificant reductions in the computational efforts. Furthermore, a careful selection of

the harmonics to be considered can further reduce the computational efforts while

achieving a sufficient accuracy. The models have been employed for the analysis

and optimisation of large MGs for a 10MW wind turbine application. It has been

shown that an MG can be achieved with a PM mass of 13.5tons and an active mass

of 35tons. It is also shown that adopting a discrete HM distribution can result in

significant increase of the transmitted torque.

In order to investigate the performance of PDDs for wind turbine applications,

the analytical models are extended to account for the effects of stator windings on

the flux density distributions in the air and PM regions. Furthermore, in order to pre-

dict the iron losses, analytical models for the predictions of the average flux density

waveforms in the stator core and the localised flux density waveforms in the PPs

are proposed, and their predictions are compared with FE. It is shown that a good
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agreement with FE analysis exists for the flux density waveforms, the transmitted

torque, the torque ripple and the iron loss. It is also shown that for a 10MW direct

drive PDD an efficiency of 98.7% can be achieved with a total active mass of only

50 tons. Furthermore, the airgap diameter, the number of sections and the gear ratio

can have a significant impact on the efficiency and the active masses of the PDD.

In order to reduce the mass of PMs, a PDD with a coil excited HS rotor is pro-

posed. In order to analyse and optimise the PDD the analytical models developed

for a PM excited PDD are refined to suit the requirements for a coil excited PDD.

The predictions from the analytical models are also compared with FE, and it is

shown that a good agreement exists for the flux density and the average torque. It

is shown that significant reductions in PM mass can be realised compared to a PDD

with HS rotor PM excitation, albeit at the expense of increased total active mass and

reduced efficiency. However, it has also been shown that controlling the excitation

current is necessary, in order to maximise the annual energy efficiency.

The analytical models have been employed for the study of the scaling behaviour

of the PM excited and the coil excited PDDs. It has been shown for the PM excited

PDD, that if the current density is kept constant when scaling, the copper mass

per MW remains constant for the PM excited PDD. However, the PM and steel

lamination masses per MW increase with the power of the wind turbine. It has

also been shown that similarly to a PM excited PDD, for a coil excited PDD the

copper mass remains fairly constant, while the laminated steel mass can increase

significantly. However, the relative increase of the PM mass per MW could be less

than for a PM excited PDD.

A 5kNm prototype PDD has been designed and built by Magnomatics Ltd., and

predictions from analytical models are compared and validated with results obtained

from tests on the demonstrator PDD. It has been shown that a good agreement exists

between the analytical and the measured results for the flux density waveforms at

the PPs and the EMF, however some discrepancy between measured and predicted

output torque exists, which could be attributed to the temperature of the PMs. Fur-
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thermore, it is shown that when operating at a frequency closer to the one in the

10MW PDD, a good agreement exists between the analytically and FE predicted,

and the measured efficiencies.

The performance of the PDDs investigated in this thesis are compared with com-

peting technologies, i.e. a PMDD [23] and a superconducting direct drive (SCDD)

[75], Table 5.1. Although other direct drive technologies may be considered for

large wind turbines, e.g. the 7.6MW ENERCON E-126, to the author’s knowledge

there is no information available in the public domain which would enable a useful

comparison for a wound field synchronous machine. Furthermore, to the author’s

knowledge the only study concerned with a direct drive DFIG for a 10MW wind

turbine is in [76]. However, an airgap length of 1mm on a 6m airgap diameter ma-

chine has been assumed, which is not feasible because the static deflection of the

bearings due to the rotor mass may be of similar magnitude as the airgap length.

Therefore, the performance indicators prediction cannot be considered, especially

for induction generators, where the performance is highly sensitive to the length

of the airgap. From Table 5.1 it can be seen that the PM excited PDD exhibits

the highest efficiency at an active mass and airgap diameter similar to that of the

SCDD. Furthermore, due to its relatively small airgap diameter the PM excited PDD

would also exhibit a significantly lower structural mass than the PMDD. However,

although the PM excited PDD offers a very light drive train solution, this comes at

the expense of increased PM mass and complexity. On the other hand, the coil ex-

cited PDD offers a drive train solution with a PM mass less than that of the PMDD,

but an increased amount of copper and laminated steel is required and the efficiency

is lower.

Estimating the price of the generator is difficult. However, in order to attempt to

do so it is important to estimate the structural mass of the generator. Therefore, the

ratio of structural mass to active mass, is assumed to vary approximately linearly

with the airgap diameter [68]. Under these assumptions the structural mass of the
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Quantity
PMDD

[23]
SCDD

[75]
PM excited

PDD Tab. 5.1
Coil excited

PDD Tab. 6.1

Rated supply frequency 27 Hz 2.6Hz 48 Hz 48 Hz
Airgap diameter 10 m 5.4m 6 m 8 m
Airgap lengths 10 mm 4mm 6 mm 8 mm
Axial lengths 1.6 m 3.1m 1.66 m 1.22 m
Rated electromagnetic
efficiency

97 % 97.7%+ 98.7 % 95 %

Mass of PMs 6 tons — 13.5 tons 4.5 tons
Mass of copper 12 tons 19.4tons 7 tons 20 tons
Mass of laminated steel 47 tons 25tons 29.5 tons 59 tons
Superconducting MgB2
tape

— 474km — —

Mass of structural steel 260 tons 94 tons# 100 tons# 222 tons#

Total mass 325 tons 146 tons 150 tons 306 tons
+ Cryogenic losses are not included.
# The structural masses is calculated assuming a linear relation to the airgap dia-
meter and the active mass. For a 6m airgap diameter PDD the structural mass is
assumed to be twice the active mass.

Table 9.1: Comparison of selected PDD designs with a PMDD and a SCDD for a 10MW
wind turbine.

coil excited PDD would be significantly larger than the PM excited PDD, while the

PM excited PDD would exhibit a similar mass as the SCDD. However, this method

may be favourable towards a PDD, due to the presence of two airgaps, which could

lead to increased structural mass compared to designs with a single airgap.

An estimate of the cost of the different materials employed in the construction of

the generators is given in Table 9.2. These prices are for the manufactured materials,

under mass production, and were agreed to be used as basis for comparison of the

different generator technologies considered in the INNWIND.EU project. However,

it should be noted that the PM cost is likely to depend also on other parameters such

as the shape and size of the PMs. It can be seen that although the PM excited PDD

employs a significant amount of PMs, due to its size it exhibits the lowest price. It

can also be seen that the SCDD would be significantly more expensive assuming

the current estimates for the price of the superconducting material. Therefore, in

order to reduce the mass of the superconducting material, an alternative SCDD

generator topology employing iron poles on the rotor was proposed, and although
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PMDD SCDD
PM

excited
PDD

Coil
excited
PDD

PM material 60 kC/ton
Copper material 15 kC/ton
Superconducting MgB2 tape 12 C/m
Laminated steel material 3 kC/ton
Structural material 3 kC/ton
Total manufactured cost
of active material 0.68M C 6.00M C 1.00M C 0.75M C

Total manufactured cost
of active and structural material 1.46M C 6.28M C 1.30M C 1.41M C

Table 9.2: Manufactured material cost for the direct drive designs in Table 9.1.

it exhibits a similar price as the PM excited PDD, with a similar airgap diameter, it

is significantly heavier and less efficient by a few percent.
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Appendix A

Appendix

A.1 Poisson solution for region I for a MG

By employing (2.19) and considering symmetry in z-direction the z-component of

the Poisson equation (2.16) can be rewritten by

4AI =
µ0

r

(
∂Mrad,I

∂θ
−Mθ ,I

)
(A.1)

=
Br

r

∞

∑
n=1

(
n fs,I,n−gc,I,n

n fc,I,n +gs,I,n

)
·

(
cos(nθ)

−sin(nθ)

)
As described in section 2.2 the solution for AI can be separated into a general solu-

tion AG,IV and a particular solution AP,I . Since

4rn cos(nθ) = rn−2(n(n−1)+n−n2)cos(nθ) = 0 n > 1

4r cos(θ) = r−1(1−12)cos(θ) = 0 n = 1

4r−n cos(nθ) = r−n−2(n(n+1)−n−n2)cos(nθ) = 0 n > 1

(A.2)

4rn sin(nθ) = rn−2(n(n−1)+n−n2)sin(nθ) = 0 n > 1

4r sin(θ) = r−1(1−12)sin(θ) = 0 n = 1

4r−n sin(nθ) = r−n−2(n(n+1)−n−n2)sin(nθ) = 0 n > 1

(A.3)

the general solution AG,I(r,θ) takes the form

AG,I(r,θ) =
∞

∑
n=1

(
A
′
nrn +B

′
nr−n

C
′
nrn +D

′
nr−n

)
·

(
cos(nθ)

sin(nθ)

)
(A.4)

Since

4r cos(nθ) = r−1(1−n2)cos(nθ) n > 1

4r lnr cos(θ) = r−1(1+(lnr+1)− lnr)cos(θ) n = 1
(A.5)
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4r sin(nθ) = r−1(1−n2)sin(nθ) n > 1

4r lnr sin(θ) = r−1(1+(lnr+1)− lnr)sin(θ) n = 1
(A.6)

the particular solution takes the form

AP,I = Br

∞

∑
n=1

fn(r)

(
n fs,I,n−gc,I,n

−n fc,I,n−gs,I,n

)
·

(
cos(nθ)

sin(nθ)

)
(A.7)

where fn(r) is defined in equation (2.39). For the general solution the boundary

condition between the interface of region I and the HS rotor back-iron (2.21) reduces

to

Bθ ,I(RHS) = 0 (A.8)

Considering orthogonality between cos(nθ) and sin(nθ) over the interval 2π the

following relationships between the coefficients can be deduced:

A
′
nRn

HS−B
′
nR−n

HS = 0 (A.9)

C
′
nRn

HS−D
′
nR−n

HS = 0 (A.10)

The general solution can then be rewritten as

AG,I(r,θ) =
∞

∑
n=1

Rmi

n
Pn(r,RHS)

Pn(Rmi,RHS)

(
AI,n

CI,n

)
·

(
cos(nθ)

sin(nθ)

)
(A.11)

where Pn(r,v) is defined in equation (2.33). The denominator is chosen such that

AG,I takes a simple form at the boundary at Rmi, while the factor Rmi
n is added in

order to allow for scale invariance of the coefficientes. Since terms of the order r−n

can be added to the n-th term in the particular solution, it can be rewritten to satisfy

the boundary condition (2.21) at RHS as

AP,I =Br

∞

∑
n=1

{(
r

RHS

)−n
(

GI,n

HI,n

)
+ fp(r)

(
n fs,I,n−gc,I,n

−n fc,I,n−gs,I,n

)}
·

(
cos(nθ)

sin(nθ)

)
(A.12)

Solving the Poisson equation for each component results in(
GI,n

HI,n

)
=

RHS

n

[
f ′n(RHS)

(
n fs,I,n−gc,I,n

−n fc,I,n−gs,I,n

)
+

(
gc,I,n

gs,I,n

)]
(A.13)

Terms of the order Pn(r,RHS) can be added to the particular solution without altering

the previous constraints and such that the particular solution is zero at the interface
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between HS PMs and the inner airgap:

AP,I(r,θ) = Br

∞

∑
n=1

(
XA,I,n(r)

XC,I,n(r)

)
·

(
cos(nθ)

sin(nθ)

)
(A.14)
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Pn(Rmi,RHS)

[(
Rmi

RHS

)−n
(

GI,n

HI,n

)
+ fn(Rmi)

(
n fs,I,n−gc,I,n

−n fc,I,n−gs,I,n

)]

A.2 Discrete Halbach magnetisation

The residual magnetisation of a discrete HM may be expressed as (Eqn. (2.98))

−→
M(θ) =

m−1

∑
k=0

~Mk fk(θ) (A.16)

where

fk(θ) =
p−1

∑
q=0

fk,q(θ) (A.17)

The residual magnetisation for the k-th segment is given by

~Mk =
Br

µ0

(
ℜ

ℑ

)
exp(± j2π

k
m
) =

Br

µ0

(
cos(2π

k
m)

±sin(2π
k
m)

)
(A.18)

where+ corresponds to an internal field, − corresponds to an external field, and ℜ

and ℑ give the real and imaginary value of a complex variable, respectively. The

function fk,q(θ) given by (2.95) can be expressed in terms of a Fourier series as

fk,q(θ) =
∞

∑
n=−∞

cn,k,qe jnθ

If the rotor is in a position where the centre of a radially magnetised PMs is at the

angle θ = 0 the coefficients are given by

c0,k,q =
1

2π

∫ 2π

θ=0
f (θ)dθ =

1
mp

(A.19)

cn,k,q =
1

2π

∫ x(k,q)+y

x(k,q)−y
e− jnθ dθ =

sin(ny)
nπ

e− jnx(k,q) (A.20)

where

x(k,q) =
2π

p
(q+

k
m
) (A.21)

y =
π

pm
(A.22)
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Given the above expressions for the coefficients, fk(θ) can be reduced to

fk(θ) =
1
m
+

∞

∑
n=−∞
n6=0

sin(ny)
nπ

exp
(

jn
[

θ − 2π

p
k
m

])
pεn,p (A.23)

where εn,p is given in appendix A.3. Furthermore the residual magnetisation can be

expressed as

~M(θ) =
Br

µ0

(
ℜ

ℑ

)
∞

∑
n=−∞
n6=0

mp
sin(ny)

nπ
e jnθ

εn,p εn∓p,mp (A.24)

=
Br

µ0

∞

∑
n=1

hn,m,p

(
ε+n,m,p cos(nθ)

ε−n,m,p sin(nθ)

)
(A.25)

where

hn,m,p = pm
sin(nπ/mp)

nπ
εn,p (A.26)

ε
+
n,m,p = εn∓p,mp + εn±p,mp (A.27)

ε
−
n,m,p = εn∓p,mp− εn±p,mp (A.28)

An arbitrary shift by an angle Θ0 may be applied by applying the transformation

e jnθ −→ e jn(θ−φ0) (A.29)

The expression for the residual magnetisation is then given by

~M(θ) =
Br

µ0

(
ℜ

ℑ

)
∞

∑
n=−∞
n6=0

hn,m,pe jn(θ−Θ0) εn∓p,mp (A.30)

=
Br

µ0

∞

∑
n=1

hn,m,p

[
ε+n,m,p cos(nΘ0) ε+n,m,p sin(nΘ0)

−ε−n,m,p sin(nΘ0) ε−n,m,p cos(nΘ0)

](
cos(nθ)

sin(nθ)

)

A.3 εt,s

The values of the function

εt,s =
1
s

s

∑
n=1

e− jn2πt/s

of two integer values t and s can be separated by the two special cases of the modulo

function t mod s. For t mod s = 0 the following identity is valid:

1
s

s

∑
n=1

e− jn2πt/s =
1
s

s

∑
n=0

1 = 1 (A.31)

181



Furthermore, for t mod s 6= 0 the function εt,s can be expressed through a geometric

series and the value of the function is given by

1
s

s

∑
n=1

(
e− j2πt/s

)n
=

1
s

1− e− j2πt

1− e− j2πt/s
= 0 (A.32)

Hence the function can be simplified to

εt,s =

{
1 t mod s = 0

0 t mod s 6= 0
(A.33)

A.4 Calculation of Fourier coefficients

For an analysis of the amplitudes of the harmonics−→a of a function f (θ) a Fourier

analysis is applied:

~a = M−1~f (θi)

M =


1 cos1θi · · · cosNθi sin1θi · · · sinNθi
...

...
. . .

...
...

. . .
...

1 cos1θi · · · cosNθi sin1θi · · · sinNθi



~a′ =
(

a0, a1, · · · aN , b1, · · · bN

)

A.5 Effects of selected current densities

In order to find the minimum total copper mass the total copper mass is differen-

tiated by one of the rated current densities, equation 6.12. The total copper mass

can be expressed in terms of the rated HS rotor current by using equation 6.11 and

(4.50) by

MCu =MCu,HS+MCu,S = 2πmCu

[
RHSQHS

iHS
(la + le,HS)+

RSQrms

irms
(la + le,S)

]
(A.34)

Furthermore, by combining (6.8) , (4.47), and (6.19) the stator current density can

be expressed as

irms =
1

2πRSQrms(la + le,S)

[
PCu

ρCu
−2πRHSQHS(la + le,HS)iHS

]
(A.35)
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After substituting irms by this expression, the differentiation of the total copper mass

by iHS,R and for a given copper loss, results then in the following expression for the

rated HS rotor current

iHS,R =
PCu

2πρCu

1
RHSQHS(la + le,HS)±RSQrms(la + le,S)

(A.36)

Using this in equation (A.35) the rated stator current density is given by

irms,R =±iHS,R (A.37)

Only the solution with the + sign results in a positive value for both iHS,R and irms,R,

and therefore the minimum total copper mass is given by

MCu = MCu,HS +MCu,S (A.38)

= 4π
2 mCuρCu

PCu

[
RHSQHS(la + le,HS)+RSQrms(la + le,S)

]2
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