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ABSTRACT 

This thesis analyses the electromagnetic performance and mechanical stress of three-phase 

permanent magnet (PM) motors for ultra-high-speed (180krpm) application, together with 

investigation on the influence of rotor eccentricity and winding circulating current. 

Firstly, 6-slot/2-pole (6s/2p) high-speed permanent magnet (HSPM) motors with 1, 2, and 3 

slot-pitch windings are designed, optimized, and compared, accounting for their different 

winding factors, end-winding lengths, and end-winding axial lengths. It shows that for high-

speed applications, compared with 1 and 3 slot-pitch windings, the motor with 2 slot-pitch 

windings has a good trade-off between winding factor and end-winding axial length, and is 

attractive for improving torque density. In addition, 6s/2p HSPM motors with alternate layouts 

of 2 slot-pitch windings are analyzed and compared with a 3-slot/2-pole (3s/2p) HSPM motor 

with non-overlapping windings due to same winding factor. It indicates that compared with the 

3s/2p PM motor, the 6s/2p PM motors with 2 slot-pitch windings have advantages, e.g. high 

torque, small phase inductance, low rotor loss, and no unbalanced magnetic force (UMF), 

which are desirable for high-speed operation. 

Secondly, the influence of rotor eccentricity on electromagnetic performances of the 2-pole 

PM motors is investigated. For 3s/2p motors, static rotor eccentricity leads to unbalanced 

magnitudes and phase angles of fundamental back electromotive forces (back-EMFs) of three 

phases, while dynamic rotor eccentricity results in asymmetric positive and negative half-

periods in the phase back-EMF waveform. For 6s/2p motors with 1, 2, and 3 slot-pitch 

windings, when strong magnetic saturation exists, the static rotor eccentricity leads to slight 

unbalanced back-EMFs of three phases. In addition, the circulating currents in the parallel-

connected windings due to rotor eccentricity are analyzed. It is shown that with the circulating 

currents, the various loss components are increased, and the average torque and torque ripple 

remain almost unchanged, but the average UMF and cogging torque are reduced. 

Finally, several prototype motors have been manufactured and successfully operated up to 

180krpm, and particularly, the influence of rotor eccentricity is experimentally validated. 
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CHAPTER 1 

GENERAL INTRODUCTION  

1.1. Introduction 

In the last few decades, high-speed electrical machines have been intensively and extensively 

researched and are popular in industrial and domestic applications, including compressors, 

vacuum pumps, turbine generators, machine tools, flywheel energy storages, and so on [BIA04] 

[BOR12] [GER14] [SHE18]. Compared with low-speed and moderate-speed conventional 

electrical machines, high-speed electrical machines offer advantages such as high power 

density, small size, and light weight. More importantly, high-speed electrical machines can be 

directly connected to high-speed loads, and conventional gear boxes are no longer needed, 

which avoids complex gear box systems, improves system efficiency and reliability, and 

reduces system vibration, noise, and cost [BIA04] [ARK05] [LIS16] [GER14] [SHE18]. With 

the revolution in the field of power electronics converters, the problem of high frequency 

caused by high-speed operation is no longer a restriction. Meanwhile, the development of high-

speed electrical machines is also supported by the development of high-speed bearing systems 

with high robustness, less loss, and long lifetime.  

In general, there is no specific speed that can be a widely accepted standard for high-speed 

electrical machines [SHE18]. However, a ‘guide number’ is proposed to define high-speed 

electrical machines in [MIL91] [GER14], which is a product of the rated rotating speed and the 

square root of rated output power, i.e. rpm√kW. This value can also describe the difficulty 

degree for the design of high-speed electrical machines. Since the dynamic problems can be 

neglected when the electrical machines operate below 100,000 rpm√kW, the electrical 

machines with a value of more than 100,000 rpm√kW could be defined as high-speed 

machines. In [LIS16], the tip speed, i.e. the rotor surface line speed, is presented as a better 

way to define the high-speed electrical machines since the rotor surface speeds can be used as 

the critical speeds under different design considerations, such as the constraints of rotor 

mechanical stress and rotor dynamic characteristic. 

This thesis investigates 2-pole ultra-high-speed (180 krpm) permanent magnet (UHSPM) 

motors with different winding configurations for domestic appliance applications, e.g. vacuum 

cleaners, focusing on electromagnetic performance with due account for rotor eccentricity. 

This chapter reviews the development of high-speed electrical machines, especially for three-
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phase permanent magnet machines. Section 1.2 analyses the characteristics of different high-

speed electrical machine technologies, i.e. induction machines (IMs), switched reluctance 

machines (SRMs), and permanent magnet machines (PMMs). The stator structures, winding 

configurations, and rotor constructions of three-phase high-speed permanent magnet machines 

are summarised in sections 1.3 and 1.4. Then, section 1.5 discusses several parasitic effects due 

to high-speed operation, such as stator iron loss, alternating current (AC) copper loss, rotor 

eddy current loss, windage loss, rotor dynamics, vibration, and thermology. Finally, the scope 

and contribution are shown in section 1.6.  

It is worth noting that “high-speed electrical machines” will be simplified as “high-speed 

machines” throughout this thesis. 

1.2. Various Machine Types 

In general, three machine types are often employed for high-speed applications, i.e. IMs, SRMs, 

and PMMs. In this section, their advantages, disadvantages, and applications will be reviewed 

and compared. 

1.2.1. Induction Machines 

With simple rotor structure and high mechanical strength, IMs are potential candidates for 

high-speed applications, especially for the IMs with solid rotor structures [ARK05] [GER14], 

Fig. 1. 1.  

In general, with conventional laminated rotor structures, the highest surface speed of IMs is 

around 185 m/s [ZHA16b]. Beyond 185 m/s, the high strength lamination or solid rotor 

structure, Fig. 1. 1 (a), should be used to improve the rotor structural integrity. Due to the 

inherent robustness of solid rotor structure, the limitation of the tip speed can be larger than 

400 m/s [ARK05]. [PYR10] designs an 8-MW 6.6-kV 12 krpm IM with a slitted solid rotor 

structure for gas compressors, Fig. 1. 1 (b). Slitting can increase the flux into the rotor and 

decrease the rotor eddy current loss, but it increases friction coefficients of the rotor surface, 

which leads to large air-gap friction loss, especially for high-speed operation. In addition, the 

mechanical strength of the rotor is decreased due to slitting, which results in a relatively low 

critical speed, e.g. 204 m/s. In [SHA96], a copper layer is employed to improve the mechanical 

strength of the solid rotor, Fig. 1. 1 (c). Compared with the smooth solid rotor, the copper layer 

not only improves the rotor stiffness but also increases the efficiency since it is equivalent to 

rotor bars and end-rings. However, the copper layer results in large air-gap and small air-gap 
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flux density, which leads to relatively low power factor and power density. In [LHA02], the 

slitted solid rotor with a squirrel cage is proposed to balance the power density and mechanical 

strength, Fig. 1. 1 (d). Compared with the solid rotor with a copper layer, the squirrel cage rotor 

has higher power density and efficiency but less mechanical strength. In [FOD14], an induction 

machine, a switched reluctance machine, and a permanent magnet machine are designed and 

compared for high-speed applications under the same output performance, i.e. 20 kW @ 26 

krpm. However, the conclusion in [FOD14] is doubtful since it shows that the IM has the 

highest power factor, while the IM has the lowest power density and efficiency compared with 

both SRM and PMM. 

  

(a) Smooth [BUM06] (b) Slitted [PYR96] [HUP04] 

  

(c) Coated [SHA96] (d) Caged [LAH02] 

Fig. 1. 1. Four solid rotor constructions of IMs. 

1.2.2. Switched Reluctance Machines 

Due to simple structure, high robustness, low cost, and high temperature resistance, the 

switched reluctance motors have received much attention in high-speed applications. In 

literature, the highest power of high-speed SRMs is 250 kW @ 22 krpm [RIC97], and the 

highest rated speed is 200 krpm with 1.0 kW rated power [MOR00]. In [FOD14], compared 

with IM and PMM, the SRM with the longest stack length has the largest stator iron loss, and 

its efficiency and power density are lower than those of PMM. However, the rotor of SRM 

without copper and magnets play an important role for several specific applications, especially 
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for high temperature high-speed operation. [BOR14a] designs a 45 kW 32 krpm 6s/4p switched 

reluctance machine with a novel rotor geometry for aerospace applications, which is a harsh 

environment with high temperature and strong radiation, Fig. 1. 2 (a). [IKA14] designs a 100 

kW 20 krpm 36-slot/2-pole synchronous reluctance machine with a novel rotor construction 

including Cu-Al alloy and iron bars, Fig. 1. 2 (b).  

  

(a) [BOR14a] (b) [IKA14] 

Fig. 1. 2. Novel rotor constructions of reluctance machines. 

1.2.3. Permanent Magnet Machines 

Compared with IMs and SRMs, PMMs have the highest power density and efficiency, lowest 

mass, and shortest stator active length. In [ARK05], the solid-rotor IMs are compared with the 

PMs, and the results show that under different operation points, i.e. 30 krpm @ 540 kW, 60 

krpm @ 95 kW, and 100 krpm @ 30 kW, and similar constraints, the permanent magnet 

machines always have higher efficiency and almost 50% larger torque density than the solid-

rotor induction machines. Meanwhile, compared with IMs and SRMs, PMMs are much less 

sensitive to air-gap length, which is desirable for high-speed operation. Therefore, the PMMs 

are the most attractive machine type for high-speed applications.  

In general, the high-speed permanent magnet (HSPM) machines include single-phase and 

three-phase HSPM machines. The former has been employed in low-power household 

applications due to simple motor structure and low cost. However, it has self-starting issue, and 

needs special design for starting. The latter has high power density, high power factor, and 

large output torque, which can be employed in industrial and domestic drives. In this section, 

the single-phase and three-phase HSPM machines are reviewed in detail. 
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A. Single-phase  

Based on the conventional single-phase induction motor, the single-phase capacitor-start 

permanent-magnet (PM) AC line-start motor is designed and analyzed in [MIL85]. The stator 

remains the same structure as that of the conventional induction motor, and the rotor structure 

consists of permanent magnets and cage windings, Fig.1. 3. The permanent magnet can 

improve the efficiency, power factor, and power density, but it may decrease the starting torque. 

Therefore, the cage windings are used to provide sufficient starting torque. Although the single-

phase capacitor-start PM AC line-start motor can be employed for pumps, air conditions, and 

fans [KUR04], the complex rotor design and low mechanical strength results in low critical 

speed. 

 

Fig. 1. 3. Rotor structure of single-phase capacitor-start PM AC line-start motor [MIL85]. 

[MAY89] develops a single-phase brushless direct current (BLDC) motor with a bifilar stator 

winding and asymmetric stator pole faces, and [HUA99] designs a single-phase BLDC spindle 

motor for digital versatile disc (DVD) and hard disk drive (HDD) applications. In those single-

phase BLDC motors, the salient poles of the stator are reshaped to reduce cogging torque, and 

an automatic phase adjuster is used to increase torque and efficiency. Compared with the three-

phase motor, the single-phase motor offers advantages in terms of low cost and simple 

manufacturing. However, in [MAY89] and [HUA99], the single-phase BLDC motor employs 

an outer rotor structure, which has a large rotor surface speed and is limited for high-speed 

applications.  

In [BEN99], a universal motor, a three-phase PM BLDC motor, and a single-phase PM BLDC 

motor are designed and compared for vacuum cleaner. Due to the self-starting problems caused 

by the null-points in the torque waveform, various asymmetric stators, i.e. asymmetric air-gaps, 

including tapered air gap, stepped air gap, asymmetric auxiliary slot, asymmetric tooth-tips, 

are designed to provide a sufficient starting torque and a smooth torque waveform due to low 
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cogging torque [BEN00], Fig. 1. 4. The results show that compared with the universal motor, 

both PM BLDC motors have better torque/speed and efficiency/speed performance and less 

noise and electromagnetic emissions. Although the single-phase motor with lower cost is more 

suitable for consumer products which are extremely sensitive to the cost, the three-phase motor 

with larger torque and higher efficiency is more attractive. Due to the inner rotor structure, the 

PM motors with low rotor surface speed are desirable for high-speed applications [ZHO06].  

For high-speed FSPM motors [WON06] [JAN05] [CHE06], the asymmetric rotor, i.e. tapered 

air gap, is also employed to meet the requirement of large starting torque. In [CHE06], the rotor 

pole-arc and asymmetric rotor pole surface are optimized to improve the starting torque and 

decrease the cogging torque of a high-speed single-phase FSPM motor, Fig. 1. 5. 

It is worth noting that the mentioned single-phase PM motors employ cylindrical stator and 

cylindrical rotor, while the single-phase PM motors with U-shape stator and cylindrical rotor 

are also developed to ease manufacturing and reduce cost [ERT05], Fig. 1. 6. In high-speed 

applications, Dyson Company designs a 105 krpm 4-pole single-phase PM BLDC motor with 

double U-shape stators and cylindrical rotor for vacuum cleaners and hair dryers [DYS11], Fig. 

1. 7, which is a well-known stator structure for single-phase HSPM motor due to light weight, 

low cost, and high efficiency. Due to easy manufacturing, the E-shape stator structure is 

employed in a 200 krpm three-phase UHSPM motors for drilling applications where the space 

in the tool head is limited [TUY14], Fig. 1. 8. 

Overall, although the single-phase PM motor has several advantages, especially low cost, it has 

lower power density and efficiency compared with the three-phase PM motor. In addition, the 

non-uniform air-gap distribution may lead to vibration and noise under high-speed operation. 

  

(a) Tapered air gap (b) Stepped air gap 
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(c) Asymmetric auxiliary slot (d) Asymmetric tooth-tips 

Fig. 1. 4. Different stator structures for self-starting [BEN00]. 

 

Fig. 1. 5. Single-phase FSPM machine topology [CHE06]. 

 

Fig. 1. 6. Single-phase PM motor with U-shape stator structure [ERT05]. 
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Fig. 1. 7. Single-phase PM motor with double U-shape stator structure [DYS11]. 

 

Fig. 1. 8. Three-phase PM motor with E-shape stator structure [TUY14]. 

B. Three-phase 

As mentioned before, three-phase PM BLDC motors offer advantages in high power density, 

high efficiency, and no self-starting issue. For the state-of-the-art vacuum cleaners, e.g. Dyson 

V15TM, Midea Z7TM, and Philips Speed-Pro Max, etc., the requirements of high-speed motor 

mainly focus on high power density, high efficiency, low vibration and noise, small size, and 

lightweight. Therefore, three-phase PM BLDC motors may be more competitive than single-

phase motors for state-of-the-art vacuum cleaners. 

Besides PM BLDC motors, PMSMs are strongly recommended for high-speed applications. In 

general, the main differences between the BLDC motor and PMSM include (a) excitation 

current waveforms, square waveform is essential for BLDC motors and sinusoidal waveform 

for PMSMs, and (b) the back-electromotive-force (back-EMF) waveforms, i.e. trapezoidal 

waveform is desirable for BLDC motors and sinusoidal waveform for PMSMs in order to 

reduce torque ripples. However, employing a 2-pole parallel magnetized rotor structure, the 

PM BLDC motor has sinusoidal air-gap flux density and back-EMF waveforms [ZHU97].  

Three-phase HSPM motors have various machine topologies and winding configurations. 

Firstly, for high-speed operation, 2-pole and 4-pole rotors are widely employed to limit the 

fundamental frequency and reduce the stator iron losses and switching losses in the power 

electronics converter. Secondly, the slotted and slotless stator structures are selected to meet 
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the design requirements. In general, for high-power, large-size HSPM machines, the slotted 

stator is appropriate, while the slotless stator structure is more suitable for low-power, small-

size, UHSPM machines. Therefore, the slot/pole number combination should be considered, 

which affects the winding factor, rotor loss, and UMF. Thirdly, the overlapping and non-

overlapping winding configurations have different characteristics when combining with 

different stator structures. The overlapping winding configurations include full-pitched and 

short-pitched windings, Fig. 1. 14, while the non-overlapping windings can be divided into 

concentrated, toroidal, and skewed slotless windings, Figs. 1. 18 and 1. 19. All the winding 

configurations can be employed in slotted and slotless stator structures, except for the skewed 

slotless windings, which can only combine with the slotless stator. Fourthly, with high-speed 

operation, the centrifugal force leads to huge mechanical stress in the rotor and may destroy 

the magnets and rotor laminations. Therefore, various rotor constructions in interior PM (IPM), 

surface-mounted PM (SPM), and solid PM are designed to withstand the centrifugal force, Fig. 

1. 21. For IPM machines, a solid stainless-steel rotor [ARU16] or a combination of silicon-

steel and stainless-steel [ZHA15d] is employed to improve the rotor mechanical strength. For 

SPM machines, a non-magnetic high-strength sleeve is employed to improve the rotor 

mechanical strength [ZHU97] [BIA04] [SHI04], and the materials include non-magnetic 

stainless steel, Inconel, Titanium, glass fibre (GF), and carbon fibre (CF). The maximum 

surface speed of the GF sleeve is 150 m/s, but that of the CF sleeve can reach 210 m/s [BIN06]. 

The solid PM rotor structure can be classified into the solid PM with sleeve [HES87] [WAN03] 

[ZWY05] and the solid PM with hollow shaft [ZHE05]. It is worth noting that both sleeve and 

hollow shaft increase the effective air-gap length, decrease the air-gap flux density, and affect 

the output performance. Therefore, the rotor design should consider the trade-off between the 

electromagnetic performance and the constraint of mechanical stress.  

Table 1. 1 lists several three-phase HSPM machines, including rated power/speed, slot/pole 

number combination, winding configuration, rotor structure, and applications. They are all 

published on IEEE/IET Electronic Library and sorted by the rated power. It can be seen that 

the rated power of the three-phase HSPM machine in [ZHA18b] is the highest, 2000 kW @ 20 

krpm, whose value of rpm√kW is also the largest, and the rated speed of the three-phase HSPM 

machine in [ISM18] is the highest, 1200 krpm. In general, multi-slot stator structure, i.e. the 

number of slots larger than 6 (Nslot > 6), is employed in high-power machines, while for low-

power machines, minimal-slot, i.e. the number of slots less than or equal to 6 (Nslot ≤ 6), and 

slotless stator structures are widely used. 
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Table 1. 1  

Three-phase High-speed Permanent Magnet Machines in Literature 

Reference Power (kW) Speed (krpm) Slot/pole Winding  Rotor  Application 

[ZHA18b] 2000 20 48s/8p Overlapping (Full-pitched) SPM - 

[ZHA15a] 1120 18 27s/4p Overlapping (Full-pitched) SPM Pump Drive 

[ZHA16a] 1120 18 27s/4p Overlapping (Full-pitched) SPM Compressor 

[CHE19] 800 2.5 24s/4p Overlapping (Full-pitched) SPM Prototype 

[DUG20] 400 10 48s/4p Overlapping (Full-pitched) SPM Prototype 

[DON16a] 300 13.3 12s/14p Concentrated IPM Aircraft Gas Turbine 

[FAN17] 200 40 24s/2p Overlapping (Full-pitched) SPM - 

[DON14b] 150 24 24s/2p Toroidal Solid PM Turbo Blowers 

[ZHA17a] 150 17 36s/4p Overlapping (Full-pitched) SPM Prototype 

[DON16c] 140 24 24s/4p Overlapping (Full-pitched) 
Inter-SPM 

/Spoke-IPM 
- 

[LEE20] 124 36 24s/2p Overlapping (Full-pitched) SPM Generator 

[LIW14] 117 60 36s/2p Toroidal SPM Micro Gas Turbine 
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[ZHA16c] 117 60 36s/2p Toroidal Solid PM Prototype 

[ZWY05] 100 500 Slotless/2p Toroidal Solid PM Mesoscale Gas Turbines 

[BEN18] 100 50 36s/4p Overlapping (Full-pitched) SPM Turbo Generator 

[HUA16b] 100 32 24s/4p Overlapping (Full-pitched) SPM Centrifugal Air Blower 

[JAN18] 82 12.5 24s/2p Overlapping (Full-pitched) SPM Centrifugal Pump 

[DON14] 75 36 24s/2p Toroidal Solid PM Prototype 

[JAS17] 57 30 6s/4p Concentrated SPM/Inset-PM Pumps, Compressors, Blower 

[JUM14] 50 100 Slotless/2p Concentrated / Toroidal /Skewed Solid PM - 

[JAN07] 50 70 12s/2p Overlapping (Full-pitched) SPM 
Centrifugal Turbo-

Compressors 

[MUN10] 40 40 36s/4p Overlapping (Full-pitched) SPM Prototype 

[DAM16] 40 30 18s/2p Overlapping (Full-pitched) SPM Light Duty Electric Vehicle 

[ZHA15e] 30 96 18s/2p Overlapping (Full-pitched) SPM Prototype 

[JAN11b] 30 20 36s/6p Overlapping (5/6 short-pitched) IPM Compressor 

[BER16] 25 30 18s/2p Overlapping (Full-pitched) SPM Prototype 

[WAN10a] 22 120 6s/2p Concentrated SPM Prototype 

[FOD14] 20 26 18s/2p Overlapping (Full-pitched) SPM Electric Vehicle 
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[LIU18] 15.7 125 12s/2p Overlapping (Full-pitched) IPM Prototypes 

[GIL16] 15 150 6s/2p Concentrated SPM 
Electrically-assisted 

Turbocharger (EAT) 

[GIL16] 15 150 Slotless/2p Toroidal SPM EAT 

[HON09] 15 120 12S/2P Overlapping (5/6 short-pitched) Solid PM Air Blower 

[CHE11] 15 30 24s/2p Toroidal Solid PM  Prototype 

[ZHA21] 15 120 12s/2p Toroidal Solid PM/SPM Gas Compressor 

[MIR08] 11.8 15 36s/4p Overlapping (Full-pitched) IPM - 

[HON97] 11 50 36s/2p Overlapping (Full-pitched) IPM Spindle Machine Tool 

[UZH16] 11 31.2 6s/2p Concentrated Solid PM Generator 

[JUN18] 10 70 18s/2p Overlapping (Full-pitched) SPM Electric-turbo 

[SHE13] 10 70 12s/2p Overlapping (Full-pitched) SPM Prototype 

[XUE12] 7.5 30 24s/2p Overlapping (4/6 short-pitched) SPM - 

[OYA03] 5 240 6s/2p Concentrated SPM - 

[SHI04] 5 240 6s/2p Concentrated SPM Electrical Drive System 

[LIM17] 4 150 6s/2p Concentrated SPM Electric Turbocharger 

[GIL17] 4 75 6s/4p Concentrated SPM - 
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[GIL17] 4 75 Slotless/2p Toroidal SPM - 

[BOR14] 3.7 240 Slotless/2p Toroidal SPM Gas-turbine Generator 

[UZH16] 3.5 45 6s/2p Concentrated Solid PM Gas Blower 

[HUY15] 3 150 24s/2p Overlapping (Full-pitched) Solid PM Prototype 

[ZHO06] 3 150 6s/2p Concentrated SPM - 

[HON18] 3 100 12S/2P Overlapping (Full-pitched) SPM Electric Turbocharger 

[GIL15] 3 80 6s/2p Concentrated SPM Compressor 

[ZHA15H] 3 80 6s/4p Concentrated SPM Prototype 

[IID20] 2.5 100 6s/2p,4p Concentrated SPM Prototype 

[PFI10] 2 200 Slotless/2p Overlapping (Full-pitched) Solid PM Prototype 

[ZHE05] 2 200 Slotless/2p Overlapping (15/18 short-pitched) Hollow shaft Cryogenic 

[NOG05] 2 120 6s-3s/2p Concentrated SPM Turbocharger 

[NOG09] 1.5 150 6s/2p Concentrated SPM Automotive Supercharger 

[HWA14] 1.5 60 3s/2p Concentrated SPM Spindle Machine Tool 

[JAN09] 1.5 20 slotless /2p Overlapping (Full-pitched) SPM Flywheel 

[ZHA15d] 1.5 18 36s/4p Overlapping (Full-pitched) IPM Prototype 
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[KRA17] 1.5 12 3s/2p Concentrated SPM 
Small Prototype Urban-Type 

Vehicle 

[ZHU01] 1.3 120 3s/2p Concentrated SPM Prototype 

[BIA04] 1.3 20 Slotless/2p Overlapping (Full-pitched) SPM Friction Welding Unit 

[ZHU97] 1.3 20 3s/2p Concentrated SPM Electric Drives 

[BIA05] 1 40 3s/2p Concentrated SPM Hand-tool 

[BIA05] 1 40 Slotless/2p Overlapping (Full-pitched) SPM Hand-tool 

[WAN09] 0.75 60 24s/2p Toroidal Solid PM Prototype 

[XUJ11] 0.5 100 12s/4p; 2p Overlapping (Full-pitched) SPM Miniature Turbojet 

[HON13] 0.4 200 6s/2p Concentrated Solid PM 
Micro Turbine Generator 

(MTG) 

[ISM18] 0.15 1200 Slotless/2p Toroidal Solid PM Prototype 

[BOR14] 0.15 200 Slotless/2p Toroidal SPM Micro-milling Spindle 

[BUR19] 0.1 500 Slotless/2p Concentrated SPM Micro Gas Turbines 

[LUO09] 0.1 500 Slotless/2p Overlapping (Full-pitched) Solid PM Prototype 

[BIA04] 0.05 150 3s/2p Concentrated SPM Hand-tool 

[BUR19] 0.04 400 Slotless/2p Concentrated SPM Micro Gas Turbines 
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[BOR14] 0.03 90 Slotless/2p Toroidal SPM Air Compressor 

[HES87] 0.01 150 3s/2p Concentrated Solid PM Hand-tool 

[SCH17]   160 Slotless/2p Toroidal Solid PM Electrical Drive Systems 

[WAL09]   40 Slotless/2p Overlapping (Full-pitched) SPM Hand-tool 
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1.2.4. Summary 

In this section, IMs, SRMs, single-phase and three-phase PMMs have been introduced for high-

speed applications. Their applications, advantages, and disadvantages have been summarized 

in Table 1. 2. 

In general, the high-speed induction machines employing solid rotor structures with copper 

sleeves or copper cages have significant copper losses and rotor eddy current losses, which 

leads to low efficiency and power factor. The switched reluctance machines with simple and 

robust rotors have high temperature capability and can withstand harsh environments. However, 

low power density due to large air-gap, high windage loss due to salient pole rotor structure, 

high iron loss due to non-sinusoidal magnetic field distribution, large vibration and consequent 

noise, low efficiency, and low power factor result in the limitation of high speed operation. The 

single-phase PM machines with an inherent self-starting problem have lower power density, 

lower efficiency, and higher torque ripple than the three-phase PM machines. With a low-cost 

and simple rotor structure, single-phase PM machines are suitable for applications with the 

low-cost requirement. Three-phase PM machines with the highest power density and efficiency, 

highest critical speed, and lowest vibration and noise are the best choice for high-performance, 

high-speed applications. Therefore, three-phase HSPM machines will be researched in this 

thesis. 
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Table 1. 2  

Comparison of Various High-Speed Machines 

 Advantages Disadvantages 

Induction 

machine 

 Low cost 

 Sensorless open-loop speed 

control 

 Large copper loss 

 Low efficiency 

 Low power factor 

 Low strength of laminated rotor 

core 

 Large eddy current loss in solid 

rotor  

Switched 

reluctance 

machine 

 Simple and robust rotor 

 High temperature capability 

 High windage loss 

 High iron loss 

 Low efficiency 

 Low power factor 

 Large vibration and noise 

Single-phase 

PM machine 

 Low cost 

 Higher power density and 

efficiency than universal 

motors 

 Simple rotor structure 

 Additional design for self-

starting 

 Demagnetization risk 

 Lower power density and 

efficiency than three-phase 

motors 

 Constraints of mechanical 

stress and thermal 

 Sleeve design for high-speed  

Three-phase 

PM machine 

 High power density  

 High efficiency 

 High power factor 

 Low vibration and noise 

 Sensorless control 

 Relatively high cost 

 Demagnetization risk 

 Sleeve design for high-speed 
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1.3. Stator Structures and Winding Configurations 

In this section, the stator structures and winding configurations of HSPM machines are 

reviewed. The stator structures can be classified into slotted and slotless topologies, and the 

winding configurations can be divided into overlapping and non-overlapping layouts. The 

outline is illustrated in Fig. 1. 9. 

 

Fig. 1. 9. Outline of stator structures and winding configurations. 

1.3.1. Stator Structures 

In HSPM machines, the slotted and slotless stator structures are employed for different 

applications.  

It is worth noting that “i-slot/j-pole” will be simplified as “is/jp” throughout this thesis. 

A. Slotted 

In general, the slotted HSPM motors can be separated into multi-slot (>6-slot) and minimal-

slot (6-slot; 3-slot) HSPM motors [WAN03], Fig. 1. 10. The multi-slot stator structure is widely 

used for high power (>10 kW) requirements. 

[ZHA18b] designs a 48s/8p high-speed SPM machine with a rating of 2 MW @ 20 krpm by 

multi-physics and multi-objective optimization. The optimal goal is the maximum torque per 

loss per mass, with a trade-off between power density and efficiency. For aircraft turbo-

generator applications, the 36s/4p stator structure is employed for two high-speed SPM 

machines, and their rated power and speed are 150 kW @ 17 krpm [ZHA17a] and 100 kW @ 

60 krpm [BEN18]. The former mainly analyses the various loss components, and the latter 

focuses on thermal analysis by the FE method. With toroidal windings, one 36s/2p HSPM 

machine [ZHA16c] and three 24s/2p HSPM machines are designed and analyzed, including 

Existent

Non-existent

Slotted Slotless

Non-overlapping 

Overlapping 

Stator Structures 

Winding 

Configurations

Full-pitched

Short-pitched

Concentrated

Toroidal

Skewed slotless
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various loss components, mechanical stress, temperature distributions, and rotor dynamics 

[DON14] [CHE11] [WAN09]. In [ZHA15e] [BER16] [FOD14] [JUN18], 18s/2p HSPM 

machines are researched for different applications, such as electric vehicles and electric-turbo 

compounding systems. In addition, 12s/2p HSPM machines are employed in industrial 

applications. For centrifugal turbo-compressors, a 50 kW, 70 krpm 12s/2p HSPM machine is 

designed and analyzed by an analytical approach [JAN07]. [HON09] shows that the sleeve 

thickness affects the performances of a 15 kW, 120 krpm 12s/2p HSPM machine for air blower 

cooling fuel cells, such as rotor loss, von-Mises stress, unbalance vibration response, and 

critical speed. Then, [HON18] proposes a 3 kW 100 krpm HSPM machine for electric 

turbochargers (ETC), and the influence of the rotor length/diameter (L/D) ratio on the response 

time of the ETC is analyzed. 

 

(a) Multi-slot (12-slot) 

  

(b) Minimal-slot (6-slot) (c) Minimal-slot (3-slot) 

Fig. 1. 10. HSPM machines with multi-slot and minimal-slot stator structures [WAN03]. 

Overall, for various applications and requirements, the slot number should be optimized for 

different optimization objectives in the design of HSPM machines. [ZHA16a] analyses the 

performances of high power HSPM machines with different slot and pole number combination, 
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including 12-/24-/27-/36-slot and 2-/4-pole. The results show that compared with the machine 

with a 2-pole rotor, the machine with a 4-pole rotor has larger stator iron loss but smaller copper 

loss due to shorter end-winding length. In addition, the 4-pole rotor can reduce the motor axial 

length and improve the rotor dynamic characteristic. With a 4-pole rotor structure, the 27-slot 

is selected due to the lowest cogging torque and small PM eddy current loss. 

For low-power HSPM machines, the minimal-slot stator structure is employed to simplify the 

winding process and avoid the physics limitation of small size. In literature, three typical 

slot/pole number combinations are selected in low-power small size HSPM machines, i.e. 6s/4p, 

6s/2p, and 3s/2p, Fig. 1. 11, which will be reviewed as follows. 

1) 6s/4p 

As mentioned before, the 4-pole rotor is adopted to reduce the end-winding length, copper loss, 

and stator yoke thickness in several multi-slot HSPM machines [MIR08] [ZHA16a] [DUG20]. 

With the same design considerations, a 4-pole rotor is selected for 6-slot HSPM machines 

[ZHA15H] [GIL17] [WAN18] [IID20].  

[ZHA15H] designs a 3 kW 80 krpm 6s/4p HSPM machine with concentrated windings for 

generators. The tooth shoe shape is optimized for the minimum sleeve loss and maximum 

efficiency. [WAN18] optimizes a 6s/4p HSPM motor considering stator iron loss and 

mechanical constraints. It found that both stator iron loss and mechanical constraints decrease 

the optimal split ratio, i.e. the ratio of stator inner to outer diameter. In [IID20], the 6s/4p and 

6s/2p HSPM motors with a rating of 2.5 kW @ 100 krpm are compared to enhance output 

power density. With the same loss density, cooling capability, packing factor, and motor axial 

length (including end-winding), the 4-pole motor can increase 1.5 times the output power 

density by decreasing the  motor size by 33% (stator outer diameter), compared with the 2-pole 

motor. However, this research neglects the switching loss in the power electronics converter, 

which has a close relationship with fundamental frequency and should be considered. 
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(a) 6s/4p [WAN18] (b) 6s/2p with straight teeth [NOG05] 

  

(c) 6s/2p with semi-closed [ZHO06] (d) 3s/2p [ZHU97] 

Fig. 1. 11. Low-power small size HSPM machine topologies with minimal-slot stator 

structures. 

2) 6s/2p 

For low-power, small-size HSPM machines, the frequency of the 4-pole motor is twice that of 

the 2-pole motor, which leads to large stator iron loss and switching losses in the power 

electronic converters. More importantly, for ultra-high-speed operation, 2-pole magnets can be 

designed as a magnet ring or a solid PM, Fig. 1. 21, which have high mechanical strength and 

simple manufacturing processes. Therefore, the 2-pole rotor is widely employed in low-power, 

small-size HSPM machines [WAN03] [NOG05] [NOG07] [NOG09] [NOG15] [ZHO06] 

[WAN10K] [NIU12] [HON13] [UZH16] [GIL15] [GIL16] [LIM17]  

[WAN03] analyses several design features of HSPM machines for microturbines, including 

stator structures, winding configurations, rotor constructions, and bearing systems. It shows 

that compared with the multi-slot structure, the 6s/2p motor with full-pitched overlapping 

windings has the largest winding factor, i.e. ‘1’. [SHI04] designs a 5 kW 240 krpm 6s/2p 



22 
 

UHSPM motor with concentrated windings. The Inconel-718 sleeve is adopted to protect the 

rotor, and the magnet rings are magnetized radially. Although the winding factor decreases 

from ‘1’ to ‘0.5’ due to the concentrated winding, the reduced end-winding axial length leads 

to the decreased motor axial length and improved rotor dynamic characteristic. In [NOG05], 

for turbocharger applications, the 6s/2p and 3s/2p number combinations are compared for a 2 

kW HSPM motor with a rated speed of 120 krpm and the maximum speed of 220 krpm. 

According to the loss analysis, the 6-slot motor with significantly smaller overall motor losses 

is more suitable for high-speed applications. Therefore, [NOG07] [NOG09] design a 6s/2p 1.5 

kW 150 krpm HSPM motor with parallel magnetized magnets for automotive superchargers 

and ‘b’-shaped copper-bar windings are employed for ease of manufacture. [NOG15] analyses 

the eddy current losses in copper-bar windings due to proximity effect caused by high-speed 

operation and reduce the AC copper losses by different tooth-tip shapes and segmentation of 

the conductors.  

In [GIL15], for compressor applications, a 3 kW, 80 krpm 6s/2p HSPM motor is optimized for 

the highest efficiency by the FE method. Then, for a 15 kW 150 krpm electrically assisted 

turbocharger (EAT), [GIL16] compares three HSPM motor topologies, i.e. 2-pole slotless 

motor with toroidal windings, Fig. 1. 13 (b), 6s/2p motor with straight teeth, Fig. 1. 11 (a) and 

6s/2p motor with semi-closed slot, Fig. 1. 11 (b). The result indicates that the 6s/2p slotted 

motors have a better compromise between efficiency and torque. More importantly, in terms 

of rotor dynamic, the 6s/2p motor with a semi-closed slot is the best choice due to the shortest 

motor axial length. [UZH16] designs two 6s/2p HSPM machines with a rating of 11 kW @ 

31.2 krpm for gas blower applications and 3.5 kW @ 45 krpm for micro-organic Rankine cycle 

(ORC) power plants, respectively. Meanwhile, a multidisciplinary design process is proposed, 

and it indicates that considering the constraints of electromagnetic, mechanical, thermal, and 

dynamic, the design of high-speed machines cannot have a single optimum solution but can 

have different solutions for different requirements. 

3) 3s/2p 

3s/2p number combination is the simplest structure for three-phase slotted HSPM machines. 

[HES87] designs a 3s/2p 10 W 150 krpm HSPM motor for a precision handpiece (or hand-tool) 

and analyses several challenges and constraints of high-speed operation. [ZHU97] designs a 

1.3 kW 20 krpm HSPM motor for a friction welding unit, and the stator iron loss is analyzed 

under different maximum stator iron flux densities and lamination materials. In [ZHU01], 
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considering the sensorless operation based on the detection of the zero-crossing of the back-

EMF waveform, the design criteria of a 1.26 kW 120 krpm 3s/2p HSPM motor is investigated. 

It shows that under the same overall size (including end-winding) and the similar efficiency, 

the motor with a lower stator iron flux density has smaller inductances and lower diode 

conduction angles, which is more suitable for high-speed sensorless operation. In [EDE01], a 

3s/2p HSPM motor is optimized by finite element method for maximum efficiency considering 

stator iron loss. [BIA05] analyses and designs two 1.0 kW, 2-pole HSPM motors with a speed 

range of 20–40 krpm. One is a 3s/2p slotted HSPM motor, and the other one is a 2-pole slotless 

HSPM motor. In [BIA04], based on the 3s/2p slotted and 2-pole slotless motors, the potentials 

and limits of low power HSPM motors are discussed in terms of electromagnetic, mechanical, 

and thermal aspects. 

However, compared with the 6s/2p PM motor, the 6s/4p, and 3s/2p PM motors have inherent 

UMF due to the diametrically asymmetric stator structure. In [PAN14], the influence of motor 

dimensions on no-load UMF is investigated, and the method of reducing the no-load UMF is 

proposed, i.e. adding extra notches in the middle of each stator tooth, Fig. 1. 12 (a). Then, in 

[MAJ18] and [MAJ19a], the extra notches are optimized to reduce the UMF considering no-

load condition, Fig. 1. 12 (b), and rotor eddy current losses of 3s/2p PM motors, respectively, 

Fig. 1. 12 (c). It shows that the rated on-load UMF is removed and the rotor losses are reduced 

significantly. However, the elimination and reduction highly depend on load conditions, and 

the electromagnetic torque is decreased slightly. 

 

(a) Extra notches for reducing the no-load UMF [PAN14] 
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(b) Extra notches for reducing the on-load 

UMF [MAJ18] 

(c) Extra notches for reducing the eddy 

current loss [MAJ19a] 

Fig. 1. 12. Extra notches for reducing no-load/on-load UMFs and rotor eddy current loss. 

4) Optimal design of slotted machines 

As mentioned before, there is no single optimum design with multidisciplinary designs, and 

thus this section only shows the optimal design in terms of electromagnetic performance.  

For high-speed slotted stator structure, the split ratio can be optimized since it affects not only 

the electromagnetic performance but also the mechanical stress of the rotor due to high rotor 

surface speed [HES87] [ZHU97] [PAN06] [WAN18]. For the maximum torque, the optimal 

split ratio depends on the remanence of the magnet (Br) and the maximum stator iron flux 

density (Bmax) [ZHU97]. For the maximum efficiency considering the stator iron loss, the 

optimal split ratio depends on the stator active length, output torque, and Bmax [EDE01]. [BIA05] 

focuses on two design variables for the maximum torque, i.e. the stator inner diameter and the 

open circuit maximum stator iron flux density. With the fixed stator outer diameter, the first 

design variable is equivalent to the split ratio. In addition, the stator thermal limitation is 

introduced to avoid the thermal issue of the stator, which means the total stator loss is restricted, 

including iron core loss and copper loss. Considering the stator iron loss and mechanical 

constraints, [WAN18] investigates the optimal split ratio of a 6s/4p HSPM motor for the 

maximum torque by the influence of air-gap length and rotor pole pairs. The results show that 

the considered mechanical constraints decrease the optimal split ratio. Furthermore, the 

limitations of stator total loss and rotor loss are considered in [MAJ19b] since the rotor losses 

in small-size HSPM motors are difficult to reduce, and the cooling capability of the rotor is 

relatively poor.  

For the minimum torque ripple and maximum efficiency, a ‘Tanguchi’ method is used in 
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[HWA14] accounting for various loss components. The ‘Tanguchi’ method is a simplified 

version of the global optimization, and different design variables with different suitable 

variation ranges are adopted. This method can avoid the calculation of maximum stator iron 

flux density but can only be used by FEM. 

B. Slotless 

The slotless stator structures with large air-gap and flux leakage have relatively small output 

torque, which is rarely seen in conventional low-speed and moderate-speed PM machines. For 

high-power, large-size HSPM machines, although the high speed can increase the power, the 

critical speed is limited by the rotor mechanical strength and dynamic characteristics. Therefore, 

the relatively large torque is required in high-power large-size HSPM machines, and thus the 

slotless stator structure is not the suitable choice. For low-power, small-size HSPM machines, 

the critical speed is higher than that of high-power, large-size HSPM machines due to smaller 

rotor diameter. Therefore, the slotless stator structures with relatively small torque can be 

accepted in low-power, small-size HSPM machines, Fig. 1. 13.  

  

(a) Air-gap windings [BIA04] (b) Toroidal windings [ZWY05] 

Fig. 1. 13. Slotless HSPM machines. 

[HES82] proposes a 2-pole slotless PM motor for speeds in excess of 100 krpm, and it is 

compared with a slotted HSPM motor with the same external size. The analysis shows that the 

slotless stator structure with a simple construction is extremely attractive, especially for ultra-

high-speed operation. The toroidal windings are employed in this slotless motor. In [WAN03], 

the multi-slot, minimal-slot, and slotless motors are discussed. It shows that compared with the 

slotted motor, the slotless motor has a smaller Bg due to larger flux leakage and lower rotor loss 

due to the uniform air gap. To compensate for the reduction of flux density, the stator active 

length of the slotless motor is relatively long.  
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The comparison in [HES82] and [WAN03] mainly focuses on electromagnetic performance. 

However, in [BIA04] and [BIA05], the comparison of a 3s/2p slotted HSPM motor and a 2-

pole slotless HSPM motor includes electromagnetic performance, temperature distribution, 

mechanical stress, and PM demagnetization. The results show that for slotless motors, the 

effect of armature reaction is restricted, and the PM demagnetization is avoided due to the 

reduced rotor eddy current loss.  

[GIL17] compares a 6s/4p HSPM motor and a 2-pole slotless motor for the reduction of noise 

emissions. It shows that the slotless motor has 38% smaller open-circuit power loss and 12dB 

lower noise due to significantly less armature reaction.  

In literature, the slotless stator structure is popular for ultra-high-speed applications, such as 

1200 krpm microsize machines [ISM18], 1000 krpm starter of gas turbine [ZWY09], 500 krpm 

mesoscale gas turbines [ZWY05] [LUO09], 400 krpm centrifugal compressor [BUR19] 

[AHN17]. Most importantly, the slotless stator may be the only solution for micro-scale HSPM 

machines. [SCH17] presents a millimeter-scale 2-pole slotless bearingless HSPM motor with 

a rated speed of 160 krpm for electrical drive systems. The measured overall motor losses at 

160 krpm are below 1W and the measured temperature below 45°C.  

The 2-pole slotless UHSPM motors are designed and optimized for the minimum power losses 

by analytical methods in [LUO09], [PFI10], and [BUR19]. However, their constraints are 

different, the Bmax in [LUO09], the dimensions of the rotor in [PFI10], and the Jmax in [BUR19]. 

C. Summary 

In this section, the applications, advantages, and disadvantages of slotted and slotless stator 

structures are summarised in Table 1. 3. The main consideration for the selection of slotted or 

slotless stator structures is the requirement of large torque, low rotor loss, or ultra-high-speed, 

respectively. In this thesis, the UHSPM motor is designed for a vacuum cleaner application, 

which has an extra torque requirement due to the drag force of the blades. Therefore, the slotted 

stator structure is a more suitable solution. 
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Table 1. 3 

Applications, Advantages, and Disadvantages of Slotted and Slotless Stator Structures 

 Slotted Slotless 

Application 

 All power classes and size 

levels, except millimeter-scale 

 Especially for large torque 

requirement 

 Low power and small size 

 Especially for low rotor loss 

requirement 

 Ultra-high-speed application 

Advantages 

 Large air-gap flux density 

 High overall thermal heat 

transfer coefficient, with 

forced-air cooling 

 Small current density or short 

stator active length 

 Simple stator structure 

 Uniform air-gap distribution 

 Low rotor loss without slotting 

effect 

 Less PM demagnetization 

 Small windage loss 

 Low vibration and noise 

Disadvantages 

 Large rotor loss due to slotting 

effect and large armature 

reaction harmonics 

 PM demagnetization 

 With special slot/pole number 

combination, e.g. 3s/2p, UMF 

exists 

 Small air-gap flux density 

 Low output torque 

 Large AC winding copper loss 

 Poor overall thermal heat 

transfer  

1.3.2. Winding Configurations 

With slotted and slotless stator structures, various winding configurations can be combined for 

different applications. In general, the winding configuration can be divided into overlapping 

and non-overlapping windings, which have a close relationship with the winding factor, end-

winding length, and motor axial length. 

A. Overlapping winding 

For integer-slot motor, the overlapping winding includes full-pitched and short-pitched 

windings according to the coil span angle (θs), i.e. θs = elec. deg. and θs ˂  elec. deg., 
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respectively. When the coil span angle equals to the pole pitch, i.e. full-pitched winding, the 

winding factor (kw) is equal to the distribution factor (kdk), which can be calculated by (1.2). 

When the coil span angle is less than the pole pitch (kpk), i.e. short-pitched winding, the winding 

factor is equal to the product of distribution factor and pitch factor, which can be calculated by 

(1.3). 
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where k is the harmonic order, mw is the number of full-pitch coils connected in series, σ is the 

electrical angle between adjacent full-pitch coils, αs is the shortened angle of the span angle of 

a coil compared with the pole pitch. 

1) Slotted motor 

In high-power multi-slot (˃ 6-slot) HSPM machines, the full-pitched overlapping winding is 

widely employed, Fig. 1. 14 (a), [BEN18] [BER16] [DON16c] [FOD14] [HON09] [HON18] 

[HUA16b] [HUY15] [JAN07] [MUN10] [ZHA15e] [ZHA17a]. Although the full-pitched 

overlapping winding has a long end-winding length and axial length, the output torque is 

usually large since the winding factor is ‘1’. 

In [JAN11b], a 36s/6p 30kW 20 krpm high-speed interior permanent magnet machine employs 

a 5/6 short-pitched overlapping winding to reduce the space harmonic components of 

magnetomotive force (MMF) and minimize the rotor loss. However, the decreased winding 

factor (from 0.966 to 0.933) results in the reduction of the fundamental component and output 

torque. [HES82] [HON09] also employs 5/6 short-pitched windings for a 12s/2p HSPM motor 

to reduce the rotor loss, Fig. 1. 14 (b). In [XUE12], a 24s/2p HSPM motor with 4 slot-pitch 

windings, i.e. 4/12 short-pitched windings, is designed and analyzed. The 4/12 short-pitched 

windings can not only reduce the rotor loss but also decrease the end-winding length in axial 

direction, while the winding factor is only ‘0.48’.  

For low-power minimal-slot HSPM machines, the full-pitched overlapping winding can only 
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be used in 6-slot motors. In general, the 6s/2p low-power small-size HSPM motor with full-

pitched overlapping windings has long end-winding length and axial length, which leads to 

long motor axial length, low torque density, and low rotor mechanical natural frequency. In 

[ZHO07], the 3s/2p HSPM motor with concentrated non-overlapping windings and two 6s/2p 

HSPM motors with full-pitched overlapping and concentrated non-overlapping windings are 

compared for the rotor loss. With sine-wave currents and unmagnetized magnets, i.e. only 

considering stator MMF space harmonics, the 3s/2p motor has the largest rotor eddy current 

loss, and two 6s/2p motors have almost the same rotor loss. The influence of full-pitched 

overlapping and concentrated non-overlapping windings under on-load condition is not 

discussed, which will be investigated in this thesis. 

For 6s/2p HSPM motors, 3 slot-pitch (full-pitched) windings [WAN03] [ZHO07] and 1 slot-

pitch (concentrated) windings [OYA03] [SHI04] [NOG05] have been employed for high-speed 

applications, Figs. 1. 15 (a) and (c). However, 2 slot-pitch (short-pitched) winding is attractive 

for improving the power density since it has a good trade-off between winding factor and end-

winding axial length, which will be the main research of this thesis, Fig. 1. 15 (b). 

  

(a) Full-pitched [HON18] (b) 5/6 short-pitched [HES82] 

Fig. 1. 14. Full-pitched and short-pitched overlapping windings for 12s/2p HSPM 

machines. 
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(a) 1 slot-pitch winding [NOG05] (b) 2 slot-pitch winding, MA 

  

(b) 2 slot-pitch winding, MB  (c) 3 slot-pitch winding [WAN03] 

Fig. 1. 15. 6s/2p HSPM motors with 1, 2, and 3 slot-pitch windings. 

2) Slotless motor 

For slotless HSPM machines, the overlapping winding is widely employed since the large 

winding factor can compensate for the low flux linkage caused by large air-gap, Fig. 1.16 (a), 

[CHE99] [BIA04] [BIA05] [WAL09] [CHE09] [KOL13] [AHN17]. 

  

(a) Full-pitched [BIA04] (b) Short-pitched [ZHE05] 

Fig. 1. 16. 2-pole slotless HSPM motors with different winding configurations. 
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[CHE99] compares the overlapping and non-overlapping windings for slotless PM brushless 

motors. It shows that the conventional overlapping windings can offer large power density and 

are more suitable for medium and large motors where the power density is an important criteria. 

However, it also points out that the overlapping windings may be difficult to wind, and their 

relatively long end-winding may not be acceptable for high-speed applications. [WAL09] 

designs a 2-pole slotless HSPM motor for hand-tool applications. With full-pitched 

overlapping windings, the axial leakage is analyzed by a 2-D analytical model and a 3-D FE 

model. It shows that at the axial ends of the motor, the reduction of flux density is substantial, 

but that in back-EMF is minor due to the motor dimensions for hand-tool applications. In 

[LUO09], a 100W 500 krpm slotless HSPM machine adopts full-pitched overlapping windings, 

and its winding factor is calculated by 

6
sin

6
wk





 
  

 
 (1.4) 

Compared with the slotted motor with full-pitched overlapping windings, i.e. kw=1, the slotless 

motor with full-pitched overlapping windings has a relatively lower winding factor, i.e. 

kw=0.955. 

However, although the full-pitched overlapping winding has a large winding factor, the long 

end-winding length and axial length may decrease the torque density, increase the copper loss, 

and reduce the rotor mechanical natural frequency. Therefore, the short-pitched overlapping 

winding with a relatively large winding factor and relatively short end-winding axial length is 

attractive for improving torque density. In [ZHE05] and [ZHA07], a 2-pole slotless UHSPM 

motor with a rating of 2 kW @ 200 krpm is designed for cryogenic compressor applications. 

The motor employs 15/18 short-pitched overlapping windings to reduce the end-winding 

length and copper loss, Fig. 1. 16 (b). 

B. Non-overlapping winding 

In this section, different non-overlapping winding configurations are discussed, including 

concentrated windings, toroidal windings, and skewed slotless windings.  

1) Slotted motor 

In high-power multi-slot (˃6-slot) HSPM machines with 2-/4-pole rotors, the concentrated 

winding results in a low winding factor. Take 2-pole motors with 12-/18-/24-slot as examples. 
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The fundamental winding factors of three motors with full-pitched overlapping windings are 

0.966, 0.960, and 0.958, respectively, while those of three motors with concentrated windings 

are 0.5, 0.5, and 0.5, respectively. Therefore, the concentrated non-overlapping winding is not 

desirable for high-power multi-slot HSPM machines. 

Compared with full-pitched overlapping windings, toroidal windings with the same winding 

factor have shorter end-winding axial length, which improves the rotor stiffness and avoids 

rotor dynamic issues. More importantly, the airspace of outside slots can be used as cooling 

channels, which increases the motor cooling capability. Therefore, the toroidal winding 

replaces the overlapping winding in high-power multi-slot HSPM machines to reduce the end-

winding axial length [DON14] [CHE11] [WAN09]. However, the outside conductors of 

toroidal windings cannot produce the back-EMF but can be a part of the end-winding length 

and consequently increase the copper loss. In addition, the flux leakage caused by outside 

conductors leads to eddy current loss in the motor frame [BOR14], which may account for 

about 50% of overall losses in a particular design and decreases the motor efficiency. Although 

the heat dissipation in the frame is not difficult, the eddy current loss in the frame caused by 

toroidal windings decreases the efficiency and should be paid attention in design. 

In [WAN09] and [XIN10], the windage losses and anti-demagnetization of the 75 kW 60 krpm 

24s/2p HSPM motor with toroidal windings are studied by 3D FE method, Fig. 1. 17. The 

predicted windage losses and rotor temperature are verified by the measured results. It also 

shows that the toroidal winding can reduce windage loss, which has a close relationship with 

the rotor axial length. For anti-demagnetization of PM, i.e. protecting the PM from overheating 

demagnetization, two strategies can be employed, one is the reduction of rotor losses, and the 

other one is the improvement of the cooling condition of rotor. In [XIN10], a 24-slot stator 

structure is employed to reduce the rotor eddy current loss and a low roughness height of rotor 

surface is used to decrease the air friction loss of rotor. In addition, the stator core with outer 

and inner cooling vents can improve the cooling condition of rotor and reduce the maximum 

temperature of PM. [CHE11] proposes a design method of HSPM machines considering 

electromagnetic performance, mechanical strength, rotor dynamic characteristics, and 

temperature distributions. Then, a 15 kW 30 krpm 24s/2p HSPM machine with toroidal 

windings is designed and prototyped. [DON14] designs a 24s/2p air-cooled HSPM motor with 

Gramme ring windings, i.e. toroidal windings. The electromagnetic performance is analyzed 

by the FEA model, and the thermal properties with air-cooling are analyzed by computational 

fluid dynamic (CFD) thermal model and LPTN model. By optimising the stator dimensions, 
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especially outer slot, the loss density is reduced, and cooling capability is improved [DON14a]. 

 

Fig. 1. 17. 24s/2p HSPM motor with toroidal windings. 

Therefore, in multi-slot HSPM machines, toroidal windings are more suitable than 

concentrated non-overlapping windings. However, both toroidal windings [WAN03] [XU20] 

[FER20] and concentrated windings [NOG09] [GIL15] [GIL16] [HON13] [LIM17] [MAJ19b] 

[NIU12] [UZH16] [NOG07] [SHI04] [OYA03] [WAN10K] [ZHO06] are widely used in 6-

slot HSPM machines, Fig. 1. 18. [UZH16] shows that although the fundamental winding factor 

of the concentrated winding is ‘0.5’, doubling the number of turns may not lead to large copper 

loss compared with the long end-winding of the full-pitched overlapping winding. In addition, 

the short end-winding axial length of the concentrated non-overlapping winding leads to the 

short rotor axial length, which increases the first mechanical natural frequency and critical 

speed of the rotor.  

  

(a) Concentrated winding [NOG05] (b) Toroidal winding [XU20] 

Fig. 1. 18. Different non-overlapping windings. 
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In 3s/2p HSPM motors, the concentrated winding is a conventional winding configuration 

[BIA05] [BIA04] [EDE01] [HES87] [HWA14] [KRA17] [ZHU01] [ZHU97], while the 

toroidal winding is rarely mentioned. [XU20] analyses the electromagnetic performance of 2-

pole HSPM motors with toroidal windings and different slot numbers, including 3-slot, 6-slot, 

9-slot, and 12-slot. It shows that compared with concentrated windings (kw=0.866), toroidal 

windings result in a smaller winding factor for 3s/2p motor (kw=0.5). In addition, the 3s/2p 

motor with toroidal windings cannot eliminate the 3rd harmonic in the flux linkage waveform 

caused by the associated 3rd air-gap field harmonic or local magnetic saturation. However, the 

corresponding 3rd harmonic will disappear in the line back-EMF waveform and has no 

influence on the torque. Therefore, in 3s/2p HSPM motors, the concentrated winding is a better 

solution than the toroidal winding with a smaller winding factor.  

2) Slotless motor 

In slotless motors, three non-overlapping winding configurations can be used [CHE98] 

[CHE99], such as concentrated windings [BUR19], toroidal windings [ZWY05] [BOR14], 

skewed slotless windings [MAX] [JUM16a] [JUM16b], Fig. 1. 19. 

In [HES82], a multilayer basket winding, i.e. skewed slotless winding, and a ring winding, i.e. 

toroidal winding, are compared for a 50 W 150 krpm slotless HSPM motor. It shows that the 

skewed slotless winding has almost no end-windings and all conductors are in the air-gap and 

magnetic field caused by PMs, which means the winding axial length is almost the same as the 

stator active length. However, this kind of winding with a relatively complex structure requires 

specialist equipment and a special manufacturing process. In literature, there are three skewed 

slotless winding configurations, i.e. helical windings, rhombic windings, and diamond 

windings, Fig. 1. 20, [KEN85] [MAX] [JUM16b]. [LOO10] investigates the 3D torques and 

forces of two skewed slotless winding configurations, i.e. helical windings and rhombic 

windings, and their potential for high-speed applications is also analyzed. For skewed slotless 

windings, three-phase coils are overlapped radially, which increases the winding thickness in 

the air-gap, but almost no end-winding, which decreases the rotor axial length and increases 

the rotor mechanical natural frequency. However, since the coil is skewed by π elec. deg., the 

current direction is not ideal and may lead to extra undesired transverse torque and force. 



35 
 

  

(a) Concentrated winding [CHE99] 

[BUR19] 

(b) Toroidal winding  [CHE98][ZWY05] 

 

(c) Skewed slotless winding [KEN85] [MAX] 

Fig. 1. 19. 2-pole slotless HSPM motors with different non-overlapping windings. 

   

(a) Helical (b) Rhombic (c) Diamond 

Fig. 1. 20. Three skewed slotless winding configurations [JUM14].  

By 2D and 3D analytical and FE models, [JUM14] compares three slotless winding 

configurations in a 2-pole slotless HSPM machine, such as concentrated windings, toroidal 
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windings, and helical windings. The results show that with the same power and phase current, 

the motor with concentrated windings has the highest rotor loss due to the 3-coil rotational 

asymmetric winding distribution, and the motors with helical and toroidal windings have 

almost the same rotor loss. Although with higher rotor loss, the non-overlapping windings with 

3 coils per 2 poles are employed in a 2-pole 400 krpm slotless HSPM motor due to their 

simplicity [BUR19]. [CHE98] and [CHE99] review the winding topologies for slotless PM 

machines and investigate the influence of winding topologies on the optimal design. It shows 

that the winding configurations slightly affect the optimal ratio of magnet thickness to winding 

thickness for minimum copper loss, since it only changes the coefficient in the calculation of 

copper loss. Several slotless motors with toroidal windings have been mentioned before and 

are widely employed in UHSPM motors due to the simple winding process, short end-winding 

axial length, modular design, and improved cooling capability, such as 150 W @ 1200 krpm 

in [ISM18], 100 W @ 500 krpm in [ZWY05], 150 W @ 200 krpm in [BOR14], 15 kW @ 150 

krpm in [GIL16], and 160 krpm in [SCH17].  

C. Summary  

In this section, the applications, advantages, and disadvantages of overlapping and non-

overlapping are summarised in Table 1. 4. 

As mentioned before, the overlapping winding includes full-pitched and short-pitched 

windings, while the non-overlapping winding includes concentrated, toroidal, and skewed 

slotless windings. They have their own suitable stator structures and applications, which 

depend on the design requirements and motor dimensions.  

1) For high-power, multi-slot HSPM machines, overlapping winding and toroidal non-

overlapping winding are employed. The main difference between the two winding 

configurations is the end-winding axial length.  

2) For low-power minimal-slot HSPM machines, the concentrated non-overlapping 

winding is a dominant winding configuration due to short end-winding axial length. 

With the same advantage, the toroidal winding needs additional volume radially for the 

outside windings, which increases the end-winding copper loss but offers additional 

cooling channels. 

3) For slotless HSPM machines, both overlapping and non-overlapping windings are 

employed. The full-pitched overlapping winding with the largest winding factor can 

offer the maximum output torque but has the longest end-winding axial length, while 
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the short-pitched overlapping winding with a relatively small winding factor not only 

decreases the rotor losses but also improves the rotor mechanical stiffness.  

4) The toroidal non-overlapping winding with short end-winding axial length and the 

simple winding process is popular for slotless stator applications. 

5) The skewed slotless winding, i.e. helical, rhombic, and diamond windings, with 

compact structure, self-support construction, and no end-winding, is an attractive 

solution for slotless HSPM motors. However, the non-idealized skewed current 

direction leads to undesirable torque and force. In addition, the skewed slotless winding 

needs a 3D model to analyse and requires a special manufacturing process. 
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Table 1. 4 

Applications, Advantages, and Disadvantages of Overlapping and Non-overlapping Windings 

 Overlapping Non-overlapping 

Full-pitched Short-pitched Concentrated Toroidal Skewed 

Applications 

Multi-slot; Slotless Multi-slot; Slotless 

Multi-slot; 

Minimal-slot; 

Slotless 

Multi-slot; Minimal-

slot; Slotless 
Slotless 

Advantages  Large winding 

factor 

 Large torque 

 High torque density 

 Relatively large 

winding factor 

 Reduced space 

harmonic and rotor 

losses. 

 Less copper loss 

 Short end-

winding length 

and axial 

length  

 Low copper 

loss 

 Modular design  

 Short end-winding 

length and axial 

length 

 Improved cooling 

capability 

 Modular design  

 Almost no end-

winding 

 Self-support 

structure 

Disadvantages  Long end-winding 

length and axial 

length 

 Long rotor shaft 

axial length 

 Low rotor 

mechanical nature 

frequency 

 Large copper loss 

 Similar to full-pitched 

windings 

 Low winding 

factor 

 Low torque 

 Large rotor loss 

 Low winding 

factor 

 Large copper loss 

 Frame loss due to 

external leakage of 

outer slot windings 

 Complex structure 

 Undesired axial 

torque and force 
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1.4. Rotor Structures 

In general, HSPM machines mainly employ three various rotor structures, i.e. IPM, SPM, and 

solid PM, Fig. 1. 21. Those rotor designs affect the electromagnetic performance, thermal 

aspect, mechanical strength, and dynamic characteristic of HSPM machines. 

 

(a) IPM [BIN06] 

 

(b) SPM [BIN06] 

 

(c) Solid PM [HES97] 

Fig. 1. 21. High-speed PM machines with IPM, SPM, and solid PM rotor structures. 

1.4.1 IPM  

In conventional PM machines, IPM rotor structure can offer reluctance torque and reduction of 

PM amount. The limitation is the contradiction between the rotor flux leakage and the stress of 

IPM rotor iron bridges [BIN06] [DON16c].  

Although the solid steel rotor may be used to withstand high centrifugal force due to high rotor 
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surface speed, the edges of magnets and rotor slots suffer high mechanical stress, which may 

destroy the PMs and rotor iron core [MIR08] [DON16c]. Therefore, the mechanical stress in 

high-speed IPM machines should be computed carefully. [HIP92] proposes an IPM rotor 

design for a 24s/4p HSPM machine, which consists of a solid steel rotor, four rectangular 

samarium-cobalt magnets, and four flux barriers to reduce the leakage flux. The optimized 

rotor structure can operate at 40 krpm considering mechanical constraints. [BIN06] compares 

two 40 kW, 40 krpm high-speed machines with SPM and IPM rotor constructions. Fig. 1. 21.  

For IPM rotors, the magnets are inserted into the rotor slots without interference fit and no 

prestress between the rotor iron and magnets. Therefore, during high-speed operation, the outer 

iron bridge suffers not only its own centrifugal forces but also the force from the magnet. In 

addition, compared with SPM, the magnets are distributed unevenly in radial direction in the 

rotor, leading to local peak stress in the irons at the edges of rotor slots. Therefore, the critical 

speed of the IPM machine is limited by mechanical stress and is far less than that of the SPM 

machine if it has a carbon-fibre retaining sleeve. To reduce the PM volume and save the cost, 

[MIR08] analyses one SPM rotor and two IPM rotor constructions for high-speed applications. 

With the same speed (15 krpm) and torque (7.5 Nm), the IPM rotor with two-layer magnets 

has a larger reduction of PM volume and a higher safety factor for mechanical stress compared 

with the IPM rotor with one layer magnet. 

In [DON16c], two 24s/4p HSPM motors with SPM and IPM rotor structures are compared with 

a rating of 140 kW @ 24 krpm and the same key dimensions, Fig. 1. 22. Both of them are not 

the conventional SPM and IPM rotors, the compared SPM rotor having four bread-shape 

magnets and four inter-pole fillets, which are bandaged by an alloy sleeve (Inconel 718) to 

withstand the centrifugal force, while the compared IPM rotor having a spoke-type IPM rotor 

with the C-shaped iron laminations and trapezoidal PMs. The results show that the SPM rotor 

structure has higher mechanical strength and efficiency, but the IPM rotor can offer a relatively 

low cost.  
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(a) SPM (b) Spoke-type IPM 

Fig. 1. 22. High-speed PM machines with SPM and spoke-type IPM rotor structures 

[DON16c]. 

In literature, several methods have been proposed in IPM rotor structures to improve the 

mechanical strength for high-speed applications. In [ZHA15d], a retaining shield rotor 

construction is proposed to improve the mechanical strength of high-speed IPM rotors. This 

novel rotor structure is a combination of silicon-steel sheet and stainless-steel plate, Fig. 1. 23. 

The former with a small flux iron bridge can reduce the flux leakage, and the latter with large 

tensile yield strength can withstand the centrifugal forces. The research focuses on the 

influence of the axial proportions of stainless-steel plates on the mechanical stress and 

electromagnetic performance, especially on the torque and rotor losses, and a trade-off should 

be satisfied.  

[ARU16] employs solid semi-magnetic stainless steel to improve the mechanical strength of 

the high-speed IPM rotor rather than the combination of silicon-steel and stainless-steel in 

[ZHA15d]. Without rotor lamination, the large rotor loss is a challenge for solid rotor design, 

and thus the axially segmented and circumferentially slitted solid rotors for reducing the rotor 

losses are proposed, optimized, and compared in [ARU16]. The results show that with the same 

condition, the circumferentially slitted rotor structure has significantly smaller eddy current 

loss than the axially segmented solid rotor. In addition, for a 2-pole rotor, [HON97] employs 

the 6 iron ribs between magnets to reduce the rotor maximum stress and protect the rotor core 

and magnets, Fig. 1. 24. Meanwhile, the radial, Halbach, and parallel magnetized rotors are 

compared in a 36s/2p high-speed IPM machine. The results show that the Halbach magnet 

array can not only produce the sinusoidal air-gap flux density waveform but also reduce the 

torque ripple and roughly remain the output torque. 
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(a) Retaining shield rotor construction 

  

(b) Silicon-steel (c) Stainless-steel 

Fig. 1. 23. A retaining shield rotor construction for high-speed IPM machines [ZHA15d]. 

 

Fig. 1. 24. 2-pole rotor structure with 6 iron ribs between magnets [HON97]. 

  



43 
 

1.4.2 SPM 

As mentioned before, compared with IPM rotor constructions, the SPM rotor constructions 

with retaining sleeves have better mechanical strength and higher critical speed. In general, the 

SPM rotor design for high-speed applications mainly focuses on the trade-offs of 

electromagnetic performance and mechanical, thermal, and dynamic constrains. 

A. Sleeve design 

For high-speed applications, the sleeve is the most important part and has a close relationship 

with motor performance. Firstly, although the increased sleeve thickness improves mechanical 

strength, the increased effective air-gap length leads to the decrease of Bg and output torque 

due to non-magnetic material sleeve. Secondly, non-conductivity material sleeves with high 

mechanical strength have higher critical speed. However, their low thermal conductivity may 

lead to high maximum temperature concentration in the rotor and thus increase the 

demagnetization risk. Therefore, the sleeve thickness and sleeve material are widely researched 

in the rotor design for HSPM machines.  

[LIW14] compares 36s/2p HSPM machines with different sleeve materials for a 117 kW 60 

krpm micro gas turbine application, such as stainless steel, carbon fibre, copper iron alloy, and 

copper. The comparison focuses on the electromagnetic performance and temperature 

distribution. The results show that the copper iron alloy sleeve increases the flux leakage, and 

three non-magnetic sleeves have the same flux linkage. More importantly, although the rotor 

with a carbon-fibre sleeve has the smallest rotor losses, the rotor with a copper sleeve has the 

lowest maximum temperature due to high thermal conductivity and relatively small eddy 

current losses. In [BIN06], the carbon fibre and glass fibre sleeves for SPM high-speed motors 

are compared. It shows that the glass fibre sleeve cannot withstand the centrifugal force when 

the rotor surface speed is larger than 150m/s, and the carbon fibre sleeve can allow higher 

critical speed. With different materials of magnets and sleeves, the rotor mechanical stress is 

computed by the analytical model and verified by the FEM model in [DAM16]. The results 

show that the combination of Titanium sleeve and NdFeB magnet has high mechanical strength. 

Apart from the sleeve material, the sleeve shape can also be designed to reduce the rotor loss. 

[SHE13] proposes a new sleeve design, i.e. grooving retaining sleeve, Fig. 1. 25. The 

circumferential, axial, and comprehensive grooves are compared, and the results show that the 

Titanium sleeve with circumferential grooving has the lowest eddy current losses and the 
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smallest maximum stress in the sleeve. In [JUN15], a new sleeve design is employed for sleeve 

loss reduction by decreasing the sleeve volume and splitting the eddy current loop, Fig. 1. 26. 

However, the mechanical stress is significantly reduced and should be checked carefully.  

  

(a) Axially grooving (b) Circumferentially grooving 

Fig. 1. 25. Sleeve design with axial and circumferential groovings [SHE13]. 

 

Fig. 1. 26. A new sleeve design for reducing eddy current loss [JUN15]. 

In [ZHO06], a copper shield between the retaining sleeve and magnets is employed to reduce 

the total rotor eddy currents due to the shielding effect, which is proposed by [VEE97]. The 

results show that with the increase of shield thickness, the total rotor loss decreases due to 

stronger shielding effect. In addition, according to the thermal analysis, with a copper shield, 

the maximum rotor temperature is reduced from 240 °C to 70 °C. However, the Bg is reduced 

due to the increased effective air-gap. With the increase of the copper shield thickness, the 

sleeve loss decreases firstly and then remains almost the same since the thickness is beyond 

the skin depth of the copper shield [SHA09]. In addition, with and without copper shield, the 

effect of sleeve axial segmentation on sleeve losses is investigated. The results show that the 

sleeve without segment and with a copper shield is the most effective solution to reduce sleeve 

losses. [FAN17] employs a radial multilayer sleeve to decrease the rotor losses and PM 

temperature under the same output performance and mechanical strength. [ZHA15a] proposes 

a hybrid protective measure consists of Titanium alloy and carbon fibre. The Titanium alloy 
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shield can not only improve the mechanical strength but also reduce the losses of the carbon 

fibre sleeve and magnets. Although large losses exist in the Titanium alloy shield, the 

maximum temperature of the sleeve with Titanium alloy is almost the same as that of the sleeve 

without Titanium alloy due to the high thermal conductivity of the Titanium alloy shield.  

B. Pole arc to pole pitch 

[ZHA16a] investigates the influence of the ratio of pole arc to pole pitch, i.e. pole arc 

coefficient (αp), on electromagnetic performance. With the increase of pole arc coefficient, the 

PM loss, cogging torque, and no-load current increase [ZHA17a]. The increased pole arc 

coefficient results in the increased magnetic flux and the decreased stator active length for the 

same back-EMF. Therefore, a trade-off should be satisfied based on the requirements.  

When the pole arc coefficient is less than ‘1’, the inter-pole air-gap exists, Fig. 1. 27 (a), which 

may lead to large local stress in the sleeve due to the uneven distribution of magnets [BEN18]. 

Therefore, [ZHA15a] compares different materials of inter-pole filler to reduce the sleeve stress 

and improve the rotor stiffness, Fig. 1. 27 (b), such as plastics, carbon fibre, and Titanium alloy. 

In [BEN18], the materials of inter-pole filler are PMs, i.e. αp=1, air, glass fibre, and iron. The 

results show that the Titanium alloy and iron inter-pole fillers have the lowest sleeve stress. 

However, the high electrical conductivities of Titanium alloy and iron inter-pole fillers result 

in high rotor eddy current losses. Therefore, [ZHA15a] [ZHA16a] employs non-magnetic non-

conductive plastics inter-pole filler and [BEN18] [BIN06] [LIW14] [WAN21] adopt SPM 

without pole gap, i.e. αp=1, for their different design requirements. In addition, the iron inter-

pole filler, i.e. the inter-PM rotor, is employed by [DON16c] and [JAS17]. It is worth noting 

that without pole gap, [WAN21] analyses the rotor stress for a HSPM motor with segmented 

magnets retained by a carbon-fibre sleeve. It shows that magnet edging effect caused by 

segmentation leads to sleeve stress concentration but reduces the magnet tangential stress, and 

thus the number of PM segments should be optimized to avoid stress concentration. 
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(a) Magnets with air pole gap  

[ZHA15a] 

(b) Segmented magnets with pole filler 

[BEN18]  

Fig. 1. 27. Two SPM rotor structures with different pole gap materials. 

1.4.3 Solid PM 

There are two solid PM rotor structures, i.e. solid PM with sleeve and solid PM with hollow 

shaft. The mechanical stress is the design consideration of solid PM rotor structure. 

A. Solid PM with sleeve 

The solid PM with sleeve is widely employed in the HSPM motors with small size rotor 

[HES87] [ZWY05] [CHE11] [AHN18]. In [WAN03], the 2-pole solid PM is used and 

magnetized in whole, leading to the symmetry of mechanical strength and electromagnetic 

performance. In addition, the solid PM is segmented axially to reduce the rotor loss and 

simplify the assembly process of magnets. Meanwhile, the high rotor mechanical strength and 

electromagnetic performance are remained [CHE11]. [AHN18] compares different materials 

of magnets and sleeves for a 500 W 400 krpm 2-pole slotless HSPM motor with a solid PM 

rotor. The magnet materials are NdFeB and Sm2Co17, and the sleeve materials include 

Titanium alloy, SUS304, Inconel718, and carbon fiber. The results show that the combination 

of Inconel718 sleeve and NdFeB (N42SH) magnet has high mechanical strength and the largest 

rotor dynamic safety factor. In addition, the SUS304 sleeve is the worst since it cannot meet 

the mechanical stress requirement. 

B. Solid PM with hollow shaft 

In [ZHE05], a 2 kW 200 krpm slotless HSPM motor is designed for a centrifugal compressor 

drive application. This design employs a solid PM rotor structure, and the magnets are located 

inside a hollow shaft (Titanium), Fig. 1. 28 (a). This rotor structure can improve the rotor 

stiffness and significantly increase the first critical speed. [HUY15] modifies the equation of 

natural frequency calculation considering the solid PM with hollow shaft, and the analytical 
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prediction shows that the first natural frequency is well above the rated operation frequency. 

[LIU18b] proposes a novel solid PM rotor design with a hollow shaft, which consists of an 

amorphous rotor core, solid PM, and a hollow shaft, Fig. 1. 28 (b). It should be noticed that 

epoxy is employed in the gaps between PMs and rotor core to improve the rotor mechanical 

strength. The advantage of the novel rotor structure is that since the PM is inserted into the 

rotor core, the manufacture and assembly are simple. However, this rotor structure will lead to 

large shaft loss, which may increase the rotor temperature and demagnetization risk.  

  

(a) Conventional hollow shaft [ZHE05] (b) Novel hollow shaft [LIU18b] 

Fig. 1. 28. Solid PM with hollow shaft rotor structure.  

1.4.4 Summary 

In this section, the applications, advantages, and disadvantages of IPM, SPM, and solid PM 

rotor structures are summarised in Table 1. 5. The selection of rotor structure depends on the 

constraints of mechanical stress and motor size. In general, the solid PM rotor structure has the 

highest mechanical strength, and the IPM rotor structure has the lowest mechanical strength, 

while the cost is the lowest. The SPM with sleeve rotor structure has a better trade-off between 

electromagnetic performance and mechanical stress, which is widely employed in HSPM 

machines and is also selected in this thesis.  
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Table 1. 5 

Applications, Advantages, and Disadvantages of Different Rotor Structures 

 IPM SPM Solid PM 

Application 

 Large torque 

requirement 

 Low cost 

requirement 

 All HSPM 

machines 

 Ultra-high-speed 

PM machines 

 Small size rotor 

Advantages 

 Large output 

torque 

 Low cost 

 High mechanical 

strength 

 High critical speed 

 Low rotor loss 

 High mechanical 

strength 

 Ultra-high critical 

speed 

 Simple structure 

for small size rotor 

Disadvantages 

 Low mechanical 

strength 

 Low critical speed 

 Large rotor loss 

with solid rotor 

 Low thermal 

conductive sleeves 

lead to high 

temperature 

 Demagnetization 

risk  

 High cost 

 Large effective 

air-gap  

1.5. Parasitic Effect 

The high-speed operation results in an increased number of parasitic effects which do not exist 

or are not important in the low-speed and moderate-speed operation, such as stator iron loss, 

AC copper loss, rotor loss, windage loss, rotor dynamic characteristic, rotor vibration, and 

thermal aspect.  

1.5.1 Stator Iron Loss 

Compared with low-/moderate-speed conventional machines, the stator iron loss becomes the 

dominant loss in HSPM machines. Therefore, the calculation of stator iron loss should be 

included in the analysis and design of high-speed machines. In general, the Bertotti model 

[BER88] is employed in the analytical computation of stator iron loss. There are three losses 
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included in the classic Bertotti model, namely, hysteresis loss (Ph), eddy current loss (Pe), and 

anomalous loss (Pa), as shown by 

2 2 2 1.5 1.5

fe h e a h m e m a mp p p p k fB k f B k f B       (1.5) 

In this thesis, the lamination material is JFE_Steel_20JNEH1200, whose hysteresis (kh), eddy 

current (ke), and anomalous loss (ka) coefficients are 173.296, 0.086, and 2.068 W/m3, 

respectively. 

[ATA92] develops a method to predict the iron loss in a PM BLDC motor under on-load 

condition. It indicates that the on-load iron losses is markedly higher than open-circuit iron 

losses. In addition, [ATA93] calculates the rotational stator iron loss caused by the angle of lag 

between magnetic field strength (H) and flux density (B), i.e. non-circular flux density loci. In 

[ZHA17b], the magnetic flux variation at each point of the iron core is obtained, and meanwhile, 

the fundamental and harmonics of flux density are analyzed by Fourier analysis. Moreover, the 

additional iron loss due to rotational magnetic flux in the iron core is considered. The results 

show that for HSPM machines, the stator iron loss is affected not only by the alternating flux 

effect but also by the rotational flux effect. In [DON14a], the skin effect is considered when 

the frequency is above 2 kHz, and the accuracy of analytically predicted results is improved. 

In [BER16], the additional losses due to magnetic anomalies, manufacturing processes, and 

rotational fields are considered. 

1.5.2 AC Copper Loss 

The copper losses in HSPM machines include two basic components, DC and AC copper losses. 

The DC copper loss component has a close relationship with output torque, and its thermal 

dependence is well understood. The AC copper loss caused by the skin effect and proximity 

effect should be analyzed due to the high frequency current and large slot leakage flux in HSPM 

machines [MEL06]. 

Skin effect is a tendency for alternating current to flow mostly near the outer surface of the 

conductor. The effect becomes more and more apparent with the increase of frequency, and 

thus it should be considered in HSPM machines. Proximity effect is a tendency for alternating 

current to flow in a smaller region due to the magnetic field caused by nearby conductors. In 

general, the skin effect can be eliminated when the conductor diameter is smaller than the skin 

depth under the rated frequency. [UZH14] divides each winding turn into several parallel wires 

to reduce the diameter of each conductor and avoid the skin effect. The proximity effect can be 
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reduced by using Litz wire [TAN03], which is constructed using hundreds of small-diameter 

strands divided into many bundles. The strands in each bundle are twisted. [GIL17] measures 

the no-load power losses of the slotless HSPM machines with and without Litz wires. The 

results show that under the rated speed (75 krpm), the power loss with Litz wires is lower than 

100 W, but the power loss without Litz wires is higher than 400 W. However, the Litz wire 

also has its own drawback, such as high cost and inferior thermal performance.  

In addition, the proximity effect can also be affected by the conductor dispositions. It is found 

that the proximity effect can be significantly reduced when the conductors are located at the 

bottom of slots since the additional losses are concentrated at the conductors at the top of the 

slot due to the influence of the magnetic field caused by the PM [MEL06] [POP13]. However, 

it is worth noting that for high-speed slotless machines, the magnetic field generated by the PM 

is much larger than the field caused by the nearby conductor, and thus the proximity effect can 

be neglected [ZWY05]. 

1.5.3 Rotor Eddy Current Loss 

In HSPM machines, although rotor eddy current losses are relatively small, the poor cooling 

capability may result in overheating in the rotor and demagnetization of magnets. Therefore, 

rotor losses should be considered and reduced. In general, two factors lead to rotor losses, i.e. 

one is the space harmonics due to the armature MMF and slot opening, and the other one is the 

time harmonics of armature current caused by pulse width modulation (PWM). However, in 

HSPM machines, the large air gap reduces the effect of space harmonics, and the time 

harmonics play the dominant role in generating the rotor losses [ZHU04] [ZHO06]. 

As mentioned before, compared with 6s/2p HSPM motors, the 3s/2p HSPM motor has the 

largest rotor loss due to the space harmonics from the armature MMF, which significantly 

increases with the increases of speed. In [JUM14], the 2-pole slotless HSPM motors with 

toroidal, helical, and concentrated windings under square-/sine-waves current waveforms by 

PWM inverters are compared. The results show that machines fed by square-wave PWM 

voltage have higher rotor losses than the ones fed by sine-wave PWM voltage due to the larger 

time harmonics of armature current. In addition, slotless machines with concentrated windings 

have the largest rotor losses due to the space harmonics from the armature current.  

In [JAN04], the 24s/4p HSPM motors with Halbach and parallel magnetized rotors are 

compared in terms of rotor losses. According to the time and space harmonics analysis, the 
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motor with a Halbach magnetized rotor has smaller rotor losses than the motor with a parallel 

magnetized rotor. However, the segmentation of the Halbach magnetized rotor is not 

mentioned in this paper, which may have a significant effect on the reduction of rotor losses. 

In [MAJ17], for a 3s/2p PM motor with the constant output torque, the increased magnet 

thickness decreases the rotor loss due to the reduced phase current and armature reaction. It has 

been proved that the auxiliary slots can decrease the rotor loss in the 3s/2p PM motors 

[MAJ19a], which has been mentioned in section 1. 3. 

Except for reducing the space and time harmonics, splitting the eddy current loop is a direct 

solution to minimize the magnet and sleeve losses. Although [POL00] believes that segmenting 

the magnets is better for low speeds and [SHE13] [MAJ19b] consider that PM segmentation 

will complicate the manufacturing process and is difficult for small size rotors, several large 

size HSPM motors still employ the rotor magnet segmentation to avoid high rotor loss [GER14] 

[HUA16]. [ZHA15a] divides the PM into three segments per pole in the circumferential 

direction, and the axial segmentation of magnets is adopted in [ZHA18b]. 

1.5.4 Windage Loss 

The windage loss results from the aerodynamic loss when the rotor rotates, and it becomes 

significant with the increase of speed. In general, the rotor will be modelled as a cylinder in the 

windage loss calculation [MAC67], which is given by  

3 4

windage f air r ap C R l   (1.6) 

where ρair is the air gap density, ω is the angular speed, Rr and la are the rotor radius and length, 

respectively. Cf is the friction coefficient and is determined by the air gap structure and rotor 

surface condition. Compared with the analytical method, fluid field analysis is a more accurate 

method to calculate the windage loss since the friction coefficient is difficult to determine by 

theoretical analysis. 

[WAN09] studies the windage loss of a 24s/2p HSPM machine with a rated speed of 60 krpm 

by the 3D FEM of fluid field and experimental study. It shows that the windage loss takes a 

large part in the total losses and is larger than the core loss at the rated speed. [ZHA17b] and 

[HUA16] show that the windage losses increase with the increase of rotor speed, rotor 

roughness height, and ventilation speed (axial cooling air velocity). Therefore, it is 

advantageous to use a sleeve material with a smooth surface and employ a suitable ventilation 

speed to balance windage losses and cooling conditions. 
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1.5.5 Rotor Dynamic and Vibration 

During high-speed operation, the rotor has a great amount of rotational energy and a small 

amount of vibration energy. The purpose of rotor dynamics is to make sure the vibration energy 

is as small as possible. For high-speed machines, it is very important to accurately predict the 

natural frequency of the rotor to avoid the rated operation frequency close to the natural 

frequency. 

In [EDE02], FE analysis is used to establish the natural frequencies and dynamic models of the 

rotor. The results show that the shaft extension has a significant influence on the natural 

frequency, and in order to move rotor bending modes beyond the operating speed range, the 

shaft should be short and have a large diameter, i.e. small L/D ratio [HON18]. However, in 

[ZWY05], the length of the shaft is adjusted such that the rated speed (500 krpm, 8.333 kHz) 

falls between the second and the third bending modes. [FAN12] investigates the influence of 

rotor static eccentricity on the rotor vibration by UMF and eccentric mass force. The results 

show that the eccentric mass force leads to fundamental frequency vibration, which is the main 

source of rotor vibration. In addition, the static/dynamic rotor eccentricities have a significant 

influence on the back-EMF, cogging torque, and UMF [ZHU13] [ZHU13b] [ZHU14], which 

will be researched in this thesis. 

1.5.6 Thermal Aspect 

In high-speed machines, thermal analysis is necessary due to large motor loss and low cooling 

capability of the rotor. The computational fluid dynamics (CFD) method is adopted to calculate 

the temperature rise distributions, in which the coolant flow rate, the velocity, and the surface 

heat transfer coefficient should be determined simultaneously.  

[DON14a] optimizes the stator structure by the CFD method, and the results show that most 

axial coolant flows through the inner and outer slots while few enter the air gap. The highest 

winding temperature is found near the outlet, which is approximately 96.0 °C. The hottest spot 

occurs in the middle of the rotor, which is 125.5 °C. Since the complex modelling and meshing 

procedure requires certain skills and is quite time-consuming, a time-saving lumped-parameter 

thermal network (LPTN) linked with the CFD modelling is employed in [DON14]. In this 

hybrid method, the fluid and temperature fields are firstly evaluated by the CFD modelling, and 

then the LPTN model is created. 

1.6. Scope and Contributions 
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In this thesis, 2-pole UHSPM (180 krpm) motors with different winding configurations for 

vacuum cleaner applications are optimally designed and analyzed in terms of electromagnetic 

performance and mechanical strength. In addition, the influence of rotor eccentricity on the 

electromagnetic performance is investigated considering the unbalanced phase back-EMF 

waveforms and circulating current. 

This chapter reviews the advantages and disadvantages of various machine types for high-

speed applications. For three-phase HSPM machines, the applications and characteristics of 

different stator structures, winding configurations, and rotor constructions have been 

summarized. In addition, the parasitic effects caused by the high-speed operation have been 

discussed. For vacuum cleaner applications, the design requirements include ultra-high-speed, 

high power density, low noise, small size, and lightweight. Therefore, the 6s/2p number 

combination is selected due to no UMF, low vibration, and less rotor loss. Further, 2 slot-pitch 

winding configuration is an attractive solution for 6s/2p HSPM motors. The research scope and 

outline are shown in Fig. 1. 29, and the outline of this thesis will be presented as follow.  

Chapter 2: 6s/2p HSPM motors with different winding configurations, i.e. 1, 2, and 3 slot-

pitches, respectively, are comparatively studied. The advantages of short stator active length 

of 2 slot-pitch windings are highlighted. 

Chapter 3: 6s/2p HSPM motors with two alternate layouts of 2 slot-pitch winding 

configurations are proposed for vacuum cleaner applications. Firstly, two motors have been 

optimized considering thermal limit and allowed maximum current density. Secondly, the 

electromagnetic performances of the two motors have been analyzed. Thirdly, a 3s/2p HSPM 

motor and the proposed 6s/2p HSPM motor are compared since they have the same winding 

factor. 

Chapter 4: The influence of rotor eccentricity on the electromagnetic performances of the 2-

pole HSPM motors is investigated. Firstly, the back-EMFs, the cogging torques, the output 

torques, and the UMFs of the 3s/2p motors with static/dynamic rotor eccentricities are analyzed. 

Secondly, the 6s/2p motors with static/dynamic rotor eccentricities are analyzed and compared 

with the 3s/2p motors. 

Chapter 5: The electromagnetic performances of 6s/2p HSPM motors with circulating currents 

in parallel-connected windings due to rotor eccentricity are analyzed. Firstly, the principle of 

circulating current production is presented and the effect of rotor eccentricity ratio is considered. 
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Secondly, the effect of the no-load and on-load circulating currents in the parallel-connected 

windings at steady-state operation with rotor eccentricity is investigated. Thirdly, the 

circulating currents with DC components at the beginning of rotor eccentricity is further 

analyzed. 

Chapter 6: General conclusions the future work are described. 

 

Fig. 1. 29. Research scope and outline. 

The major contributions of the thesis include: 

1. 2 slot-pitch windings are proposed for high-speed applications in 6s/2p PM motors. Then, 

two 2 slot-pitch winding configurations with different end-winding structures have been 
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analyzed. Finally, with the same winding factor, the 3s/2p and 6s/2p HSPM motors are 

compared, and the advantages of the 2 slot-pitch windings are highlighted. 

2. Comparative study of the electromagnetic performances of 6s/2p HSPM motors with 1, 2, 

and 3 slot-pitch winding configurations, with particular emphasis on the 2 slot-pitch 

winding having the relatively large winding factor and relatively short end-winding axial 

length. In addition, the advantages of short stator active length of 2 slot-pitch windings are 

highlighted. 

3. The influence of static/dynamic rotor eccentricities on the amplitudes and phase angles of 

back-EMF waveforms in the 3s/2p HSPM motor are investigated for the first time. Further, 

the dynamic rotor eccentricity results in the asymmetric positive and negative half-periods 

of phase back-EMF waveforms in the 3s/2p HSPM motor. In addition, the influence of the 

rotor initial position in the dynamic rotor eccentricity is investigated.  

4. The electromagnetic performances of the 6s/2p HSPM motor with steady-state circulating 

currents in parallel-connected windings due to rotor static and dynamic eccentricities are 

analyzed under no-load and on-load conditions. In addition, the circulating currents with 

transient direct current (DC) components at the beginning of rotor eccentricity when it 

occurs are discussed. 
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CHAPTER 2 

COMPARATIVE STUDY OF 6-SLOT/2-POLE HIGH-SPEED PERMANENT MAGNET 

MOTORS WITH DIFFERENT WINDING CONFIGURATIONS 

PM motors with 6s/2p number combination and non-overlapping windings have been 

employed in high-speed applications due to no UMF and short end-winding. However, 

different winding configurations can be used in 6s/2p PM motors, with different winding 

factors and output torques. In this chapter, three 6s/2p HSPM motors with 1, 2, and 3 slot-pitch 

windings are optimized by the analytical method and finite element (FE) method under 

different conditions, such as a fixed current density, a fixed stator copper loss, and a fixed total 

stator loss (iron core loss and copper loss). The electromagnetic performances of the optimized 

designs are analyzed and compared, including air-gap flux density, back electromagnetic force, 

electromagnetic torque, winding inductances, and various loss components. For high-speed 

application, compared with 1 and 3 slot-pitch windings, the proposed 2 slot-pitch windings 

have a good trade-off between winding factor and end-winding axial length which are attractive 

for improved torque density. Finally, some of predictions by FEM are validated by 

experimental results. 

This chapter was published in IEEE Transactions on Industry Applications 

2.1 Introduction 

High-speed (HS) motors have been developed for a few decades and used extensively, e.g. 

centrifuge, air compressor, flywheel, turbo generator, high-speed spindle, vacuum cleaner, and 

aircraft [SHE18] [BEN18] [GER14] [BEN99]. For household appliances, low power, small 

size, and lightweight HSPM motors are preferred. In literature, the stator/rotor topologies of 

these HSPM motors mainly contain 3s/2p, 6s/2p, and 2-pole slotless types. The 3s/2p brushless 

HSPM motors are designed and analyzed for hand-tool application and a friction welding unit 

in [HES87] and [ZHU97], respectively. However, the 3s/2p combination exhibits UMF, 

leading to large vibration and noise. To reduce undesirable UMF, auxiliary slots are introduced 

to the 3s/2p PM motor in [PAN14] and [MAJ18]. However, the performance is significantly 

influenced by the load condition. [BIA05] compares 3s/2p motors with slotted and slotless 

stators. The disadvantages of slotless motors include low torque density and complex winding. 

Apart from the 3s/2p motor, the 6s/2p motor can also be used for small size and ultra-high-

speed motors with tooth-coil windings [SHI04]. In [NOG05], 3s/2p and 6s/2p motors with 
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tooth-coil windings are compared to illustrate the advantages of the 6-slot stator structure with 

same overall size. Based on the 6s/2p HSPM motor, there are various research topics, including 

magnet assembly [WAN10], rotor retaining sleeve design [ZHO06], rotor eddy current loss 

reduction [NIU12], multidisciplinary design process [UZH16], reduction of noise and vibration 

[GIL17], etc. However, the influence of winding configurations on high-speed applications of 

6s/2p PM motors has not been systematically investigated in literature. In [HE20], a 6s/2p 

HSPM motor with 2 slot-pitch windings is introduced and compared with different winding 

configurations. As an extension to [HE20], the 6s/2p HSPM motors are optimized by taking 

the iron loss into consideration and fixing the stator copper and iron losses. By using 3-D finite 

element (FE) modeling, the winding inductances of different winding configurations are 

analyzed accounting for end-windings. Finally, three prototype motors are manufactured and 

tested to verify some of the FE predicted results. 

In section 2. 2, the motor topologies, winding factors, and end-winding models of 6s/2p HSPM 

motors with 1, 2, and 3 slot-pitch windings are described. In section 2. 3, three motors are 

optimized by the analytical method and FE method for the maximum torque or torque density 

under different conditions. Section 2. 4 investigates the electromagnetic performances of three 

optimized motors with a fixed stator active length. In section 2. 5, the influence of end-winding 

on the torque and torque density with different stator active lengths is analyzed. Three 

prototype motors with different slot-pitch windings are tested to validate the FE predicted 

results in section 2. 6, and section 2. 7 is the conclusion. 

2.2 Machine Topologies  

Fig. 2. 1 (I) shows the machine topologies and winding configurations of three 6s/2p HSPM 

motors with 1, 2, and 3 slot-pitch windings, designated as M1, M2, and M3, respectively. Their 

winding configurations are described as:  

 M1 has coil pitch = 1 slot pitch (y=1) and two conductors in one slot from different 

phases and the same current polarity, Fig. 2. 1(a); 

 M2 has coil pitch = 2 slot pitches (y=2) and two conductors in one slot from different 

phases and opposite current polarity, Fig. 2. 1(b); 

 M3 has coil pitch = 3 slot pitches (y=3) and two conductors in one slot with the same 

phase and same current polarity, Fig. 2. 1(c). 

Their basic parameters are given in Table 2.1. PMs with parallel magnetization and a magnetic 
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rotor shaft are adopted to produce a sinusoidal air-gap field distribution [NGK96]. A stainless-

steel sleeve is employed to retain the PMs from centrifugal force. In general, three phase 120 º 

electric square wave current waveforms are employed for high-speed application. The slot-

pitch mainly affects winding factor and end-windings, which will be analyzed in this part. 

2.2.1 Winding Factor 

Although with different slot-pitch windings, all of three 6s/2p HSPM motors employ 

concentrated windings, and thus their distribution factors are 1. Hence, their winding factors 

(kw) are equal to the pitch factors (kp), which can be calculated by 

cos
2

pk
 

  
 

 (2.1) 

where α is the electric degree of the shortened coil span angle. For the motor with full-pitch 

windings, i.e. 3 slot-pitch windings, the shortened coil span angle is 0°, and the pitch factor is 

1. For the motors with short-pitch windings, i.e. 1 and 2 slot-pitch windings, the shortened coil 

span angles are 120° and 60°, and thus their pitch factors are 0.5 and 0.866, respectively. 

 

 

(a) M1 (1 slot-pitch) 

 

 

(b) M2 (2 slot-pitch) 

End-winding
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End-winding

Arc-1



59 
 

 

 

(c) M3 (3 slot-pitch) 

(I). Motor topologies (II). End-winding models 

Fig. 2. 1. Motor topologies and end-winding models of three motors with 1, 2, and 3 slot-

pitch windings. 

Table 2. 1 

Main Parameters of Initial Design 

Rated speed, krpm 180 Number of turns per phase  20 

Stator outer diameter, mm 40 Lamination material 20JNEH1200 

Stator active length, mm 9.6 Magnet material N45SH 

Air-gap length, mm 1.55 Magnet remanence, T 1.3 

Sleeve thickness, mm 0.3 Sleeve material Stainless steel 

Shaft diameter, mm 5.0 Shaft material GCr15 

2.2.2 End-winding Length 

In this chapter, for simplicity, the shape of end-winding in motors with 1 slot-pitch windings 

can be assumed to be semi-circular with the diameter of the length of ‘Arc-1cp’ [PAN06], as 

shown in Fig. 2. 1 (II) and their end-winding lengths (le) can be calculated as 

 

( 1)

2 1
2 2
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 (2.2) 

where y is the slot-pitch, Ns is the slot number, Do, Di, wt, ht, and hy are the stator outer diameter, 

stator inner diameter, tooth width, tooth-tip height, and yoke thickness, respectively. 

End-winding

Arc-1
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For 2 and 3 slot-pitch windings, the end-windings include extend part (lex) and connected part 

(lcon), as shown in Fig. 2. 2. The connected part is assumed as the semi-circular with the 

diameter of the length of ‘Arc-2cp’ or ‘Arc-3cp’, Fig. 2. 1(II). The angle (θend) between extend 

and connected parts has a maximum value for ensuring that the connected part will not overlap 

the outside of the stator. The end-winding lengths of 3 slot-pitch windings can be calculated as 

 

( 2,3)

2 1
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 (2.3) 

 

Fig. 2. 2. Side view of stator of 6s/2p HSPM motors with 2 and 3 slot-pitch windings. 

2.2.3 End-winding Axial Length 

The coil pitch also affects the end-winding axial length (lea). With a fixed stator active length, 

longer end-winding axial length leads to longer motor axial length (lma), which results in low 

torque density and rotor dynamic issues for high-speed operations. Therefore, for high-speed 

application, the motor axial length should be designed relatively short, i.e. short end-winding 

axial length. For 1 slot-pitch windings, the total end-winding axial lengths for both ends are 

assumed to be the diameter of end-winding length, i.e. the length of ‘Arc-1’, which can be 

computed by 

( 1)

2
ea y el l


   (2.4) 

For 2 and 3 slot-pitch windings, the axial length of the connected part is the half-length of ‘Arc-

2cp’ or ‘Arc-3cp’, and thus the total end-winding axial lengths for both ends can be calculated 

as 

( 2,3)

2
( 2 )cos( ) 2ea y e ex end exl l l l


     (2.5) 
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2.3 Optimal Designs 

In this section, three 6s/2p HSPM motors with different slot-pitch windings are optimized by 

analytical and FE methods with three different conditions, i.e. a fixed current density, a fixed 

stator copper loss, and a fixed total stator loss. The optimal goal is the maximum torque or 

torque density. Several parameters are fixed in the optimization, such as stator outer diameter, 

stator active length, air-gap length, sleeve thickness, turns number, and shaft diameter, as 

shown in Table 2. 1. 

2.3.1 Fixed Current Density 

Current density is an essential parameter of motor design, which depends on the current level, 

the number of conductors in the slot, and the slot area. The large current density will lead to 

winding overheating and insulation damage, causing short circuit fault etc. In general, 

according to the experience, the maximum allowed current density under the forced air cooling 

is 10 A/mm2 [HAN03]. In this case, the insulation class of ultra-high-speed motors is ‘F’, which 

is higher than that of conventional low- and medium-speed motors. Thus, the maximum 

allowable current density is defined as 12 A/mm2 in this section. 

With a fixed current density, two design variables will be focused on: the split ratio (λ) and the 

maximum stator iron flux density (Bmax). In this optimization, the shaft diameter is fixed and 

thus the magnet thickness varies with the split ratio. With three phase 120º electric square wave 

currents, the average torque can be calculated by 

2 ( 2 )ave s i g g w max phT l D l B k I N   (2.6) 

With a fixed current density, the torque equation can be rewritten as 

2 ( 2 ) ( )
2

slot
ave s i g g w p

S
T l D l B k k Ja   (2.7) 

where (Sslot/2) means the half slot area for the double layer winding configuration, kp is the slot 

packing factor, which is 0.27 provided by the company. The small slot packing factor is 

employed to avoid local overheating since it increases the distances between the conductors 

and offers forced-air cooling channels, which can reduce the AC loss and improve the winding 

cooling capability. a is the number of parallel paths. In addition, the slot area can be calculated 

by the tooth width (wt), the yoke height (hy), the tooth-tip height (ht), the slot number (Ns), and 

the split ratio due to Di = λ Do.  
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Based on the Gauss’ Law, the tooth width and yoke height can be calculated by λ, Bmax, and the 

average air-gap flux density (Bave).  

2ave g max iron ave g max yB A B A B D B h    (2.9) 

where Ag, Airon, and Dg are the air-gap area, stator iron area, and air-gap diameter. Since the air-

gap flux density waveform of 2-pole motors with parallel magnetization is sinusoidal, 

Bave=(2/π) Bg. According to [ZHU97], Bg can be represented by 

2 2 2

2 2 2 2

[1 ( ) ][( ) ( ) ]
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 (2.10) 

where Br is the magnet remanence, µr is the relative permeability of magnet, Rsi, Rg, Rm, and 

Rsh are the radius of the stator inner, the air-gap, the magnet, and the shaft, respectively. 

For the 6s/2p PM motor, the ratio of tooth-pitch to pole-pitch is 1/3, and Fig. 2. 3 shows the 

idealized open-circuit flux distribution [PAN06]. It indicates that the maximum flux in the 

stator tooth, i.e. stator tooth ‘1’ or ‘4’, is the same as the maximum flux in the stator yoke. 

Thus, the tooth width equals the yoke height, which can be calculated by 

( )
= ( )

2 2

g go
t y

max

l BD
w h

B


   (2.11) 

 

Fig. 2. 3. Idealized open-circuit flux distribution of 6s/2p PM motor. 

Consequently, the average torque can be calculated by the function of λ and Bmax, i.e. f (λ, Bmax).  
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( , )ave s w p maxT l k k Jaf B  (2.12) 

( , ) ( 2 ) ( ) ( , , )max o g g slot max of B D l B S B D      (2.13) 

When the optimal goal is the maximum torque, with a given stator outside diameter and a given 

maximum stator iron flux density, the optimal split ratio can be obtained by 

( )
0

f 







 (2.14) 

It is worth noting that the winding factor, slot packing factor, and current density are included 

in (2.12) but not in (2.13), which means those parameters can affect the output torque but do 

not change the optimal split ratio.  

The relationship between torque and split ratio under various maximum stator iron flux 

densities is shown in Fig. 2. 4. The results show that the torque increases with the increase of 

split ratio at first and then decreases, and thus the optimal split ratio for maximum torque exists. 

Meanwhile, with the increase of Bmax, the maximum torque and optimal split ratio increase, Fig. 

2. 5. Therefore, the maximum stator iron flux density is designed at the knee point of the B-H 

curve of the stator lamination material, i.e. Bmax =1.5T, Fig. 2. 6, and thus the optimal split 

ratios of M1, M2, and M3 are all 0.34. Three motors with different slot-pitch windings have 

the same optimal split ratio, which has been explained by analytical calculation based on (2.12) 

and (2.13). The equipotential and flux contour distributions of the optimized design are shown 

in Fig. 2. 7. The comparison of FE and analytically predicted torques of three motors with 1, 2, 

and 3 slot-pitch windings indicates that their optimal split ratios have a good agreement, Fig. 

2. 8.  

As mentioned in section 2. 2, three 6s/2p HSPM motors with 1, 2, and 3 slot-pitch windings 

have different end-winding lengths, which is the main difference and should be considered in 

the optimization. However, with a fixed current density, the influence of end-winding on the 

optimal design is neglected in theory. Therefore, another optimal condition, i.e. fixed copper 

loss, is employed and discussed in the next section. 
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(a) M1 

 

(b) M2 

 

(c) M3 

Fig. 2. 4. Relationship between torque and split ratio under various maximum stator iron flux 

densities. 
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(a) Maximum torque 

 

(b) Optimal split ratio 

Fig. 2. 5. Variation of maximum torque and optimal split ratio with maximum stator iron flux 

density. 

 

Fig. 2. 6. B-H curve of stator lamination material, 20JNEH1200. 
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(a) Equal potential distribution (b) Flux contour distribution 

Fig. 2. 7. Equal potential and flux contour distributions of the optimized design (λ=0.34, 

Bmax=1.5T) by fixing current density. 

 

Fig. 2. 8. Comparison of FE and analytically predicted torques when Bmax=1.5T. 

2.3.2 Fixed Copper Loss 

In general, if the iron loss is neglected, the copper loss represents the major loss which causes 

temperature rise of the motor and is limited in optimization. Compared with a fixed current 

density, the optimization with a fixed copper loss can consider the influence of different end-

windings caused by different slot-pitch windings. Therefore, three scenarios for the maximum 

torque or torque density, i.e. torque per unit volume, are analyzed by analytical and FE methods, 

which are given as follows. 

 Neglecting end-winding copper loss, the optimal goal is maximum torque; 

 Accounting for end-winding copper loss, the optimal goal is maximum torque; 
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 Accounting for end-winding copper loss and axial length, the optimal goal is maximum 

torque density. 

According to literature, the stator thermal limitation (Plimit) [BIN04] can be introduced to 

restrict the stator copper loss, which can be calculated by 

limit m o sP hV D l  (2.15) 

In this case, h=100 W/°Cm2 [BIA04], since the small size HSPM motors employ external 

forced-air cooling. Vm is the maximum motor operation temperature.  

A. Neglecting end-winding copper loss 

In this scenario, the copper loss is fixed neglecting the end-winding copper loss, and the optimal 

goal is the maximum torque. As mentioned before, the average torque can be calculated by 

2 ( 2 )ave s i g g w phT l D l B k IN   (2.16) 

Since the phase current can be replaced by the function of the copper loss (Pcu) 

 

2

2
2

2
2

s ph

cu cu

slot p

l N
P I

S k a
  

(2.17) 

The torque equation can be rewritten as 

2
2 ( 2 )

8

cu slot p

ave s o g g w ph

cu ph s

P S k a
T l D l B k N

N l



   

(2.18) 

where ρcu is the copper resistivity at 20°C, i.e. 1.68×10-8 (Ω·m). 

With a fixed copper loss, the split ratio and maximum stator iron flux density are two design 

variables for the maximum torque, and the average torque can be given by 

( , )
2

cu p s

ave w max

cu

P k l a
T k f B


  

(2.19) 

( , ) ( 2 )max o g g slotf B D l B S    (2.20) 

With a given maximum stator iron flux density and a given stator outside diameter, the optimal 

split ratio for the maximum torque can be obtained by 
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( )
0

f 







 (2.21) 

Fig. 2. 9 shows the relationship between torque and split ratio under various maximum stator 

iron flux densities when the end-winding copper loss is neglected. It shows that for each Bmax, 

the torque climbs up and then decline with the split ratio. In addition, the maximum torque and 

optimal split ratio increase with Bmax, Fig. 2. 10, and the three motors have the same results. 

When Bmax =1.5T, the optimal split ratios of M1, M2, and M3 are all 0.42, which is larger than 

that optimized by fixing current density. The reason is that with a fixed copper loss, a balance 

of the electrical loading and magnetic loading is achieved for the maximum torque. However, 

a fixed current density restricts the electrical loading and leads to a relatively large slot area 

and relatively small optimal split ratio. Fig. 2. 11 shows the equipotential and flux contour 

distributions of the optimized design. Fig. 2. 12 shows the variation of analytically and FE 

predicted output torques with the split ratio when Bmax =1.5T, and their optimal split ratios have 

a good agreement.  
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(c) M3 

Fig. 2. 9. Relationship between torque and split ratio under various maximum stator iron flux 

densities, neglecting end-winding copper loss. 

 

(a) Maximum torque 

 

(b) Optimal split ratio 

Fig. 2. 10. Variation of maximum torque and optimal split ratio with maximum stator iron 

flux density, neglecting end-winding copper loss. 
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(a) Equal potential distribution (b) Flux contour distribution 

Fig. 2. 11. Equal potential and flux contour distributions of the optimized design (λ=0.42, 

Bmax=1.5T) by fixing copper loss, without end-winding. 

 

Fig. 2. 12. Comparison of analytical predictions and FE results when Bmax=1.5T, without end-

winding copper loss. 

B. Accounting for end-winding copper loss 

In this scenario, the end-winding copper loss is taken into account, and the optimal goal is the 
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 (2.22) 

The relationship between torque and split ratio under various maximum stator iron flux 

densities is shown in Fig. 2. 13. With a given Bmax, the maximum torque can be achieved and 

the optimal split ratio exists. Compared with the first scenario, the considered end-winding 
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copper losses decrease the maximum torques of three motors. Fig. 2.14 (a) shows that M2 has 

a larger maximum torque for each Bmax than M3 since M3 has the longest end-winding length 

but M2 has a relatively short end-winding length and relatively large winding factor. In addition, 

Fig. 2. 14 (b) shows three motors do not have the same optimal split ratio for each maximum 

stator iron flux density due to accounting for different end-winding copper losses. However, in 

this case, the difference is slight and can be neglected. Since the maximum torque increases 

with Bmax, the optimal split ratios of three motors are achieved at λ=0.42 when Bmax=1.5T, 

which is the same as that in the first scenario, i.e. neglecting end-winding copper loss. Thus, 

the equipotential and flux contour distributions of the optimized design are the same as those 

shown in Fig. 2. 11. Fig. 2. 15 shows the variation of analytically and FE calculated output 

torques with the split ratio when Bmax =1.5T. Although the analytically predicted torques are 

slightly larger than the FE results, their optimal split ratios have a good agreement. 
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(c) M3 

Fig. 2. 13. Relationship between torque and split ratio under various maximum stator iron 

flux densities, with end-winding copper loss. 

 

(a) Maximum torque 

 

(b) Optimal split ratio 

Fig. 2. 14. Relationships between maximum torque and Bmax, optimal split ratio and Bmax, 

with end-winding copper loss. 
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Fig. 2. 15. Comparison of analytical predictions and FE results when Bmax=1.5T, with end-

winding copper loss. 

C. Accounting for end-winding copper loss and axial length 

In the second scenario, M2 and M3 have larger torques than M1, but their longer end-winding 

axial lengths may lead to lower torque densities. Therefore, in this scenario, the end-winding 

copper loss and axial length are taken into account, and the optimal goal is the maximum torque 

density rather than the maximum torque as described earlier.  

Fig. 2. 16 shows the relationship between torque density and split ratio under various maximum 

stator iron flux densities. For each Bmax, the torque density climbs up and then declines with 

split ratio, the optimal split ratio for the maximum torque density can be achieved. Fig. 2. 17 

shows the maximum torque density and optimal split ratio increase with Bmax. In addition, M1 

with the shortest end-winding axial length has the highest torque density, but M3 has the lowest 

torque density due to the longest end-winding axial length. Three motors have almost the same 

optimal split ratio, which means the coil-pitch has negligible effect. However, compared with 

the second scenario, i.e. only accounting end-winding copper loss, the considered end-winding 

axial length decreases the optimal split ratio from 0.42 to 0.41. Take the design with Bmax=1.5T 

as an example, Fig. 2. 18 shows the variation of output torque and end-winding axial length 

(both sides) with split ratio. It can be seen that the end-winding axial length increases linearly 

with the split ratio. Therefore, the maximum torque can be achieved when λ=0.42, but the split 

ratio should be smaller for the maximum torque density, i.e. λ=0.41. Fig. 2. 19 shows the 

equipotential and flux contour distributions of the optimized design, and the variation of 

analytically and FE method calculated torque densities with the split ratio when Bmax =1.5T is 

shown in Fig. 2. 20, and their optimal split ratios have a good agreement. 
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In the foregoing analyses, the optimal goal is the maximum torque, and thus the stator active 

length is fixed since it cannot change the optimal split ratio. However, in this part, the optimal 

goal is the maximum torque density, the stator active length has influence on the results of 

three motors. With the same optimal design for three motors, i.e. λ=0.41, Bmax=1.5T, the 

variations of torque and torque density with stator active length are shown in Fig. 2. 21. With 

the increase of stator active length, M2 and M3 have almost the same torque, which is larger 

than M1, and the difference between M1 and M2 increases. Therefore, with the fixed end-

winding axial length, the torque density of M1 is overtaken by M2 at ls=17mm, and by M3 at 

ls=37mm. In general, when the stator active length is significantly large, the end-winding axial 

length can be neglected, and then M3 with the largest winding factor has the highest torque 

density. In addition, the torque densities of three motors increase firstly and then decrease with 

the stator active length, and thus different optimal stator active lengths exist for the maximum 

torque density.  
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(c) M3 

Fig. 2. 16. Relationship between torque density and split ratio under various maximum stator 

iron flux densities, with end-winding copper loss and axial length. 

 

(a) Maximum torque 

 

(b) Optimal split ratio 

Fig. 2. 17. Variation of maximum torque and optimal split ratio with maximum stator iron 

flux density, with end-winding copper loss. 
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(a) Torque 

 

(b) End-winding axial length (both sides) 

Fig. 2. 18. Variation of torque and end-winding axial length (both sides) with split rato, 

Bmax=1.5T. 

  

(a) Equipotential distribution (b) Flux contour distribution 

Fig. 2. 19. Equipotential and flux contour distributions of the optimized design by fixing 

copper loss, with end-winding copper loss and axial length. 
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Fig. 2. 20. Comparison of analytically and FE method predicted results when Bmax=1.5T, with 

end-winding copper loss and axial length. 

 

(a) Torque 

 

(b) Torque density  

Fig. 2. 21. Variation of torque and torque density with stator active length, λ=0.41, 

Bmax=1.5T. 
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D. Comparison of fixing current density and copper loss 

In this section, the optimized designs by fixing current density and copper loss are compared 

since their maximum stator iron flux densities are the same, i.e. Bmax=1.5T. All the designs are 

shown in Table 2. 2, and there are several conclusions as follows.  

 Different slot-pitch windings have negligible influence on the optimal split ratio no 

matter fixing current density or copper loss; 

 Values of the fixed current density and copper loss do not influence the optimal split 

ratio for the maximum torque since they only affect the output torque; 

 Optimal split ratio under a fixed copper loss is larger than that under a fixed current 

density due to the limitation of electrical loading with a fixed current density; 

 Neglecting the influence of end-winding, the output torques of three motors correspond 

to their winding factors, which means M3 has the largest torque and M1 has the smallest 

torque; 

 Accounting for end-winding copper loss, the output torques of three motors do not 

correspond to their winding factors. M2 with a relatively large winding factor and 

relatively short end-winding length has the largest output torque; 

 Accounting for end-winding axial length, the optimal split ratio is smaller than that only 

considering end-winding copper loss since the increased split ratio leads to the decrease 

of end-winding length in axial direction. 
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Table 2. 2 

Three Optimized Motors by Different Optimal Methods 

 Fixed current density 

Fixed copper loss 

Without end-winding With end-winding copper loss 
With end-winding copper 

loss and axial length 

Optimal goal Max torque Max torque density 

Bmax, T 1.5 1.5 1.5 1.5 

Optimal split ratio 0.34 0.42 0.42 0.41 

 M1 M2 M3 M1 M2 M3 M1 M2 M3 M1 M2 M3 

Torque, mNm 22.4 38.8 44.8 72.2 125.1 144.5 46.3 58.6 55.9 46.2 58.3 55.5 

Torque density, 

Nm/cm3 
- 2.00 1.71 1.09 2.01 1.71 1.10 
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However, in these optimal conditions and scenarios, the maximum stator iron flux density is 

designed by the B-H curve of stator lamination material, which has a close relationship with 

stator iron loss. In HSPM motors, stator iron loss leads to temperature rise significantly due to 

high frequency and should be considered in the optimization [ZHU97] [EDE01]. By 

considering stator iron loss, the maximum stator iron flux density can be optimized. 

2.3.3 Fixed Total Stator Loss 

In HSPM motors, the large stator iron loss caused by high frequency will result in temperature 

rise dominantly. In literature [LIQ15], [WAN18] and [MAJ19b], the split ratio is optimized by 

analytical methods considering open-circuit stator iron loss but neglecting the influence of 

armature reaction. [ZHU01b] proposes an analytical method for predicting flux density 

waveforms and stator iron loss densities of several regions of stator iron core accounting for 

load condition. However, for motor design optimization, this analytical method is complicated 

since the stator flux density waveforms should be calculated analytically at first, and it is 

difficult when considering armature reaction. Thus, in [ATA92] and [THO14], although the 

stator iron losses are calculated by the analytical method, the stator flux density waveforms are 

computed by FEM. Therefore, by FEM, three 6s/2p HSPM motors with 1, 2, and 3 slot-pitch 

windings are optimized with a fixed total stator loss, accounting for the on-load stator iron loss. 

In this part, the stator thermal limitation (Plimit) [BIN04] can be introduced to restrict the total 

stator loss (Pstator) including stator iron loss and copper loss, which can be calculated by 

limit m o sP hV D l  (2.23) 

Considering the different end-winding lengths and axial lengths of three motors, three scenarios 

with two different optimal goals are analyzed, which are given as follows. 

 Neglecting end-winding copper loss, the optimal goal is maximum torque; 

 Accounting for end-winding copper loss, the optimal goal is maximum torque; 

 Accounting for end-winding copper loss and axial length, the optimal goal is maximum 

torque density; 

In the optimization, there are three design variables: split ratio (λ), maximum stator iron flux 

density (Bmax), and phase current (Imax). The split ratio limits the PM thickness due to the fixed 

shaft diameter, and thus the open-circuit Bg can be calculated. Based on Bmax, tooth width, yoke 

thickness, and slot area can be computed since the tooth width equals the yoke thickness in 
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6s/2p PM motors [PAN06]. With various phase currents, the electromagnetic torques, copper 

losses, and stator iron losses accounting for the influence of armature reaction can be calculated 

by FEM. Finally, the optimal design with the maximum torque can be selected from the designs 

with Pstator ≤ Plimit.  

A. Neglecting end-winding copper loss 

With the fixed stator thermal limitation, the relationship between maximum torque and Bmax is 

shown in Fig. 2. 22. For each slot-pitch, the optimal Bmax exists, while for each Bmax, the larger 

the coil-pitch, the higher the maximum torque. In addition, three motors with different slot-

pitch windings have almost the same optimal Bmax. With the optimal Bmax, the average torque 

climbs up and the decline with the split ratio, Fig. 2. 23, and thus the optimal split ratio exists 

for each slot-pitch. In addition, the increased coil-pitch increases not only the maximum torque 

but also the optimal split ratio. Fig. 2. 24 shows that with a fixed phase current, the motor with 

3 slot-pitch windings has the highest stator iron loss due to the largest magnitudes of stator 

magnetomotive force (MMF) spatial harmonics. However, the copper loss remains unchanged 

for different slot-pitch due to neglecting end-winding copper loss. Therefore, three motors with 

different slot-pitch windings have the same optimal Bmax but different optimal split ratios when 

neglecting end-winding copper loss but accounting for the on-load stator iron loss.  

 

Fig. 2. 22. Relationship between maximum torque and Bmax in the motors with different 

winding configurations neglecting end-windings. 
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Fig. 2. 23. Relationship between average torque and split ratio in the motors with different 

winding configurations neglecting end-windings, Bmax=0.8T. 

 

Fig. 2. 24. Relationships between stator iron loss, copper loss, and phase current in the motors 

with different winding configurations neglecting end-windings, Bmax=0.8T, λ=0.34. 
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slot-pitch are shown in Fig. 2. 25. Compared with the first scenario, the end-winding copper 

loss significantly decreases the maximum torques of three motors, however, the optimal Bmax 

remains unchanged since the stator iron loss is the dominant loss. With the optimal Bmax, the 

average torque climbs up and then decline with the split ratio, and three motors have almost 

the same optimal split ratio, Fig. 2. 26. Compared with the first scenario, the end-winding 

copper loss reduces the electrical loading, and thus the optimal split ratio is decreased, 

especially for the motors with 2 and 3 slot-pitch windings. With the increase of slot-pitch, the 

stator iron loss and end-winding copper loss increase synchronously, which results in a 

0

10

20

30

40

50

0.25 0.3 0.35 0.4

A
v

er
a

g
e

to
rq

u
e 

(m
N

m
)

Split ratio

M1 M2 M3

0

5

10

15

20

25

30

0

5

10

15

20

25

30

5 7 9 11 13 15

C
o
p

p
er

 l
o
ss

 (
W

)

S
ta

to
r 

ir
o

n
 l

o
ss

 (
W

)

Phase current (A)

M1 M2

M3 Pcu



83 
 

canceling effect. Therefore, accounting for the end-winding copper loss, three motors with 

different slot-pitch windings have almost the same optimal split ratio and Bmax for maximum 

torque. Although the optimal split ratio exists, the average torque increases and decreases 

slowly before and after reaching the maximum value, respectively. In other words, the average 

torque is insensitive to the split ratio around the optimal split ratio since the stator iron loss is 

the dominant loss. 

 

Fig. 2. 25. Relationship between maximum torque and Bmax in the motors with different 

winding configurations considering end-winding copper loss only. 

 

Fig. 2. 26. Relationship between average torque and split ratio in the motors with different 

winding configurations considering end-winding copper loss only, Bmax=0.8T. 
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will be optimized for maximum torque density in this section, rather than the maximum torque 

as described earlier. The relationship between maximum torque density and Bmax is shown in 

Fig. 2. 27, and three motors have the same optimal Bmax, which is the same as that in the first 

and second scenarios. Compared with the second scenario, the optimal split ratio of M1 is 

slightly smaller, but those of M2 and M3 remain unchanged, Fig. 2. 28, since the motor axial 

length of M1 increases mildly with the increase of split ratio while those of M2 and M3 almost 

remain unchanged, Fig. 2. 29. However, the torque density of M1 increases and decreases 

slowly before and after reaching the maximum value, respectively, and thus for maximum 

torque density, the optimal split ratios of three motors can be considered almost identical, 

which is the same as that in the second scenario. 

In summary, with a fixed stator thermal limitation, the end-winding copper loss, end-winding 

axial length, and slot-pitch have negligible influence on the optimal Bmax since the stator iron 

loss is dominant. Compared with the first scenario, the optimal split ratios and average torques 

of three motors are reduced by accounting for the end-winding copper loss. Compared with the 

second scenario, the end-winding axial length has almost no influence on the optimal design. 

Therefore, accounting for end-windings, three 6s/2p HSPM motors with 1, 2, and 3 slot-pitch 

windings have the same optimal design no matter for maximum torque or maximum torque 

density, as shown in Table 2. 3. 

 

Fig. 2. 27. Relationship between maximum torque density and Bmax in three motors 

considering end-winding copper loss and axial length. 
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Fig. 2. 28. Relationship between maximum torque density and split ratio in three motors 

considering end-winding copper loss and axial length, Bmax=0.8T. 

 

 

Fig. 2. 29. Relationship between motor axial length and split ratio in three motors considering 

end-winding copper loss and axial length, Bmax=0.8T. 
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Table 2. 3 

Optimized Design Parameters (180KRPM) 

Motor type M1 M2 M3 

Stator outer diameter, mm 40 

Stator active length, mm 9.6 

Thermal limitation, W 18.1 

Optimal split ratio 0.32 

Maximum stator iron flux density, T 0.8 

Phase current, A 12.1 8.4 7.2 

Torque, mNm 15.5 18.6 18.4 

Torque ripple, % 12.6 12.1 12.4 

End-winding axial length (both), mm 8.40 17.36 26.30 

Motor axial length, mm 18.00 26.96 35.90 

Torque density, Nm/m3 680.80 549.01 407.86 

Stator iron loss, W 10.6 11.6 11.3 

Copper loss, W 7.4 6.4 6.8 

Rotor loss, W 3.5 5.1 5.0 

Motor total loss, W 21.5 23.1 23.1 

Output power, W 292.2 350.6 346.8 

Efficiency, % 93.2 93.8 93.8 
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2.4.1 Open-circuit Air-gap Field 

Since the coil-pitch does not affect not only the open-circuit air-gap field but also the optimal 

design for the specific application, as mentioned above, only the optimized motor with 1 slot-

pitch windings (M1) is analyzed. Figs. 2. 30 and 31 show the equipotential and flux contour 

distributions of M1 and the open-circuit air-gap field distribution. Due to 2-pole magnet with 

parallel magnetization, the open-circuit air-gap flux density waveform is almost sinusoidal, and 

there are almost no harmonics except those due to slotting. 

2.4.2 Back-EMF  

The back-EMF waveforms of three motors with 1, 2, and 3 slot-pitch windings are sinusoidal 

and there are almost no harmonics, as shown in Fig. 2. 32. The spectra show that three motors 

have different fundamental magnitudes, which correspond with their winding factors, i.e., 0.5, 

0.866, and 1. 

  

(a) Equipotential distribution (b) Flux contour distribution 

Fig. 2. 30. Equipotential and flux contour distributions of the optimized motor with 1 slot-

pitch windings. 
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(a) Waveform 

 

(b) Spectra 

Fig. 2. 31. Open-circuit air-gap field distribution of the optimized motor with 1 slot-pitch 

windings. 
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(b) Spectra 

Fig. 2. 32. Back-EMF waveforms of motors with 1, 2, and 3 slot-pitch windings, 180krpm, 

phase A. 

 

Fig. 2. 33. Rated electromagnetic torque and cogging torque waveforms of three motors with 

1, 2, and 3 slot-pitch windings. 
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(b) Torque density 

Fig. 2. 34. Variation of average torque and torque density with phase current of three motors 

with 1, 2, and 3 slot-pitch windings, without stator thermal limitation. 
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conductors have the same current polarity, which produces the positive mutual-inductance 

between two conductors and subsequently doubles the self-inductance, Fig. 2. 35 ©. In M1, 

two different phase conductors with the same connection polarity are located at the sides of the 

slot, which leads to the positive mutual-inductance. However, in M2, two different phase 

conductors with the opposite connection polarities are located at the sides of the slot, which 

leads to the negative mutual-inductance. In M3, compared with self-inductance, the mutual 

inductance is small and can be neglected as in one slot there is only one phase winding. 

According to 3-D FE models, the end-region components of self-and mutual-inductances can 

be calculated, Table 2. 4. The motor with 3 coil-pitch windings has the longest end-winding 

axial length, thus the largest end-winding inductances, while that in the motor with 1 coil-pitch 

windings is the smallest. 

   

(a) M1 (b) M2 (c) M3 

Fig. 2. 35. Flux distributions of 6s/2p motors with 1, 2, and 3 slot-pitch windings when only 

phase A is excited. 

 
  

(a) M1 (b) M2 (c) M3 

Fig. 2. 36. 3-D FE models of 6s/2p motors with 1, 2, and 3 slot-pitch windings. 
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Table 2. 4 

Winding Inductances of Three Motors (µH) 

 2-D FE 3-D FE End-windings 

M1 

Self- 13.85 20.29  6.44  

Mutual- 5.13 6.16  1.03  

Phase- 8.72 14.12 - 

M2 

Self- 16.60 25.79  11.67  

Mutual- -7.88 -10.62 -3.76  

Phase - 24.48 36.41 - 

M3 

Self- 29.76 49.75 20.73  

Mutual- -2.75 -7.30  -4.60  

Phase- 32.51 57.05 - 

2.4.5 Loss Analysis 

The various loss components of three 6s/2p HSPM motors with 1, 2, and 3 slot-pitch windings 

are shown in Fig. 2. 37 (a), including stator iron loss (Piron), copper loss (Pcu) including end-

winding, and rotor eddy current loss (Protor). Since three optimized motors have different output 

powers, the losses per output power are also compared, as shown in Fig. 2. 37 (b). 

A. Stator iron loss 

The on-load stator iron loss is calculated by FEM accounting for the space harmonics of stator 

magnetomotive force (MMF), the space harmonics due to slotting, and time harmonics of 120 

º electric square wave current waveforms [ATA92]. The stator iron losses increase with the 

phase current and the coil-pitch, Fig. 2. 38. The reason has been mentioned before, but it can 

also be explained by on-load stator iron flux density. Since the stator iron loss depends on the 

frequency and flux density squared, the small difference of stator iron flux density will result 

in the large difference of stator iron loss. Fig. 2. 39 shows that M1 has the smallest fundamental 

magnitude of on-load stator iron flux density, which results in the smallest stator iron loss. M3 

has larger magnitudes of the 3rd and 7th order harmonics than M2, thus larger stator iron loss. 

Three optimized motors with different slot-pitch windings have different phase currents to meet 
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the stator thermal limitation and different output powers. Fig. 2. 37 (a) shows that although M1 

and M2 have the smallest and largest stator iron losses, respectively, the stator iron loss per 

power decreases with the slot-pitch, Fig. 2. 37 (b). 

 

(a) Losses 

 

(b) Losses per power 

Fig. 2. 37. Comparison of stator iron loss, copper loss, PM loss, and total loss of three 

motors. 
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Fig. 2. 38. Variation of stator iron loss with phase current and slot-pitch, Bmax=0.8T, λ=0. 32. 

 

(a) Waveforms 

 

(b) Spectra 

Fig. 2. 39. Stator tooth iron flux density distributions of three optimized motors with 1, 2, and 

3 slot-pitch windings, Imax=12A. 
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B. Copper loss  

In HSPM motors, the copper loss consists of two parts, DC and AC copper losses. The AC 

copper losses mainly result from the skin effect and proximity effect. To avoid the skin effect, 

the diameter of conductors should be less than the skin depth (δ) [UZH14], which can be 

calculated by  

f




 
  (2.24) 

In this thesis, the frequency is 3000 Hz and the skin depth is 1.2mm. Hence, the skin effect can 

be mitigated since the diameter of the conductor is less than the skin depth. In addition, fixing 

the coils deeper in the slot can reduce proximity losses [MEL06]. 

Fig. 2. 40 shows the current density distributions of conductors in the slot with and without 

phase current at 180krpm. When there is no current, the conductors at the top of slot still have 

the proximity currents. When the phase current is 12A, the conductors have larger current 

density, which results from high eddy and proximity currents. Fig. 2. 41 shows the ratio of AC 

resistance (RAC) to DC resistance (RDC) remains unchanged with the rise of phase current and 

the results also mean the AC copper loss is small and can be neglected in this chapter. 

According to the results in [WRO10], the proximity effect in the end-windings is significantly 

lower compared to those in the active length of the conductors. Therefore, AC copper loss is 

neglected in this chapter and the motor with larger end-winding length has larger DC copper 

loss.  

 

(a) Phase current = 0A 
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(b) Phase current = 12A 

Fig. 2. 40. Current density distributions of conductors in the slot with and without phase 

current at 180 krpm. 

 

Fig. 2. 41. Variation of the ratio of RAC to RDC with phase current at 180krpm, without end-

windings. 
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as well as all rotor loss components, Fig. 2. 44 (II-a), but the ratio of each rotor loss component 

to total rotor loss remains almost unchanged, Fig. 2. 44 (II-b).  

For three optimized motors with the same stator loss limitation, M1 with the largest rated phase 

current has the smallest magnitudes of the 5th and 7th order harmonics of on-load Bg due to the 

smallest space harmonics of armature MMF, Fig. 2. 45. M2 and M3 have almost the same rotor 

loss. Table 2. 5 shows different rotor loss components of three optimized motors. With the 

same stator loss, the motor efficiency depends on the rotor loss and output power. Although 

M1 has the smallest rotor loss, the smallest output power leads to the largest total motor loss 

per power and the lowest efficiency. M2 and M3 have the largest total motor loss per power 

and the highest efficiency due to the largest output power. 

 

Fig. 2. 42. Variation of rotor PM loss with the phase current and slot-pitch, Bmax=0.8T, 

λ=0.32. 
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(b) Spectra 

Fig. 2. 43. Air-gap field distributions of three optimized motors with 1, 2, and 3 slot-pitch 

windings, Imax=12A. 
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(b) Rotor loss component ratios 

(II) Rotor eddy current loss components 

Fig. 2. 44. Rotor eddy current loss distributions and components of three optimized motors 

with 1, 2, and 3 slot-pitch windings, Imax=12A. 

 

(a) Waveforms 

 

(b) Spectra 

Fig. 2. 45. Air-gap field distributions of three optimized motors with different phase currents. 
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Table 2. 5 

Rotor Loss Components of Three Optimized Motors (W) 

 Imax (A) Sleeve PM Shaft Total 

M1 12.1 1.2  2.2  0.1  3.5  

M2 8.4 1.8  3.2  0.1  5.1  

M3 7.2 1.7  3.1  0.1  5.0  

 

2.5 Influence of End-windings 

With different stator active lengths, the influence of end-windings is investigated in this section. 

In theory, when the stator active length is assumed to be infinite, the end-windings can be 

neglected, which is the same as that of the first scenario in section 2.3.3, and three motors have 

the same optimal Bmax but different optimal split ratios. However, for high-speed applications, 

the improper design of motor axial length will lead to rotor dynamic issues [EDE02] [LIS16]. 

In addition, with the increase of stator active length, the average torque becomes less sensitive 

to the split ratio since the ratio of stator iron loss to stator total loss increases. Therefore, in this 

section, the maximum allowed stator active length is defined as the same as the stator outer 

diameter, i.e. 40mm, and the motors with different stator active lengths have the same 

optimized design. In addition, the end-winding axial lengths of three motors with different slot-

pitch windings remain unchanged with the variation of stator active length.  

With the increase of stator active length, the stator thermal limitation increases linearly and the 

average torques of three motors increase, Fig. 2. 46. It shows that M2 and M3 have almost the 

same average torque, which is larger than that of M1, and the torque difference between M1 

and M2 increases with the increase of stator active length, which means M2 has an advantage 

of large output torque, especially for the relatively large stator active length, so does M3. 

With the increase of stator active length, the ratio of end-winding axial length to motor axial 

length decreases rapidly at first and then changes mildly, especially for M1, Fig. 2. 47. When 

la> 30mm, M2 has the highest torque density due to the largest output torque and relatively 

short end-winding axial length, Fig. 2. 48. Therefore, the increased stator active length 

decreases the influence of end-winding axial length on the torque density. It is worth noting 

that the torque density difference ratio between M1 and M2 is smaller than torque difference 
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ratio when la> 14mm, Fig. 2. 49. Therefore, M2 has a better trade-off between torque and torque 

density when the stator active length is larger than 14mm in this case. 

In summary, with the relatively small stator active length, M1 has the highest torque density 

but the smallest output torque due to the lowest winding factor. With the relatively large stator 

active length, M2 offers advantages in large output torque and high torque density. M3 with 

large output torque also could be considered when the stator active length is significantly large. 

 

(a) Stator thermal limit 

 

(b) Average torque 

Fig. 2. 46. Variation of stator thermal limit and average torque with stator active length. 
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Fig. 2. 47. Variation of the ratio of end-winding axial length to motor axial length with stator 

active length. 

 

Fig. 2. 48. Variation of torque density with stator active length. 

 

Fig. 2. 49. Variation of torque and torque density difference ratios between M1 and M2 with 

stator active length. 
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2.6 Experimental Validation 

Three optimized motors with 1, 2, and 3 slot-pitch windings are prototyped, Fig. 2. 50. Fig. 2. 

51 shows the rotor-bearing system, air duct system, and house of the prototype for high-speed 

operation. The predictions by FEM and measurement of back-EMFs of phase A in three 

prototypes are compared in Fig. 2. 52, and have a good agreement. Table 2. 6 shows that the 

measured motor axial lengths of three prototypes are consistent with those of the FE models. 

Due to manual winding, the prototypes have larger measured resistances compared with the 

analytical predictions. In addition, although the measured resistances under high frequency 

(3kHz) are larger than those DC resistances, the ratio of AC to DC resistances in M1 is around 

1.7, but that in M2 and M3 are around 1.3 due to the larger end-winding length. The winding 

inductances of three motors are measured by an LCR meter (HIOKI IM3533-01). In 3-D FE 

model, the effect of frequency is neglected, and the predicted winding inductances are ideal. 

Therefore, the predictions and measurements of winding inductances at 1.0 Hz have a good 

agreement, Table 2. 7. With high frequency (3000 Hz), the measured inductances become 

smaller due to the skin effect. 

   

(a) M1 (b) M2 (c) M3 

Fig. 2. 50. Three prototypes of 6s/2p HSPM motors with 1, 2, and 3 slot-pitch windings. 

 

 

(a) Rotor-bearing system (b) Air duct system and house 

Fig. 2. 51. Rotor-bearing system, air duct system, and house of the prototype. 
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(a) Waveforms 

 

(b) Spectra 

Fig. 2. 52. Predictions and measurements of back-EMFs of phase A in three prototypes. 

Table 2. 6 

Resistances and Motor Axial Lengths of Motors with 1, 2, and 3 Slot-pitch Windings 

 Motor axial length (mm) Resistance (m) 

 Analytical 

model * 
Measured 

Analytical 

model 

Measured 

(DC) 

Measured 

(3kHz) 

M1 18.0 18.0 37.7 48.5 81.3 

M2 27.0 27.3 71.3 99.1 133.8 

M3 35.9 34.0 101.6 114.0 153.6 

*Note: θ (M2) = 40°; θ (M3) = 30°; lex = 1mm. 
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Table 2. 7 

Inductances of Motors with 1, 2, and 3 Slot-pitch Windings (µH) 

 M1 M2 M3 

3-D FE 14.12 36.41 56.70 

Measured (1.0Hz) 15.45 37.52 47.05 

Measured (3kHz) 14.26 26.18 35.06 

 

The experiment system of static torque measurement is shown in Fig. 2. 53 [ZHU09]. In this 

test rig, the jaws of lathe are employed to clamp the prototype, and the static torque can be 

transformed into the force, which can be measured by a digital scale. There is a weight at the 

end of balance beam to ensure the positive pressure on the digital scale. The phase currents of 

IA = -IB = 5 A, IC = 0A are fed by the DC supply, which corresponds to three phase 120 º electric 

square wave current waveforms. Fig. 2. 54 shows the predictions by FEM and measurements 

of static torques of three prototypes at different rotor positions and they have a good agreement. 

The maximum static torque increases with the increase of phase current linearly, and three 

prototypes have almost the same FE predicted and measured results, Fig. 2. 55. Fig. 2. 56 shows 

the measured current and voltage waveforms at 180 krpm for the motor with 2 slot-pitch 

windings. 

 

Fig. 2. 53. Experiment system of static torque measurement. 
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Fig. 2. 54. Predictions and measurements of static torques under the phase currents of IA = -IB 

= 5 A, IC=0A. 

 

Fig. 2. 55. Predictions and measurements of maximum static torques with various phase 

currents. 

 

Fig. 2. 56. Measured phase current and terminal voltage waveforms of the motors with 2 slot-

pitch windings at the rated speed 180 krpm under speed control (10.0V/div; 20.0A/div). 
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2.7 Conclusion 

Three 6s/2p HSPM motors with 1, 2, and 3 slot-pitch windings have been optimized by 

analytical and FE methods under different optimal conditions and scenarios. It shows that the 

method by fixing total stator loss, considering the influence of end-winding and the stator iron 

loss, is suitable for the optimization of the HSPM motors with different slot-pitch windings. 

When considering the end-windings, the slot-pitch has significant influence on the winding 

factor, end-winding length, and end-winding axial length, but has negligible influence on the 

optimal split ratio and Bmax due to the canceling effect. With a fixed stator active length, the 

electromagnetic performances of three optimized motors have been analyzed and compared. 

The results show that the torques and efficiencies of the motors with 2 and 3 slot-pitch windings 

are larger than those in the motor with 1 slot-pitch windings. The 3 slot-pitch windings lead to 

the lowest torque density due to the longest end-winding axial length, but results in the largest 

phase inductance. However, the influence of end-winding axial length on the torque density 

decreases with the increase of stator active length. Therefore, for high-speed applications, 

compared with 1 and 3 slot-pitch windings, the motor with 2 slot-pitch windings has a good 

trade-off between winding factor and end-winding axial length which are attractive for 

improved torque density. Three motors have been prototyped and tested. The measured results 

have a good agreement with that predicted by FEM. The motor with 2 slot-pitch windings has 

successfully operated up to 180 krpm. 
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CHAPTER 3 

ELECTROMAGNETIC PERFORMANCE ANALYSIS OF 6-SLOT/2-POLE HIGH-

SPEED PERMANENT MAGNET MOTORS WITH TWO SLOT-PITCH WINDINGS 

Compared with 1 and 3 slot-pitch windings, the advantages of 2 slot-pitch windings for 6s/2p 

HSPM motors have been elaborated in the previous chapter. In this chapter, HSPM motors 

having 6s/2p number combination and 2 slot-pitch windings are developed for domestic 

appliance application, such as vacuum cleaners. Two HSPM motors with different layouts of 

2 slot-pitch windings are optimized and their electromagnetic performances are evaluated. The 

best winding configuration is then identified for shorter motor axial length and larger torque 

density. Since 3s/2p HSPM motors with non-overlapping windings have the same winding 

factor, a comparison between 3-slot and 6-slot motors is also conducted, particularly for torque 

density, losses, and UMF. It shows that 6s/2p PM motors with 2 slot-pitch windings are suitable 

for high-speed application without UMF and less rotor PM loss. Finite element predicted 

electromagnetic performances are validated by experiments made on two prototype motors. 

This chapter was published in IEEE Transactions on Energy Conversion. 

3.1 Introduction 

HSPM motors have been widely employed for domestic and industrial application, e.g., 

precision hand tool, gas turbine generator, automotive turbocharger, and vacuum cleaner 

[HES87] [ZHU97] [ZWY05] [NOG07] [LIM17]. The advantages of high-speed motors 

include high power density, high efficiency, small size, light weight, and direct-drive for high-

speed application. Gearboxes are usually used to connect a conventional speed motor with load 

to increase the speed, which leads to extra losses, noise issues, high cost, and low reliability. 

However, high-speed motors can be connected to a load directly, which can improve system 

mechanical reliability and reduce extra losses, further increasing efficiency [SHE18].  

In literature, various HSPM motors have been designed for different applications, and different 

slot/pole number combinations are employed. Non-overlapping windings, also named as tooth-

coil windings, are the most popular one due to several reasons. Firstly, non-overlapping 

windings reduce the length of end-winding and result in a shorter motor axial length. Therefore, 

lower copper loss, higher power density, and better rotor dynamic performance can be 

expected. Secondly, modular design can be achieved by non-overlapping windings, which 

improves the packing factor and reduces the cost of manufacture [UZH14]. For example, in 
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[HES87] and [ZHU97], a 3s/2p HSPM motor with non-overlapping windings are adopted. 

However, the 3s/2p HSPM motor has UMF, which causes vibration issues and results in high 

noise level [ZHU07]. Meanwhile, significant MMF harmonics and slotting effect lead to rich 

air gap harmonics and large magnet eddy current losses. [PAN14] proposes to insert an 

auxiliary slot to reduce the no-load UMF, and [MAJ18] improves this method for eliminating 

on-load UMF with little sacrifice of flux linkage and output torque. However, the influence of 

auxiliary slots on UMF highly depends on load condition and the UMF cannot be eliminated 

completely. Therefore, 6s/2p number combination with non-overlapping windings is preferred 

due to no UMF. [NOG05] designs and compares 3s/2p and 6s/2p motors with non-overlapping 

windings for high-speed application. The results show that 6s/2p motors not only have no 

inherent UMF but also reduce the axial length of end-winding, which reduces the motor total 

length and improves the rotor mechanical dynamic stability. However, 6s/2p motors with non-

overlapping windings have low winding factor (0.5) and thus low torque density. Based on the 

same slot/pole number combination, full-pitch windings [MER15] [KAB17] can increase the 

winding factor to 1. However, full-pitch windings result in a long end-winding and 

subsequently a long motor axial length, which lead to large copper loss and large motor size.  

In addition to tooth-coil (1 slot-pitch and short-pitch) windings and full-pitch (3 slot-pitch for 

a 3-phase motor) windings, 2 slot-pitch windings, which are also a type of short-pitch winding, 

are also available. In literature, 2 slot-pitch windings are used in PM synchronous machines 

(PMSM) for hybrid electric vehicles (HEV) to reduce magnet eddy current losses [SPA15]. In 

addition, 2 slot-pitch windings can also be used in vernier PMSM (VPMSM) to improve the 

power factor [LIU18a]. The winding pitch can be modified from one slot-pitch to two slot-

pitches to reduce the harmonics in fractional-slot non-overlapping winding PM machines 

[WAN14a] [PAT14] [CHE13] [WAN14b]. [WAN14b] presents a general theory of fractional-

slot PM machines with 2 slot-pitch based on several specific slot/pole number combinations. 

For flux-reversal PM (FRPM) machines, the influence of different slot-pitch on back-EMF has 

been investigated and for each different slot/pole number combinations, there is an optimal 

slot-pitch for the maximum fundamental back-EMF [HUA18]. 

For high-speed application, chapter 2 compares 6s/2p HSPM motors with coil-pitches of 1, 2, 

and 3 slot-pitches, and the advantages of 2 slot-pitch winding configuration have been proved. 

However, several special 2 slot-pitch winding configurations and production technologies can 

be developed to further reduce the end-winding axial length and increase the torque density. In 

addition, with the same winding factor, the 3s/2p HSPM motors with non-overlapping 
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windings have not been compared with 6s/2p HSPM motors with 2 slot-pitch windings.  

In this chapter, motor topologies and end-winding models of two proposed motors are 

discussed in section 3. 2. For the maximum torque density, the optimal design by finite element 

method (FEM) is analyzed in section 3. 3. In section 3. 4, the electromagnetic performances of 

two optimized motors are analyzed and compared. Section 3. 5 compares the electromagnetic 

performances of 3s/2p and 6s/2p HSPM motors with the same winding factor. In section 3. 6, 

two optimized motors with different layouts of 2 slot-pitch windings are prototyped and tested 

to validate some of the FEM predicted results in section 3. 3, and section 3. 7 is the conclusion. 

3.2 Motor Topology 

This section describes the motor topologies of two 6s/2p HSPM motors with alternate 2 slot-

pitch winding configurations. In addition, their different end-winding structures are modelled 

by 2D- and 3D-models, including end-winding length and axial length.  

3.2.1 Winding Configuration 

Fig. 3. 1 shows two 6s/2p motors with alternate layouts of 2 slot-pitch windings, i.e. Motor A 

(MA) and Motor B (MB), which have different conductor dispositions. The slot of Motor A is 

circumferentially divided into two parts, and two coil sides of different phases are 

accommodated at the left and right sides of the slot. The slot of Motor B is radially divided into 

two layers, the two sides of one coil are located at the upper and lower layers, respectively. It 

should be noticed that although both Motor A and Motor B have overlapping end-windings, 

different winding layouts result in different end-winding structures, which can be discussed in 

two aspects. One is end-winding length, which affects end-winding copper loss and winding 

inductance. Since 2 slot-pitch winding configurations have relatively large end-windings, the 

ratio of end-winding copper loss to total copper loss is relatively large, which cannot be 

neglected. The winding inductances affect the pulse width modulation and sensorless control 

[ZHU01], which is not considered in this research but their values will be calculated by FEM 

and shown in this chapter. The other one is the end-windings axial length, which impacts the 

motor axial length, rotor mechanical dynamics, and torque density.  



111 
 

  

(a) Motor A (b) Motor B 

Fig. 3. 1. 6s/2p HSPM motors with alternate layouts of 2 slot-pitch windings. 

3.2.2 End-winding Length 

It is assumed that the end-winding of Motor A is semi-circle [PAN06], Fig. 3. 2I-a, and the 

length of ‘ArcA’ is assumed as the diameter of end-winding. Since the two sides of one coil 

are located at the upper and lower layers respectively, the end-winding of Motor B is an arc 

connected by three points, the center point of the lower layer (point-A), the middle point of 

layers (point-B), and the center point of the upper layer (point-C), i.e. ‘ArcB’, Fig. 3. 2II-a. In 

addition, the end-winding of Motor B includes an extra part (lex), i.e. winding overhang region, 

Fig. 2II-b, which can be changed depending on the winding procedures. In this case, with 

manual winding, the length of extra part is relatively large, 4mm. If using automatic winding 

machines, the length of extra part can be reduced. 

3.2.3 Axial Length of End-winding 

The axial length of end-winding in Motor A is assumed to be the length of ‘ArcA’, as shown 

in Fig. 3. 2I-a. Due to lower and upper layers, Motor B has two end-winding axial lengths, 

which is assumed as the arc distances between the points-A/-B and the adjacent tooth, i.e. lR1 

and lR2, as shown in Fig. 2II-a. Since lR1 is always larger than lR2, lR1 is adopted for the 

calculation of motor axial length, which equals to Rend, Fig. 2II-b. In addition, the axial length 

of end-winding in Motor B includes an extra part (lex). 

The single-side end-winding length (le) and axial length (lea) of Motor A can be calculated as 

A1

A2

B1

B2

C2

C1
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The single-side end-winding length and axial length of Motor B can be given by 

( ) 1 1( 2 ) 2 / 2 2e MB R R exl ArcB l l l     (3.3) 

( ) 1ea MB R exl l l   (3.4) 

where ArcB is an arc connected by three points, the center point of the lower layer (point-A), 

the middle point of layers (point-B), and the center point of the upper layer (point-C), Fig. 

3.2II-b, which can be computed by geometric calculation. 

  

(a) 2D-model-1 

  

(b) 2D-model-2 
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(c) 3D-model 

(I) Motor A (II) Motor B 

Fig. 3. 2. 2D- and 3D-models of end-windings in 6s/2p motors with alternate layouts of 2 

slot-pitch windings. 

3.3 Design Optimization 

Compared with conventional low- and medium-speed PM motors, the stator iron losses of 

HSPM motors are significant large due to high frequency and cannot be neglected [ZHU97]. 

Therefore, the stator thermal limitation (Plimit) including stator iron loss and copper loss is 

introduced in this optimization. However, the stator thermal limitation only considers the heat 

caused by stator iron loss and winding copper loss dissipating through the motor external 

surfaces, but neglects the heat caused by winding copper loss inside the stator (hot spot), 

especially for on-load operation. Therefore, the maximum allowed current density (Jmax) is also 

introduced to avoid the thermal issue inside the stator and destruction of winding insulation 

[REI13]. According to the research experience, the maximum allowed current density is 

selected as 12 A/mm2. Since two motors with different layouts of 2 slot-pitch windings have 

different axial lengths of end-windings, the optimal goal is the maximum torque density, 

accounting for copper loss and axial length of end-windings. Table 3. 1 shows the main designs 

of Motors A and B.  

In literature [BIA04], the stator thermal limitation of the small size HSPM motor is calculated 

by Plimit=hVwπDols, where h is the overall thermal heat transfer coefficient, which is closely 

related with the type of cooling, and h=100 W/°Cm2 for the forced air cooling in this case. Vm 

is the maximum motor operation temperature. Do is the stator outer diameter and ls is the stator 

active length. In this optimization, there are three design variables: λ, Bmax, and Imax. The 

maximum Bg is restricted by the split ratio. According to Bmax, wt and hy can be calculated. With 

various phase currents, the electromagnetic torques and the total stator losses (Pstator) can be 



114 
 

obtained, which consists of stator iron loss and copper loss. Only the motor meeting the design 

requirement, i.e. stator loss limitation and maximum allowed current density, can be selected 

for the maximum torque or maximum torque density. 

With the increase of stator iron flux density, for considering stator loss limitation only, the 

maximum torque density increases at first and then decreases, but for considering current 

density limitation only, the maximum torque density increases linearly, Fig. 3. 3. Therefore, 

the optimal Bmax for the maximum torque density occurs at the intersection of two lines, and 

two motors have the same optimal Bmax. This result also shows that when Bmax <1.0T, the 

current density limitation is a dominant restriction due to the small slot area and large current 

density, however, when Bmax >1.0T, the stator loss limitation is a dominant restriction due to 

the large stator iron loss. 
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Table 3. 1 

Main Designs of 6s/2p HSPM Motors 

Stator outer diameter (mm) 40 Stator active length (mm) 9.6 

Turns per phase in series 20 Air-gap length (mm) 1.55 

Sleeve thickness (mm) 0.5 Shaft diameter (mm) 5 

Magnet remanence (T) 1.3 Winding connection parallel 

Fig. 3. 4 shows that with the optimal Bmax, the maximum torque density increases at first and 

then decrease with the increase of split ratio when only considering stator loss or current density 

limitation. However, considering stator loss and current density limitations, the maximum 

torque density can be achieved at the intersection of two lines, which is the optimal split ratio.  

It is worth noting that although two motors have the same optimal Bmax and split ratio, MB has 

slightly larger maximum torque density than MA due to the smaller average torque, Fig. 3. 5, 

and shorter end-winding axial length, Fig. 3. 6. Table 3. 2 shows the parameters of two 

optimized motors have the same optimal design. 
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(b) Motor B 

Fig. 3. 3. Relationship between maximum torque density and Bmax considering stator loss and 

current density limitations. 

 

(a) Motor A 

 

(b) Motor B 

Fig. 3. 4. Relationship between maximum torque density and split ratio considering stator 

loss and current density limitations, Bmax=1.0T. 
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Fig. 3. 5. Relationship between maximum torque and split ratio, Bmax=1.0T. 

 

Fig. 3. 6. Relationship between end-winding axial length and split ratio, Bmax=1.0T. 

3.4 Performance Evaluation  

The influence of different layouts of 2 slot-pitch windings on the electromagnetic performances 

of two optimized 6s/2p HSPM motors is investigated, including open-circuit Bg, back-EMF, 

electromagnetic torque, cogging torque, winding inductance, various loss components and 

efficiency. 

3.4.1 Open-circuit Analysis 

The equipotential distributions of two optimized motors are shown in Fig. 3. 7. Since the HSPM 

motor requires relatively large air-gap length, the harmonic contents of air-gap field are very 

small except those due to slotting, Fig. 3. 8. The back-EMF waveforms of phase A in two 

optimized motors are sinusoidal since the 2-pole magnet is diametrically-magnetized and there 
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motors have the same open-circuit Bg and back-EMF. 

Table 3. 2 

Parameters of Optimized Motors with Stator Thermal and Current Density Limitations 

 MA MB 3-slot motor 

Stator thermal limitation, W 18.7 

Maximum current density, A/mm2 12 

Bmax, T 1.0 

Optimal split ratio 0.32 

Phase current, A 7.0 6.7 6.5 

Current density, A/mm2 11.9 11.5 11.8 

Torque, mNm 15.5 15.0 14.3 

Stator iron loss, W 13.78 13.40 14.78 

Copper loss, W 4.78 5.31 3.82 

Active stator loss, W 18.56 18.71 18.60 

Rotor PM loss, W 3.42 3.13 4.14 

Efficiency, % 93.0 92.8 92.2 

End-winding length, W 31.97 40.93 26.42 

Motor axial length, mm 29.6 28.5 26.4 

Torque density, Nm/m3 411.7 418.8 430.8 

3.4.2 Torque Analysis 

Two 6s/2p HSPM motors have almost zero cogging torques since the 2-pole magnet is 

diametrically-magnetized, Fig. 3. 10. With thermal limit, MA with larger phase current has 

larger torque than MB with longer end-winding length, but they have almost the same torque 

ripple, which results from the sinusoidal back-EMF waveform and 120º electric square wave 

current waveform, Fig. 3. 11. 
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(a) Motor A (b) Motor B 

Fig. 3. 7. Equipotential distributions of two optimized motors. 

 

(a) Waveforms 

 

(b) Spectra 

Fig. 3. 8. Air-gap field distributions of MA and MB. 
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(a) Waveforms 

 

(b) Spectra 

Fig. 3. 9. Back-EMF waveforms of phase A. 

 

Fig. 3. 10. Cogging torque and electromagnetic torque waveforms. 
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Fig. 3. 11. Square wave current waveforms with 120 º electric conduction. 

 

(a) Open-circuit 

 

(b) On-load 

Fig. 3. 12. Stator iron losses. 
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3.4.3 Loss Analysis 

A. Stator iron loss 

Two 2 slot-pitch winding layouts with the same stator winding MMF distribution and rated 

phase current have negligible influence on the stator iron loss, Fig. 3. 12. There are six 

pulsations in Fig. 3. 12 (b), which corresponds to six commutations in the six-step commutation 

block using a 120 º electric conduction mode. Due to the increased magnitudes of iron loss 

pulsations, the average iron loss increases with the rise of phase current, Fig. 3. 13. Therefore, 

in section 3. 3, the stator iron loss is calculated by FEM considering the influence of armature 

reaction. 

 

Fig. 3. 13. Variation of average stator iron loss and magnitude of pulsation with phase 

current. 

B. Copper loss 

In general, the copper loss consists of two parts, DC copper loss and AC copper loss. In HSPM 

motors, the AC copper losses due to skin effect and proximity effect may increase significantly 

and should be analysed [LIS16]. To avoid the skin effect, the diameter of conductors should be 

less than the skin depth (δ) [UZH14], which can be calculated by  

f




 
  (3.5) 

In this case, the frequency is 3000 Hz, and the skin depth is 1.2mm. Therefore, the skin effect 

can be neglected when the diameter of conductor is selected as 0.6 mm. It is worth noting that 

the motor is developed for vacuum cleaners. It employs small conductor diameter and has low 

slot packing factor for reducing the AC loss. More importantly, the airspaces (between 

0

100

200

300

400

500

600

0

10

20

30

40

50

60

0 5 10 15 20 25 30
M

a
g

n
it

u
d

e 
(W

)

A
v

er
a

g
e 

ir
o

n
 l

o
ss

 (
W

)

Phase current (A)

Average iron loss

Magnitude of pulsation



123 
 

conductor and stator iron core) in the slot and between conductors are used for the forced-air 

cooling channels to improve the winding cooling capability and avoid local overheating. 

The proximity effect depends on the variation of leakage magnetic field in the slot, e.g. due to 

the PM rotating and armature reaction magnetic fields [CHA18]. Since MA and MB have small 

rated phase currents, the PM rotating magnetic field is dominant. Fig. 3. 14 shows that the 

rotating magnetic field affects the conductors near the slot opening significantly, but has 

negligible influence for the conductors at the bottom of the slot. Therefore, the coils at the left 

and right sides of the slot in MA have almost the same maximum flux density, however, the 

coils at the upper layer of the slot in MB have larger maximum flux density than the coils at 

the lower layer, Fig. 3. 15. As a result, the coils at the upper layer have larger AC copper loss 

than the coils at the lower layer. When the frequency is 400Hz, i.e. 24,000 rpm, MA and MB 

without end-windings have almost the same joule loss and the ratio of AC to DC copper losses, 

Table 3. 3, which shows that the AC copper losses are small and can be neglected. When the 

frequency is 3000 Hz, i.e. 180,000 rpm, MB has larger joule loss than MA due to the larger 

joule losses in the coils at the upper layer. 

Since the end-winding region has very small rotating magnetic field, the proximity effect in 

end-windings depends on the change of magnetic field caused by armature reaction and thus 

the ratio of AC to DC copper losses in end-windings is the same as that in the coils at the lower 

layer. Table 3. 4 indicates that considering end-windings decreases the ratio of AC to DC 

copper losses since only the coils near the slot opening experience proximity effect and produce 

AC copper loss. Therefore, the AC copper loss can be neglected in this chapter. 
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Table 3. 3 

 Copper Losses without End-windings 

Coils 
DC loss, 

W 

Joule loss of coils, W AC/DC copper loss 

400Hz 3000Hz 400Hz 3000Hz 

MA 

Left 0.55 0.588 0.72 

0.07 0.31 Right 0.55 0.588 0.72 

Total 1.100 1.176 1.44 

MB 

Lower 0.505 0.534 0.556 0.06 0.10 

Upper 0.505 0.556 0.944 0.10 0.87 

Total 1.01 1.09 1.50 0.08 0.49 

Table 3. 4 

 Copper Losses with End-windings (3000Hz) 

 MA MB 

End-winding length, mm 31.97 40.93 

DC loss, W 5.11 5.31 

Joule loss of active windings, W 1.44 1.50 

Joule loss of end-windings, W 4.50 4.72 

Total Joule loss, W 5.94 6.22 

AC/DC copper loss 0.16 0.17 

C. Rotor loss 

In this chapter, a stainless-steel sleeve is employed to retain the PMs from centrifugal force, 

and thus the rotor loss includes eddy current losses in sleeve, PMs, and shaft, which not only 

affects the motor efficiency but also may result in irreversible demagnetization of PMs due to 

overheating. Due to the same motor dimensions, two motors with the same rated phase current 

and stator winding MMF distribution have the same rotor loss, Fig. 3. 16. As the same results 

in the stator iron loss waveforms, there are six pulsations in the rotor loss waveforms, Fig. 3. 

16. 
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(a) Motor A (b) Motor B 

Fig. 3. 14. Flux density of conductors in two motors. 

 

(a) Motor A 

 

(b) Motor B 

Fig. 3. 15. Maximum flux density of conductors in different positions of the slot. 
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Fig. 3. 16. Rotor eddy current losses of MA and MB under the rated current, Imax=7A. 

3.4.4 Winding Inductances 

The various component inductances of two 6s/2p HSPM motors with different layouts of 2 

slot-pitch windings are analyzed in this section. Since the end-winding axial lengths of two 

optimized motors are larger than the stator active length, the end-region component of 

inductances should be considered. Fig. 3. 17 shows the flux distributions of two 6s/2p HSPM 

motors with rotor shaft. In MA, two conductors of one coil, i.e. A+ and A-, have the same flux 

linkage, Table 3. 5.  

In MB, the conductor A+ at the lower layer has larger flux linkage than the conductor A- at the 

upper layer, however, the flux linkage of coil A is almost the same as that in MA. It is assumed 

that only phase A is excited, i.e., IA=1A, IB=IC=0A, and two coils of the same phase are 

connected in parallel. The slot-region and air-gap region components of inductances are 

calculated by 2D-FEM, and the end-region component is predicted by 3D-FEM. Table 3. 6 

shows that in 2D-FE model, MA and MB have almost the same self-and mutual-inductances 

since the same motor dimension, but the end-region of MA is larger than that of MB due to the 

larger end-winding axial length. Therefore, compared with MA, MB has an advantage in 

smaller inductance, which is beneficial to sensorless operation [TOD05] [LEE17]. 
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(a) Motor A (b) Motor B 

Fig. 3. 17. Flux distributions of MA and MB (IA=1A, IB=IC=0A). 

Table 3. 5 

Flux Linkages of Conductors in One Coil (μWb) 

 Motor A  Motor B 

Conductor A+ 4.77 5.40 

Conductor A- 4.77 4.07 

Coil A 9.54 9.47 

Table 3. 6 

 Winding Inductances in 2D-and 3D-FE Models (µH) 

 2D-FE End-region 3D-FE Phase 

MA 
L 16.1 10.33 26.43 

39.20 
M -7.61 -5.16 -12.77 

MB 
L 16 7.4 23.4 

34.75 
M -7.65 -3.7 -11.35 

3-slot 
L 24.26 8.43 32.69 

47.37 
M -10.47 -4.21 -14.68 
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3.5 Comparison of 3s/2p and 6s/2p HSPM Motors 

Compared with the non-overlapping windings in 6s/2p HSPM motors, one of the remarkable 

advantages of the 2 slot-pitch windings is a relatively large winding factor (0.866), which is 

the same as that of a conventional 3s/2p PM motor with non-overlapping windings. Therefore, 

in this section, a conventional 3s/2p HSPM motor with non-overlapping windings is optimized 

and compared with 6s/2p HSPM motors having the same winding factor. Fig. 3. 18 shows the 

machine topology and end-winding structure of the 3-slot motor. Employing the same 

optimization method as mentioned before, the 3s/2p HSPM motor is optimized considering the 

stator loss and current density limitations. According to Fig. 3. 19 and Table 3. 2, for maximum 

torque density, the 3s/2p motor has the same optimal Bmax and optimal split ratio as that of the 

6s/2p motor. The motor axial length increases mildly with the increase of split ratio but remains 

almost the same with the increase of Bmax, Fig. 3. 20. 

 

 

(a) Machine topology (b) End-winding structure 

Fig. 3. 18. Machine topology and end-winding structure of the 3-slot motor. 
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(b) Split ratio 

Fig. 3. 19. Relationship between maximum torque density, Bmax, and split ratio (Bmax=1.0T) 

considering stator loss and current density limitations. 

 

Fig. 3. 20. Relationship between motor axial length and split ratio under different stator iron 

flux densities. 

3.5.1 Open-circuit Analysis 

Fig. 3. 21 shows the equipotential and flux contour distributions of the 3-slot motor, and the 

air-gap field distributions of the 3s/2p and 6s/2p motors are shown in Fig. 3. 22. The spectra 

show that the 3s/2p motor has slightly richer spatial harmonics due to slotting effect, such as 

the 2nd and 4th order harmonics. 
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Fig. 3. 21. Equipotential and flux contour distributions of the optimized 3s/2p motor with 

non-overlapping windings. 

 

(a) Waveforms 

 

(b) Spectra 

Fig. 3. 22. Air-gap field distributions of 3s/2p and 6s/2p motors. 
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3.5.2 Torque Analysis 

Both the 3s/2p motor and two 6s/2p motors have almost zero cogging torque due to 

diametrically-magnetized magnet, Fig. 3. 23. Considering stator loss and current density 

limitation, the 3-slot motor has smaller rated current and subsequently smaller electromagnetic 

torque.  

 

Fig. 3. 23. Electromagnetic and cogging torques of 3s/2p and 6s/2p motors. 

3.5.3 Unbalanced Magnetic Force 

Fig. 3. 24 shows that the 6s/2p motor with symmetrical stator topology has no UMF, while the 

3s/2p motor exhibits inherent no-load and on-load UMFs, [ZHU07], which are undesirable in 

high-speed operation. In addition, with the increase of phase current, the average UMF of the 

3s/2p motor increases linearly, but that of the 6s/2p motor remains zero, Fig. 3. 25. Therefore, 

compared with the 3s/2p motor, the 6s/2p motor offers advantage for no UMF and avoiding 

high vibration and noise. 

 

Fig. 3. 24. UMFs of 6-slot (Imax=7A) and 3-slot motors (Imax=6.5A). 
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Fig. 3. 25. Relationship between average UMF and phase current in 6-slot and 3-slot motors. 

3.5.4 Loss Analysis 

Fig. 3. 26 shows the comparison of various loss components of the 3s/2p motor and two 6s/2p 

motors. As mentioned before, the AC copper loss is small and can be neglected. Therefore, 

with the smallest end-winding length, the 3s/2p motor has the smallest copper loss. In addition, 

the 3s/2p motor has the largest on-load iron loss due to the local saturation in the tooth tip, Fig. 

3. 21. Fig. 3. 27 shows the 3s/2p motor has richer spatial harmonics than the 6s/2p motor, thus 

the largest rotor loss. Therefore, compared with two 6s/2p motors, the 3s/2p motor exhibits the 

smallest copper loss, but the largest total loss, Table 3. 2.  

 

Fig. 3. 26. Losses of MA, MB, and the 3-slot motor under their rated currents. 
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(a) Waveforms 

 

(b) Spectra 

Fig. 3. 27. Air-gap flux density waveforms of 3s/2p and 6s/2p motors at on-load condition. 

3.5.5 Winding Inductances 

The inductances of the 3s/2p motor are shown in Table 3. 6, and the end-region component of 

inductances is calculated by 3D-FE model. It can be seen that the winding inductance of the 

3s/2p motor is larger than that of two 6s/2p motors.  

3.6 Experimental Validation 

To validate the FE analyses, two 6s/2p HSPM motors with different layouts of 2 slot-pitch 

windings are prototyped, Fig. 3. 28, together with the rotor-bearing-blade system and the frame 

with air duct system.  
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(a) Motor A (b) Motor B 

 

 

(c) Rotor-bearing-blade system (d) Frame with air duct system 

Fig. 3. 28. Two prototype motors. 

End-winding axial lengths of two prototypes are measured by vernier caliper. The results show 

the measured end-winding axial lengths of two motors are almost the same as the predicted 

results, Table 3. 7. Although the measured winding resistances of MA and MB are slightly 

larger than the analytical predicted results, satisfied agreement is achieved, Table 3. 7. 

By an LCR meter, the measured phase inductances are shown in Table 3. 8. In 3-D FE model, 

the effect of frequency is neglected, and the predicted winding inductances are ideal. Therefore, 

the predictions and measurements of winding inductances at 1.0 Hz have a good agreement. 

The measured results also show that the winding inductance increase with the increase of 

frequency. Fig. 3. 29 compares the back-EMF waveforms of MA and MB by FEM prediction 

and measurement. It shows that they have a good agreement. 
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Table 3. 7 

Motor Axial Length and Winding Resistance by Prediction and Measurement 

 
Motor axial length (mm) Resistance (m) 

ANA Measured ANA Measured 

MA 29.6 30.2 53.5 64.3 

MB 28.5 30.7 59.3 66.5 

Table 3. 8 

Winding Inductances of Two Motors (μH) 

 3D-FE Measured (1Hz) Measured (3kHz) 

MA 40.2 44.05 54.04 

MB 42.6 46.02 50.60 
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(b) Spectra 

Fig. 3. 29. Predictions by FEM and measurements of back-EMF waveforms of phase A in 

MA and MB. 

Based on a test rig described in [ZHU09], the on-load static torques can be measured. With the 

different phase currents of IA = -IB = 0, 5, 10, and 15 A, IC = 0A, which corresponds to square 

wave current waveforms with 120 º electric condition, the static torques of two prototypes are 

measured at different rotor positions and they have a good agreement with the FE predicted 

results, Fig. 3. 30. It also shows that 6s/2p HSPM motors with diametrically-magnetized 

magnets have negligible cogging torque. The maximum static torque increases with the 

increase of phase current linearly, and two prototypes have almost the same FE predicted and 

measured results, Fig. 3. 31. 

 

Fig. 3. 30. Predictions and measurements of static torques under different phase currents, IA = 

-IB = 0, 5, 10, and 15 A, IC=0A. 
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Fig. 3. 31. Maximum measured and FE predicted static torques with various phase currents. 

Two motors are tested at the rated speed of 180krpm and Fig. 3. 32 shows the prototypes with 

drive system and high-speed test platform. The sensorless operation based on the detection of 

the zero-crossing of the back-EMF waveform is employed. By speed control, two proposed 

6s/2p HSPM motors have successfully operated up to 180krpm, Fig. 3. 33. It can be seen that 

for MA and MB, when the DC link voltage is 30V, both switches are switched on with almost 

100% duty cycle. It should be stated that the controller and experimental platform are supplied 

by the Midea Company. 

  

(a) Prototypes 
(b) Experimental platform for high-speed 

operation 

Fig. 3. 32. Prototypes and high-speed test platform. 

0

20

40

60

0 5 10 15

S
ta

ti
c
 t

o
r
q

u
e
 (

m
N

m
)

Phase current (A)

FEA-MA Test-MA

FEA-MB Test-MB

Monitoring

Control cabinet

Test cabinet

Motor



138 
 

 

(a) Motor A 

 

(b) Motor B 

Fig. 3. 33. Measured terminal voltage and phase current waveforms of two prototypes at the 

rated speed of 180 krpm under speed control (10.0V/div; 20.0A/div; Udc =30V). 

3.7 Conclusion 

This chapter has proposed two 6s/2p HSPM motors with different layouts of 2 slot-pitch 

windings. With stator loss and current density limitations, two motors have been optimized for 

maximum torque density and they have the same optimal design. Then, the electromagnetic 

performances of two optimized motors have been analyzed and compared. It shows that Motor 

B is an attractive motor design due to short axial length of end-winding, large torque density, 

and small phase inductance. Compared with a conventional 3s/2p HSPM motor with non-

overlapping windings, the 6s/2p HSPM motor with 2 slot-pitch windings offers advantages in 

high torque, small phase inductance, low rotor loss and no UMF. Two 6s/2p HSPM motors 

with alternate layouts of 2 slot-pitch windings have been manufactured and some of the FE 

analyses have been validated by experiments. By high-speed test, two prototypes have 

successfully operated up to 180krpm. 
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APPENDIX 3. A 

In this section, the influence of end-winding models on the end-winding axial lengths of Motors 

A and B is discussed in detail, and their 2D- and 3D-models are shown in Fig. 3. 2.  

From another perspective, the end-winding axial structures of Motors A and B are shown in 

Fig. 3. 34. For Motor A, Fig. 3. 34 (a), the end-windings of coils B1 and A2 are overlapped 

totally, Fig. 3. 34 (c). For Motor B, Fig. 3. 34 (b), the coils A1 and B1 are located parallelly 

and have no intersection, but coil C2 has intersections with half of coil A1 and half of Coil B1, 

Fig. 3. 34 (d). Therefore, in terms of the overlapping regions of end-windings, Motors A and 

B have the same overlapped region of end-windings, i.e. two phase windings. However, in 

Motor A, the width of the overlapped region is twice of that in Motor B, which may result in a 

longer end-winding axial length. 

  

(a) Motor A (b) Motor B 

  

(c) Overlapped end-windings of MA (d) Overlapped end-windings of MB 

Fig. 3. 34. 6s/2p HSPM motors with alternate layouts of 2 slot-pitch windings. 

Although Table 3. 7 shows the end-winding axal length of two prototypes in Fig. 3. 28 are 
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almost the same, the other prototypes of Motors A and B are manufactured, which are 

optimized by a fixed current density, Fig. 3. 35. It can be seen that Motor B has a shorter motor 

axial length. Therefore, in theory, compared with Motor A, Motor B has a smaller width of the 

overlapped region of end-windings and a shorter axial length of end-windings, which may lead 

to a higher torque density. 

  

(a) Motor A (b) Motor B 

  

(c) Motor axial length of MA (d) Motor axial length of MB 

Fig. 3. 35. Two newly wound prototypes and their motor axial lengths. 

APPENDIX 3. B 

The properties of the magnet and stainless-steel sleeve are listed in Table 3. 9. The thickness 

of the sleeve is 0.3mm, the interference fit between the sleeve and magnet is 0.005mm. Fig. 3. 

36 shows the stress analyses of sleeve and magnet under high-speed operation (180krpm). The 

maximum Von-Mises stress of the sleeve is 206.89Mpa, Fig. 3.36 (a), which is smaller than its 

ultimate tensile strength (586Mpa). In addition, the maximum 1st principal stress of the magnet, 

i.e. the maximum tensile stress, is 12.71 MPa, Fig. 3.36 (b), which is smaller than its ultimate 

tensile strength (80Mpa). Since the magnet is brittle but has high compression strength, the 3rd 

principal stress of the magnet is unnecessary in this thesis. Therefore, the design of sleeve is 

safe for high-speed operation and no mechanical issues.  
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Table 3. 9 

Mechanical Parameters of Sleeve and Magnet Materials 

 N45SH Stainless steel 

Young’s modulus, E (Gpa) 160 193 

Poisson’s ratio, ν 0.24 0.31 

Density, ρ (Kg/m3) 7400 7750 

Ultimate tensile strength, σu (Mpa) 80 586 

 

  

(a) Von-Mises stress of sleeve (b) 1st principal stress of magnet 

Fig. 3. 36. Stress analyses of sleeve and magnet at 180krpm. 
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CHAPTER 4 

INFLUENCE OF ROTOR ECCENTRICITIES ON ELECTROMAGNETIC 

PERFORMANCE OF 2-POLE PERMANENT MAGNET MOTORS 

Rotor eccentricities may exist in PM motors due to manufacturing and mounting tolerances, 

and bearing wear. This is critical for permanent magnet motors since it will affect the 

electromagnetic performance and also lead to mechanical issues, noise, and vibration. This 

chapter analyses the electromagnetic performances of 3s/2p and 6s/2p PM motors with static 

and dynamic rotor eccentricities considering eccentricity ratio, eccentricity angle, and rotor 

initial angle. Some of the predictions by FEM are validated by the experimental results. 

This chapter was published in IEEE Transactions on Energy Conversion. 

4.1. Introduction 

There are two types of rotor eccentricity, i.e. static and dynamic rotor eccentricities [DOR97]. 

In literature, the PM motors with static and dynamic rotor eccentricities have been extensively 

researched in terms of back-EMF, cogging torque, electromagnetic torque, and UMF, etc. 

[ZHU13] shows that the rotor eccentricity has a negligible effect on the back-EMF and torque 

of rotational symmetrical motors, but has significant influence in rotational asymmetric motors, 

where the rotational symmetrical and asymmetric motors mean that the motor configuration 

repeats every certain amount of angle or not. [ZHU14] presents that the rotor eccentricity leads 

to the largest impact on the cogging torque in the motors having 2p=Ns±1, smaller influence in 

the motors having 2p=Ns±2. In [TON20], a novel analytical model is proposed for predicting 

the influence of rotor eccentricity and magnet defects on the cogging torque in SPM motors. 

The effects of rotor eccentricity on the UMFs for 24s/4p IPM and SPM motors are compared 

in [KIM01]. The comparison shows that the rotor eccentricity has a larger influence on the 

UMF of the IPM due to a relatively small air gap and severe magnitude saturation. [WUL13] 

analyses the influence of static/dynamic rotor eccentricities on the UMFs of different pole/slot 

number combination PM motors with asymmetric windings. [KIM16] investigates the UMF of 

a slotless 2-pole toroidally wound brushless direct current (BLDC) motor with rotor 

eccentricity. An improved conformal mapping (ICM) method is presented in [ALA15] for 

magnetic field analysis in SPM motors with rotor eccentricity, which is employed in [ALA17] 

for investigating the influence of rotor eccentricity on UMF. 

Nowadays, HSPM motors are employed widely for many applications. However, few papers 
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research the influence of rotor eccentricity on the electromagnetic performance of the HSPM 

motors. In addition, the 2-pole is popular for high-speed applications due to its limitation of 

motor size, stator iron loss, and converter loss [ZHU97]. There are different slot and pole 

number combinations of 2-pole HSPM motors, such as 3s/2p [ZHU97] [HES87] [BIA05] 

[MAJ17], 6s/2p [SHI04] [NOG05] [UZH14] [LIM17], 12s/2p [WAN03] [XUJ11] [FAN12], 

and 18s/2p [ZHA19]. Therefore, the influence of static and dynamic eccentricities on the 

electromagnetic performance of 2-pole rotational asymmetric (3-slot) and symmetrical (6-slot) 

motors will be investigated in this chapter. 

In section 4. 2, motor topologies and rotor eccentricity types are discussed. Section 4. 3 

analyses the electromagnetic performance of 3s/2p PM motors with static and dynamic rotor 

eccentricities accounting for eccentricity ratio, eccentricity angle, and rotor initial angle. In 

section 4. 4, 6s/2p PM motors with different winding configurations and rotor eccentricity are 

analyzed. In section 4. 5, 2-pole prototype motors without and with static/dynamic 

eccentricities are tested to validate the predictions by finite element (FE) method, and section 

4. 6 is the conclusion. 

4.2. Motor Topologies and Rotor Eccentricity Types 

In this section, the topologies of a 3s/2p PM motor and 6s/2p PM motors with 1, 2, and 3 slot-

pitch windings will be described, and two rotor eccentricity types will be introduced.  

4.2.1 Motor Topologies 

Fig. 4. 1 shows the topologies of 2-pole PM rotational asymmetric and symmetrical motors, 

i.e. 3s/2p PM motor with tooth-coil windings, 6s/2p PM motors with 1, 2, and 3 slot-pitch 

windings. They have a rated torque of 27 mNm at the rated current 10 A. The main parameters 

of 3s/2p and 6-slot PM motors are shown in Table 4.1. Four motors have different numbers of 

turns per phase due to different winding factors. A 2-pole magnet ring with parallel 

magnetization and a magnetic shaft are adopted. It is intended for high-speed operation, three 

phase 120º electric square wave current waveforms are employed. 
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(a) 3s/2p motor  (b) 6s/2p motor with 1 slot-pitch windings 

  

(c) 6s/2p motor with 2 slot-pitch windings (d) 6s/2p motor with 3 slot-pitch windings 

Fig. 4. 1. Topologies of 3s/2p and 6s/2p motors. 

4.2.2 Rotor Eccentricity Types 

There are two kinds of rotor eccentricity: static eccentricity (SE) and dynamic eccentricity 

(DE). Their main difference is the position of the center of the rotor (Or). Or is fixed for the 

static eccentricity when the rotor is rotating, while it is rotating around the center of the stator 

bore (Os) for the dynamic eccentricity, as shown in Fig. 4. 2, where g is the air-gap length of 

the motor without eccentricity, X is the rotor offset distance along the eccentricity direction, 

Rin is the stator bore radius, Rm is the magnet radius, i.e. rotor outer radius, α and β are the 

eccentricity angle and the rotor initial angle, δ is the angle difference between α and β. When 

the rotor is offset towards phase A, the eccentricity angle (α) is defined as 0 elec. deg. The rotor 

initial position (β) is defined as 0 elec. deg. when the back EMF of phase A equals zero. To 

describe the degree of rotor eccentricity, the eccentricity ratio (ε) is introduced, which is the 

ratio of rotor offset distance to the air-gap length of the motor without eccentricity, i.e. ε = X/g.  
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Fig. 4. 2. Illustration of static and dynamic rotor eccentricities. 

Table 4.1  

Main Parameters of 2-pole PM Motors 

Pole / Slot number 2/3 2/6 

Winding configuration Tooth-coil 1 slot-pitch 2 slot-pitch 2 slot-pitch 

Winding factor 0.866 0.5 0.866 1.0 

Stator outer diameter, mm 40 40 40 40 

Stator bore diameter, mm  13.6 13.6 13.6 13.6 

Stator active length, mm 10 10 10 10 

Tooth body width, mm  6.22 3.11 3.11 3.11 

Stator yoke height, mm  3.11 3.11 3.11 3.11 

Air-gap length, mm 1.55 1.55 1.55 1.55 

Slot opening, mm 1.5 1.0 1.0 1.0 

Magnet thickness, mm 2.75 2.75 2.75 2.75 

Magnet remanence, T 1.3 1.3 1.3 1.3 

Shaft diameter, mm 5 5 5 5 

Number of turns/phase 21 36 21 18 
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4.3. 2-Pole Asymmetric Motor with Rotor Eccentricity 

The electromagnetic performances of the 3s/2p PM motor with rotor eccentricity is analyzed 

in this section. 

4.3.1 Open-circuit Air-gap Field 

Figs. 4. 3 and 4. 4 show the equipotential, flux contour, and air-gap field distributions of 3s/2p 

PM motors without/with static/dynamic eccentricities when the eccentricity ratio is 0.5 and the 

rotor position (θ) is 90°. It is assumed that the eccentricity angle and rotor initial angle are 0°.  

It can be seen that with static rotor eccentricity, the smallest air-gap is fixed relative to the 

stator, but with dynamic rotor eccentricity, the smallest air-gap is rotating relative to the stator. 

The spectra show both static and dynamic rotor eccentricities lead to the 2nd, 3rd… order 

harmonics. 

In [ZHU14], the airgap field Bg of the motor with rotor eccentricity can be computed by a 

simple analytical method. The air-gap field has the (n±v)th spatial harmonics caused by rotor 

eccentricity, where n is the original field harmonics and v is an integer. For the 3s/2p motor, 

the spatial harmonic contents of air-gap flux densities with/without eccentricity are shown in 

Table 4. 2. The motor without eccentricity has the (mp±jNs)th harmonics, which are the 

modulated PM harmonics caused by slotting. Since the largest influence caused by the rotor 

eccentricity occurs when v=1 [ZHU14], only n±1 is given in Table 4. 2 and the harmonic 

contents are the same as those shown in Fig. 4. 4 (b). 

   

(a) Without  

rotor eccentricity 

(b) Static  

rotor eccentricity 

(c) Dynamic  

rotor eccentricity 

(I) Equipotential distributions 
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(a) Without  

rotor eccentricity 

(b) Static  

rotor eccentricity 

(c) Dynamic  

rotor eccentricity 

(II) Flux contour distributions 

Fig. 4. 3. Equipotential and flux contour distributions of 3s/2p HSPM motors without and 

with rotor eccentricity, θ= 90°, ε=0.5. 
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(b) Spectra 

Fig. 4. 4. Air-gap field distributions of 3s/2p motors without/with static/dynamic rotor 

eccentricities, on the radial position (r = Rsi - 0.25 mm) and rotor position (θ= 90°). 

Table 4.2  

Spatial Harmonic Contents of Air-gap Flux Density 

Original PM 

harmonics 

Modulated PM harmonics due to 

slotting 

Additional air-gap field due to 

rotor eccentricity 

n = mp n=mp±jNs n± v (v =1) 

1, 3, 5… 1, 2, 3, 4, 5… 
n+1 n-1 

2, 3, 4, … 1, 2, 3, … 

4.3.2 Back-EMF 

The back-EMF waveform of the 3s/2p HSPM motor is sinusoidal due to a parallel magnetized 

magnet rotor. With static rotor eccentricity ε=0.5, phase A has an increased peak back-EMF 

while those of phases B and C decrease, which results in the unbalanced back-EMFs of three 

phase, Fig. 4. 5 (a). The spectra show that phase A has an increased magnitude of fundamental 

back-EMF, but those of phases B and C decrease. There is no additional harmonic in the three 

phase back-EMFs caused by static rotor eccentricity. Therefore, the static rotor eccentricity 

does not change the harmonic contents but affects the fundamental magnitude. With dynamic 

rotor eccentricity ε=0.5, the fundamental magnitudes of three phase back-EMFs remain the 

same, but the 2nd order harmonic exists, Fig. 4. 5 (b). Therefore, the dynamic rotor eccentricity 

does not change the fundamental magnitude but affects the harmonic contents due to the 
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(n±1)th temporal order harmonics [ZHU13]. To investigate the influence of eccentricity ratio, 

eccentricity angle, and rotor initial angle on the back-EMF, the motors with static and dynamic 

rotor eccentricities are analyzed separately. 

 

(a) SE 

 

(b) DE 

 

(c) Spectra 

Fig. 4. 5. Back-EMFs of 3s/2p motors without/with static/dynamic rotor eccentricities, ε=0.5. 
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A. Static rotor eccentricity 

To describe the degree of unbalanced three phase back-EMFs due to static rotor eccentricity, 

the unbalanced ratio (Ru) is employed, which is defined by the National Electrical 

Manufacturers Association (NEMA) as 

( )ph ave

u

ave

Max E E
R

E


  

(4.1) 

With the increase of eccentricity ratio, the peak back-EMF of phase A increases linearly while 

those of phases B and C decrease simultaneously, Fig. 4. 6, which leads to the linear increase 

of the unbalanced ratio. Due to the rotor eccentricity angle, the increased eccentricity ratio does 

not change the phase angle of the back-EMF of phase A, but increases or decreases those of 

phases B and C linearly, Fig. 4. 7. The positive and negative offset phase angles in Fig. 4. 7 (b) 

indicate the advanced and lagged phase angles, Fig. 4. 8. Therefore, the unbalanced three phase 

back-EMFs caused by static rotor eccentricity include the unbalanced magnitudes and phase 

angles of fundamental back-EMF. It is worth noting that with the increase of eccentricity ratio, 

phase A has the increased peak back-EMF but unchanged phase angle since the eccentricity 

location is towards phase A, i.e. α=0°. 

 

Fig. 4. 6. Variation of peak values and unbalanced ratio of three phase back-EMFs with static 

rotor eccentricity ratio. 
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(a) Phase angle 

 

(b) Offset phase angle 

Fig. 4. 7. Relationships between phase angles and offset phase angles of back-EMFs of three 

phases, and eccentricity ratio. 

 

Fig. 4. 8. Unbalanced phase angles with static eccentricity, ε=0.5. 
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three phase change periodically, as well as the unbalanced ratio, Fig. 4. 9. When the eccentricity 

angles are 60° and 180°, the unbalanced three phase back-EMFs have the minimum unbalanced 

ratio. However, the maximum unbalanced ratio occurs when the eccentricity angles are 0° and 

120°, i.e. one phase facing the smallest air-gap. Meanwhile, the changed eccentricity angle 

leads to the periodic changing of the phase angles of back-EMFs, Fig. 4. 10.  

Therefore, for the static rotor eccentricity, the eccentricity ratio affects the maximum value of 

peak back-EMF, unbalanced ratio, and offset phase angle. However, the eccentricity angle 

changes the peak value and phase angle of the back-EMF of each phase periodically, so does 

the unbalanced ratio.  

 

Fig. 4. 9. Variation of peak values and unbalanced ratio of three phase back-EMFs with static 

eccentricity angle, ε=0.5. 
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(b) Offset phase angle 

Fig. 4. 10. Influence of static eccentricity angle on the phase angles of back-EMFs of three 

phases, ε=0.5, β=0°. 

B. Dynamic rotor eccentricity 

The dynamic rotor eccentricity mainly affects the harmonic contents due to the (n±1)th 

temporal order harmonics, but does not change the fundamental magnitude and remains 

balanced in three phase back-EMFs. With the increase of the eccentricity ratio, the positive and 

negative peak values of three phase back-EMFs increase simultaneously, Fig. 4. 11. The 

increased eccentricity ratio does not change the fundamental magnitude, but increases the 

magnitude of the 2nd order harmonic, Fig. 4. 12, which leads to the increase of positive and 

negative peak back-EMFs. 

 

Fig. 4. 11. Influence of dynamic rotor eccentricity ratio on the positive and negative peak 

values of three phase back-EMFs. 
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Fig. 4. 12. Influence of dynamic rotor eccentricity ratio on the magnitudes of the fundamental 

and 2nd order harmonic of back-EMFs of three phase. 

Considering the eccentricity angle (α), when α=90°, β=0°, and ε=0.5, asymmetric positive and 

negative half-periods of back-EMF waveforms exist in each phase of the motor with dynamic 

rotor eccentricity, Fig. 4. 13. The spectra show that the motors with α=90° and α=0° have the 

same harmonic contents and magnitudes. With the increase of the eccentricity angle, the 

positive peak values of three phase back-EMFs increase slightly at first and then decrease while 

the negative peak values decrease sharply and then increase, which results in minimum peak-

to-peak values of three phase back-EMFs when α=90°, Fig. 4. 14. Therefore, the largest 

asymmetric back-EMF waveform occurs when the eccentricity angle is 90°. 
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(b) Spectra 

Fig. 4. 13. Three phase back-EMFs of the motor with dynamic rotor eccentricity, α=90°, 

ε=0.5. 

 

Fig. 4. 14. Variation of positive and negative peak values of three phase back-EMFs with 

eccentricity angle, ε=0.5. 
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waveform of phase A. Therefore, when the eccentricity angle is 90°, the 2nd order harmonic 

has the largest influence on the asymmetric positive and negative half-periods of phase back-

EMF. However, this result depends on the rotor initial angle, which will be discussed in the 

next part. 

 

Fig. 4. 15. Variation of magnitudes of the fundamental and 2nd order harmonic of three phase 

back-EMFs with eccentricity angle, ε=0.5. 
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(b) 2nd order harmonic 

Fig. 4. 16. Variation of phase angles of the fundamental and 2nd order harmonic of three 

phase back-EMFs with eccentricity angle, ε=0.5. 

 

(a) α=0° 

 

(b) α=90° 

Fig. 4. 17. Fundamental and 2nd order harmonic of phase A back-EMF waveforms with 

different eccentricity angles. 
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Considering the rotor initial angle (β), the phase angles of the fundamental and 2nd order 

harmonic of back-EMF of phase A are equal to 90°+β and 90°+β+α, respectively, Fig. 4. 18, 

since the phase A has a ‘90 ’ phase angle of the fundamental back-EMF without rotor 

eccentricity, Fig. 4. 16 (a). Therefore, the rotor initial angle affects the phase angles of the 

fundamental and harmonics of back-EMF. However, the eccentricity angle only affects the 

phase angles of the (n±1)th temporal order harmonics caused by dynamic rotor eccentricity. 

For the largest asymmetric back-EMF waveform, the phase angles of the fundamental and 2nd 

order harmonic of back-EMF of phase A should be satisfied as 

90
90 90

2

 
   

 
        (4. 2) 

where the phase angle of the 2nd order back-EMF harmonic is divided by 2 due to the one cycle 

of fundamental back-EMF, Fig. 4. 17 (b). For the symmetrical back-EMF waveform, the phase 

angles of the fundamental and 2nd order harmonic of back-EMF of phase A should satisfy 

90 90
90 , 0

2 2

 
   

  
       (4. 3) 

where ‘90 /2’ means two sinusoidal back-EMF waveforms equal to zero at the same rotor 

position, Fig. 4. 17 (a). Fig. 4. 19 shows the variation of peak back-EMF of phase A with the 

angle difference (δ) between the eccentricity angle and the rotor initial angle. It shows that the 

maximum and minimum peak-to-peak back-EMFs occur when the angle difference is equal to 

0° and 90°, respectively. 

Therefore, for a 3s/2p PM motor, the dynamic eccentricity will not cause unbalance in the three 

phase back-EMFs, but affects the peak value and harmonic contents of phase back-EMFs. 

Considering the eccentricity angle and the rotor initial angle, the dynamic rotor eccentricity 

results in the asymmetric positive and negative half-periods of phase back-EMF waveforms 

and the smallest and largest influences occur when δ=0° and 90°, respectively. 



159 
 

 

(a) Fundamental 

 

(b) 2nd order harmonic 

Fig. 4. 18. Variation of phase angles of the fundamental and 2nd order harmonic of phase A 

back-EMF with rotor initial angle. 

 

Fig. 4. 19. Influence of angle difference (δ) on the positive/negative peak values and peak-to-

peak value of phase A back-EMF in the motor with dynamic rotor eccentricity. 
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4.3.3 Electromagnetic Torque 

As mentioned before, the static and dynamic rotor eccentricities have a significant influence 

on three phase back-EMFs, and hence, the influence on electromagnetic torque and torque 

ripple should be analyzed, since the electromagnetic torque (Tem) can be given by 

( )a a b b c c
em

e i e i e i
T



 
  (4.4) 

where ea, eb, and ec are the back-EMFs of phases A, B, and C, respectively. ia, ib, and ic are the 

phase currents of phases A, B, and C, respectively, Fig. 4. 20 (c). ω is the rotor mechanical 

speed. 

Fig. 4. 20 indicates that the static rotor eccentricity mainly leads to the 2nd order harmonic of 

electromagnetic torque, but the dynamic rotor eccentricity leads to the 3rd order harmonic. As 

mentioned in [ZHU13], the static rotor eccentricity results in the (2p)th order harmonics of 

torque, but the dynamic rotor eccentricity results in the triplen order harmonics, which are 

closest to the pole number. It is worth noting that the magnitude of the 3rd order harmonic due 

to dynamic rotor eccentricity is larger than that of the 2nd order harmonic caused by static rotor 

eccentricity. 
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(b) Spectra 

 

(c) Three phase 120º electric square wave current waveforms 

Fig. 4. 20. Electromagnetic torque of 3s/2p HSPM motors with/without eccentricities under 

three phase 120º electric square wave current waveforms, ε=0.5, α=β=0°, Imax=10A. 

The peak value of additional back-EMF of phase A due to dynamic rotor eccentricity is larger 

than that due to static rotor eccentricity, Fig. 4. 21, since the smallest air-gap is rotating relative 

to the stator for dynamic rotor eccentricity. According to the torque calculation formula (4.4), 

the magnitude of the 2nd order harmonic of torque due to static rotor eccentricity is less than 

that of the 3rd order harmonic of torque due to dynamic rotor eccentricity, as shown in Fig. 4. 

22. The spectra show the sources of the 2nd and 3rd order harmonics of torque.  
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Fig. 4. 23 (a). The dynamic rotor eccentricity has a larger torque ripple than the static rotor 
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the average torque, but change the torque ripple periodically, Fig. 4. 23 (b). 

 

(a) Waveforms 

 

(b) Spectra 

Fig. 4. 21. Additional back-EMFs of phase A due to static/dynamic rotor eccentricities. 
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(b) Spectra 

Fig. 4. 22. Additional torque due to static/dynamic rotor eccentricities. 

 

(a) Eccentricity ratio, α=0° 

 

(b) Eccentricity angle, ε=0.5 

Fig. 4. 23. Variation of average torque and torque ripple with eccentricity ratio and 

eccentricity angle. 
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4.3.4 Cogging Torque 

As mentioned in Chapter 3, the cogging torque of the 3s/2p PM motor without eccentricity is 

inherently very small and negligible, while it can be affected by static and dynamic rotor 

eccentricities [ZHU14]. The static rotor eccentricity leads to the multiples of (2p)th order 

harmonics of cogging torque, i.e. 2nd, 4th, 6th,…, and the dynamic rotor eccentricity leads to 

multiples of (Ns)th order harmonics of cogging torque, i.e. 3rd, 6th,…, Fig. 4. 24. It is worth 

noting that the motor with static rotor eccentricity has less peak cogging torque than the motor 

with dynamic rotor eccentricity, which will be explained in the next section. 

 

(a) Waveforms 

 

(b) Spectra 

Fig. 4. 24. Cogging torques of 3s/2p motors with and without rotor eccentricity,  

r = Rm + 0.25 mm (SE), r = Rsi - 0.25 mm (DE), ε=0.5. 
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and analytical method [ZHU14] is adopted to show the contribution of each field harmonic to 

the cogging torque (Tc).  

 
2

2

0

0

c a ra ta a ck

k

T l r B B d T



    (4.5) 

  2

01 cos( )ck a rk tk rk tkT l r B B      (4.6) 

where Bra and Bta are calculated by FE method, Brk and Btk are obtained by Fourier analysis. 

With static and dynamic rotor eccentricities, the predictions by the hybrid method have a good 

agreement with the direct FE results, Fig. 4. 25. It shows that the maximum cogging torques 

occur at θ=45° and 30° for the static and dynamic rotor eccentricities, respectively. The 

contribution of air-gap flux density harmonics to cogging torques of the motors with static and 

dynamic rotor eccentricities are different, Fig. 4. 26. With static rotor eccentricity, only 

fundamental component contributes to the cogging torque. With dynamic rotor eccentricity, 

the fundamental, 2nd, and 4th order harmonics contribute to the cogging torque. 

 

Fig. 4. 25. Cogging torques of motors with static/dynamic rotor eccentricities by direct FE 

and hybrid FE and analytical method, r = Rm + 0.25 mm (SE), r = Rsi - 0.25 mm (DE), ε=0.5. 
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Fig. 4. 26. Contribution of air-gap flux density harmonics to cogging torques of motors with 

static/dynamic rotor eccentricities, ε=0.5. 

With static rotor eccentricity, the values of (αrk- αtk) are almost equal to ±90° or ±270°, which 

means their cosine values are almost equal to zero, Figs. 4. 27 (a) and 4. 28 (a). With dynamic 

rotor eccentricity, the values of (αrk- αtk) for the 2nd, 4th, and 6th order harmonics do not equal 

to ±90° or ±270°, Fig. 4. 27 (b), which results in a large cosine of the angle difference, Fig. 4. 

28 (a). According to the cogging torque calculation formula (4.6), although the product of 

fundamental magnitudes of radial and tangential air-gap flux densities in the motor with static 

rotor eccentricity is large, Fig. 4. 28 (b), the contribution to cogging torque is small due to small 

cosine of angle difference. It also explains why the dynamic rotor eccentricity results in larger 

peak cogging torque since more air-gap flux density harmonics have contributed to the cogging 

torque. 
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(b) Dynamic rotor eccentricity, θ=30° 

Fig. 4. 27. Angle differences between αrk and αtk. 

 

(a) Cosine of angle difference 

 

(b) Product of magnitudes 

Fig. 4. 28. Relationship between cogging torque and harmonic components. 
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4.3.5 Unbalanced Magnetic Force 

The 3s/2p PM motor with rotor eccentricity has larger average open-circuit and on-load UMFs 

than the motor without rotor eccentricity, Fig. 4. 29. Static and dynamic rotor eccentricities 

have almost the same average open-circuit and on-load UMFs, but different harmonic contents. 

The spectra show that the static rotor eccentricity results in multiples of (2p)th order UMF 

harmonics, i.e. the 2nd, 4th,…, and the dynamic rotor eccentricity results in multiples of (Ns)th 

order UMF harmonics, i.e. the 3rd, 6th,… 

 

(a) Waveforms 

 

(b) Spectra 

Fig. 4. 29. UMFs of 3s/2p HSPM motors without/with static/dynamic rotor eccentricities, 

rated current=10A. 

With the increase of phase current, the average UMF of the motor without eccentricity 
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rotor eccentricity have almost the same average UMF, Fig. 4. 30. With the increase of 

eccentricity ratio, the average open-circuit and on-load UMFs increase significantly, Fig. 4. 31. 

However, when the eccentricity ratio is 0.9, all the average UMFs with different phase currents 

are almost the same. Therefore, with the small eccentricity ratio and large phase current, the 

rotor eccentricity has negligible influence on average UMF and the phase current dominates 

the resultant UMF. However, with the large eccentricity ratio and small phase current, the rotor 

eccentricity dominates the resultant UMF and the phase current has negligible influence.  

 

Fig. 4. 30. Average UMFs of the motors with/without static/dynamic rotor eccentricities 

under different phase currents, ε=0.5. 

 

Fig. 4. 31. Variation of average UMFs with eccentricity ratio under different phase currents. 
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4.4.1 Open-circuit Air-gap Field 

Since the coil-pitch does not change the open-circuit air-gap field, only 1 slot-pitch winding 

configuration is analyzed. Figs. 4. 32 and 4. 33 show the equipotential, flux contour, and air-

gap field distributions of 6s/2p PM motors with/without static/dynamic rotor eccentricities 

when the eccentricity ratio is 0.5 and the rotor position is 90°. It can be seen that both static 

and dynamic rotor eccentricities mainly lead to the 2nd order harmonics, and the spatial 

harmonic contents of air-gap flux densities with and without eccentricity are shown in Table 4. 

3.  

   

(a) Without  

rotor eccentricity 

(b) Static  

rotor eccentricity 

(c) Dynamic  

rotor eccentricity 

(I) Equal potential distributions 

   

 

(a) Without  

rotor eccentricity 

(b) Static  

rotor eccentricity 

(c) Dynamic  

rotor eccentricity 

(II) Flux contour distributions 

Fig. 4. 32. Equipotential and flux contour distributions of the 6s/2p PM motors without/with 

rotor eccentricity, θ= 90°, ε=0.5. 
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(a) Waveforms 

 

(b) Spectra 

Fig. 4. 33. Air-gap field distributions of the 6s/2p PM motors with/without static/dynamic 

rotor eccentricities, r = Rsi - 0.25 mm, θ= 90°, ε=0.5. 

Table 4.3  

Spatial Harmonic Contents of Air-gap Field 

Original PM 

harmonics 

Modulated PM harmonics due to 

slotting 

Additional air-gap field due to 

rotor eccentricity 

n = mp n=mp±μNs n±v (v=1) 

1, 3, 5, … 1, 3, 5, 7, 9, … 
n+1 n-1 

2, 4, 6, … 2, 4, 6, … 

4.4.2 Back-EMF 

A. 6s/2p PM motor with 1 slot-pitch windings  
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increases but that of coil ‘A2’ decreases, Fig. 4. 34 (b), since the coil ‘A1’ faces the smallest 

air-gap but the coil ‘A2’ faces the largest air-gap. However, the magnitude of fundamental 

back-EMF of phase A remains unchanged, Fig. 4. 34 (c), since the decrease of the magnitude 

of fundamental back-EMF in coil ‘A2’ is compensated completely by the increase in coil ‘A1’ 

due to the symmetrical distribution and opposite connection polarity of coils ‘A1’ and ‘A2’.  

The dynamic rotor eccentricity does not change the magnitudes of fundamental back-EMFs in 

coils A1 and A2, but leads to the 2nd order back-EMF harmonics, Fig. 4. 34 (b). However, the 

2nd order back-EMF harmonic disappears in the phase back-EMF, Fig. 4. 34 (d), due to the 

opposite phase angles of coils ‘A1’ and ‘A2’, Fig. 4. 35 (b), and the same magnitude. 

 

(a) Coils ‘A1’ and ‘A2’, waveforms 

 

(b) Coils ‘Al’ and ‘A2’, Spectra 
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(c) Phase A, waveforms 

 

(d) Phase A, Spectra 

Fig. 4. 34. Influence of rotor eccentricity on the back-EMFs of coil and phase. 
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(b) Dynamic rotor eccentricity 

Fig. 4. 35. Phase angles of the fundamental and harmonics of back-EMFs in coils and phase 

with static/dynamic rotor eccentricities. 

It is worth noting that the static and dynamic rotor eccentricities also lead to the 3rd order 

harmonics in the back-EMFs of coil ‘A1’, coil ‘A2’, and phase A, which is caused by the 

saturation effect. Fig. 4. 36 shows that with static rotor eccentricity ε=0.5, the maximum stator 

iron flux density is 1.8T, which leads to the local saturation in the stator tooth facing the 

smallest air-gap. With static rotor eccentricity, although the 3rd order back-EMF harmonics in 

coils ‘A1’ and ‘A2’ have opposite phase angles, Fig. 4. 35 (a), their different magnitudes result 

in the existence of 3rd order harmonic. With dynamic rotor eccentricity, the 3rd order back-EMF 

harmonics in coils ‘A1’ and ‘A2’ have the same magnitude and phase angle, and hence, it exists 

in the back-EMF of phase A. When employing linear material for the stator, the 3rd order back-

EMF harmonic due to saturation effect in the coils ‘A1’ and ‘A2’ are removed, but that due to 

dynamic rotor eccentricity still exists, Fig. 4. 37, which results from the 2nd and 4th order spatial 

harmonics of air-gap field.  
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Fig. 4. 36. Flux contour distribution of 6s/2p motors without and with rotor eccentricity,  

θ =0°, ε=0.5. 

 
(a) Waveforms 

 

(b) Spectra 

Fig. 4. 37. Back-EMFs of coil ‘A1’, coil ‘A2’, and phase A in the motor with rotor 

eccentricity, linear material of stator lamination. 

With the increase of static eccentricity ratio, although the unbalanced ratio of back-EMFs of 

three phases in the 6s/2p motor with 1 slot-pitch windings increases due to saturation effect, it 

is significantly smaller compared with the 3s/2p motor, Fig. 4. 38 (a). Meanwhile, the offset 

phase angles of back-EMF of phases B and C in the 6s/2p motor are smaller than those in the 

3s/2p motor, Fig. 4. 38 (b). Therefore, the static rotor eccentricity has a relatively small 

influence, and hence, the effect of static rotor eccentricity angle and rotor initial angle will not 

be discussed. 
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(a) Unbalanced ratio 

 

(b) Offset phase angle 

Fig. 4. 38. Variation of unbalanced ratios and offset phase angles with static rotor eccentricity 

ratio in 3s/2p and 6s/2p motors. 

With the increase of dynamic eccentricity ratio, the magnitude of fundamental back-EMF 

remains unchanged but that of the 3rd order harmonic increases, which results in the decrease 

of the positive and negative peak values, Figs. 4. 39 and 4. 40. Compared with the 3s/2p motor, 

the influence of dynamic eccentricity ratio on the peak back-EMF is small. With the increase 

of dynamic eccentricity angle, the peak-to-peak back-EMF of phase A increases at first and 

then decrease due to the changing magnitude of the 3rd order harmonic, Figs. 4. 41 and 4. 42. 

Therefore, in the 6s/2p PM motor with 1 slot-pitch windings, the dynamic rotor eccentricity 

with various eccentricity angles has a relatively large influence on the phase back-EMF. 
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Fig. 4. 39. Influence of dynamic eccentricity ratio on positive and negative peak values of 

back-EMF of phase A in 3s/2p and 6s/2p motors. 

 

Fig. 4. 40. Influence of dynamic eccentricity ratio on magnitudes of fundamental and 3rd 

order harmonic of back-EMF of phase A in the 6s/2p motor. 

 

Fig. 4. 41. Influence of dynamic eccentricity angle on peak-to-peak back-EMF of phase A in 

3s/2p and 6s/2p motors, ε=0.5. 
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Fig. 4. 42. Influence of dynamic eccentricity angle on magnitudes of fundamental and 3rd 

order harmonic of back-EMF of phase A in the 6s/2p motor, ε=0.5. 

B. Influence of slot-pitch on the back-EMF with rotor eccentricity 

In the 6s/2p PM motor with 1 slot-pitch windings, neglecting saturation effect, both the 

unbalanced magnitudes of fundamental back-EMFs in coils of the same phase caused by static 

rotor eccentricity and the additional 2nd order harmonic of phase back-EMF caused by dynamic 

rotor eccentricity are eliminated due to rotational symmetrical windings. The 6s/2p PM motors 

with 2 and 3 slot-pitch rotational symmetrical windings have the same conclusion. Considering 

saturation effect, for rotor static eccentricity, the magnitudes of the 3rd and 9th order phase back-

EMF harmonics in the motors with 2 and 3 slot-pitch windings are significantly smaller than 

that in the motor with 1 slot-pitch windings, Fig. 4. 43. For dynamic rotor eccentricity, there is 

no 3rd and 9th order phase back-EMF harmonics in the motor with 2 slot-pitch windings 

although they will disappear in the line back-EMF waveform and do not contribute to the torque. 

In addition, in static/dynamic rotor eccentricities, the magnitudes of the 5th and 7th order phase 

back-EMF harmonics decrease with the increase of slot-pitch. 

 

(a) Waveforms (SE) 

0

15

30

45

0 30 60 90 120 150 180

M
a

g
n

it
u

d
e
 (

V
) 

Eccentricity angle (elec.deg.)

1st 3rd

-45

-30

-15

0

15

30

45

0 60 120 180 240 300 360

B
a

ck
-E

M
F

 (
V

)

Rotor position (elec.deg.)

ε=0

1cp (SE)

2cp (SE)

3cp (SE)



179 
 

 

(b) Spectra (SE) 

 

(c) Waveforms (DE) 

 

(d) Spectra (DE) 

Fig. 4. 43. Influence of winding configuration on the back-EMFs of phase A in the 6s/2p PM 

motors with rotor static/dynamic eccentricities, ε=0.5. 
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With the increase of static eccentricity (SE) ratio, although the unbalanced ratio and offset 

phase angles of back-EMFs of three phase in the 6s/2p motor with 1 slot-pitch windings is 

significantly smaller than those in the 3s/2p motor, they remain almost zero in the 6s/2p motors 

with 2 and 3 slot-pitch windings, Fig. 4. 44 (a), since the magnitude of the 3rd order back-EMF 

harmonic is almost zero, Fig. 4. 45. It is worth noting that the offset phase angles of phases B 

and C increase with static eccentricity ratio in the motor with 1 slot-pitch windings, but those 

remain almost unchanged in the motors with 2 and 3 slot-pitch windings, Fig. 4. 44 (b).  

Therefore, the influence of saturation effect due to static rotor eccentricity on three phase back-

EMFs can be eliminated in the motors with 2 and 3 slot-pitch windings. 

 

(a) Unbalanced ratio 

 

(b) Offset phase angle 

Fig. 4. 44. Variation of unbalanced ratios and offset phase angles with static rotor eccentricity 

ratio in 6s/2p PM motors with 1, 2 and 3 slot-pitch windings. 
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Fig. 4. 45. Influence of static eccentricity ratio on magnitudes of fundamental and 3rd order 

harmonic of back-EMF of phase A in 6s/2p PM motors with 1, 2, and 3 slot-pitch windings. 

With the increase of dynamic eccentricity (DE) ratio, the magnitudes of the fundamental back-

EMF in the motor with 2 and 3 slot-pitch windings remain unchanged and the magnitude of 

the 3rd order harmonic remains almost zero, which results in the unchanged positive and 

negative peak values, Figs. 4. 46 and 4. 47. With the increase of dynamic eccentricity (DE) 

angle, ε=0.5, the peak-to-peak value of phase A back-EMF in the motor with 1 slot-pitch 

windings increases at first and then decreases, which is opposite to the result in the motor with 

3 slot-pitch windings, Fig. 4. 48, however, that in 2 slot-pitch windings remains almost 

unchanged since there is no 3rd order back-EMF harmonic, Figs. 4. 43 (d) and 4. 49 (a). 

Although the fundamental magnitudes remain unchanged and the variation trends of the 

magnitudes of the 3rd order harmonics are the same in the motors with 1 and 3 slot-pitch 

windings, Fig. 4. 49 (a), the phase angle difference between the 3rd order harmonics of 1 and 3 

slot-pitch windings is always 180°, Fig. 4. 49 (b). When the dynamic eccentricity angle is 90°, 

the phase angles of the fundamental and 3rd order harmonic are the same in the motor with 3 

slot-pitch windings, which leads to a canceling effect, but they differ by 180° in the motor with 

1 slot-pitch windings, which results in an additive effect. Therefore, considering dynamic 

eccentricity angle, the winding configuration has influence on the magnitude and phase angle 

of the 3rd order back-EMF harmonic, which results in different maximum values and the 

opposite variation trends of peak-to-peak phase back-EMFs. 
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Fig. 4. 46. Influence of dynamic eccentricity ratio on positive and negative peak values of 

back-EMF of phase A in 6s/2p PM motors with 1, 2 and 3 slot-pitch windings. 

 

Fig. 4. 47. Influence of dynamic eccentricity ratio on magnitudes of fundamental and 3rd 

harmonic of back-EMF of phase A in the 6s/2p motor with 1, 2, and 3 slot-pitch windings. 

 

Fig. 4. 48. Influence of dynamic eccentricity angle on peak-to-peak back-EMF of phase A in 

6s/2p motors with 1, 2, and 3 slot-pitch windings, ε=0.5. 
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(a) Magnitude 

 

(b) Phase angle (No 3rd harmonic in 2 cp) 

Fig. 4. 49. Influence of dynamic eccentricity angle on magnitudes of fundamental and 3rd 

order harmonic of back-EMF of phase A in the 6s/2p motor with 1, 2, and 3 slot-pitch 

windings, ε=0.5. 

4.4.3 Electromagnetic Torque and Cogging Torque 

Fig. 4. 50 shows the static and dynamic rotor eccentricities have almost no influence on the 

electromagnetic torque and cogging torque of 6s/2p PM motors with 1, 2, and 3 slot-pitch 

windings. The 6th order harmonic results from ideal square BLDC current waveforms and 

sinusoidal back-EMF waveforms. The cogging torque is very small due to parallel 

magnetization and can be neglected. With the increase of phase current, the influence of 

saturation effect on the average torque increases, especially for the motor with 1 slot-pitch 

windings under dynamic rotor eccentricity, Fig. 4. 51. 
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(a) Waveforms 

 

(b) Spectra of electromagnetic torques, 1 slot-pitch windings 

Fig. 4. 50. Electromagnetic torques and cogging torques of 6s/2p motors with/without rotor 

eccentricity. 

 

Fig. 4. 51. Relationship between average torque and phase current, ε=0.5. 
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4.4.4 Unbalanced Magnetic Force 

The 6s/2p PM motor has no inherent UMF due to symmetrical stator topology and balanced 

winding distribution. However, rotor eccentricity leads to large open-circuit and on-load UMFs 

due to unbalanced air-gap distribution, and both static and dynamic rotor eccentricities have 

almost the same average UMFs, Fig. 4. 52. In addition, 6s/2p motors with 1, 2, and 3 slot-pitch 

windings have almost the same average UMFs due to rotational symmetrical windings.  

 

(a) 1 slot-pitch windings 

 

(b) 2 slot-pitch windings 
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(c) 3 slot-pitch windings 

Fig. 4. 52. Open-circuit and on-load UMFs of 6s/2p motors with static/dynamic rotor 

eccentricities, ε=0.5, rated current=10A. 

With the increase of eccentricity ratio, the average UMF increases linearly no matter what 

phase current is, Fig. 4. 53, which means the rotor eccentricity dominates the resultant UMF in 

the 6s/2p PM motor with rotational symmetrical windings. In addition, due to magnetic 

saturation effect, the average UMF caused by rotor eccentricity decreases with the phase 

current, Fig. 4. 54. Employing linear material in the stator, the average UMF remains 

unchanged with the increase of phase current. 

 

Fig. 4. 53. Variation of average UMFs with static rotor eccentricity ratio in the 6s/2p motors 

with 1 slot-pitch windings and having different phase currents. 
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Fig. 4. 54. Relationship between average UMFs and phase current under non-linear and linear 

materials, static rotor eccentricity, ε=0.5. 

4.5. Prototyping and Experimental Validation 

For validating the predictions by FEM of back-EMF and static torque, three endplates 

without/with static and dynamic rotor eccentricities (ε=0.5) are manufactured [ZHU13], Fig. 

4. 56, and two 3s/2p and 6s/2p PM motors with non-overlapping windings are prototyped, Fig. 

4. 55. For static rotor eccentricity, both the bearing and inner sleeve are offset toward the same 

direction, while for dynamic rotor eccentricity, the bearing is concentric but the inner sleeve 

is eccentric. In addition, the holes in two endplates are designed for changing the eccentricity 

angle. 

  

(a) 3-slot (b) 6-slot 

Fig. 4. 55. 3s/2p and 6s/2p prototype motors with tooth-coil windings. 
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(a) Rotor and bearing (b) Without rotor eccentricity 

  

(c) Static rotor eccentricity (d) Dynamic rotor eccentricity 

Fig. 4. 56. Endplates with static and dynamic rotor eccentricities. 

4.5.1 Back-EMF 

Fig. 4. 57 shows the predictions by FEM and experimental results of back-EMFs of three 

phases in 3s/2p motors without/with static/dynamic rotor eccentricities, and they have a good 

agreement. For different static rotor eccentricity angles, the measured back-EMFs of three 

phase and the FE predicted results have a good agreement, Fig. 4. 58. Fig. 4. 59 shows the 

phase A back-EMF waveform of the 3s/2p motor with dynamic rotor eccentricity and different 

eccentricity angles. The FE predicted and measured back-EMFs have a good agreement, 

indicating the asymmetric back-EMF waveform exists when the eccentricity angle is not equal 

to the rotor initial angle. Fig. 4. 60 shows the predictions by FEM and measurements of three 

phase back-EMFs of 6s/2p motors having tooth-coil windings without and with static/dynamic 

rotor eccentricities. Although the measured back-EMF is slightly different from the FE 

prediction due to the saturation, the satisfied agreement is achieved. 
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(a) Without rotor eccentricity 

 

(b) Static rotor eccentricity 

 

(c) Dynamic rotor eccentricity 

-45

-30

-15

0

15

30

45

0 60 120 180 240 300 360

B
a

ck
-E

M
F

 (
V

)

Rotor position (elec.deg.)

Measured Predicted

Phase A Phase C Phase B

-45

-30

-15

0

15

30

45

0 60 120 180 240 300 360

B
a

ck
-E

M
F

 (
V

)

Rotor position (elec.deg.)

Measured Predicted

Phase A Phase C Phase B

-45

-30

-15

0

15

30

45

0 60 120 180 240 300 360

B
ck

E
-E

M
F

 (
V

)

Rotor position (elec.deg.)

Measured Predicted

Phase A Phase C Phase B



190 
 

 

(d) Spectra 

Fig. 4. 57. Predictions by FEM and measurements of three phase back-EMFs of 3s/2p 

motors with static/dynamic rotor eccentricities, α=0°, ε=0.5. 
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(c) Spectra 

Fig. 4. 58. Predictions by FEM and measurements of three phase back-EMFs of 3s/2p 

motors with static rotor eccentricity and different eccentricity angles, ε=0.5. 
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(c) Spectra 

 

(d) Phase angle of harmonics 

Fig. 4. 59. Predictions by FEM and measurements of phase A back-EMFs of 3s/2p motor 

with dynamic rotor eccentricity, ε=0.5, β=60°. 
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(b) Static rotor eccentricity 

 

(c) Dynamic rotor eccentricity 

 

(d) Spectra 

Fig. 4. 60. Predictions by FEM and measurements of back-EMFs of three phases in 6s/2p 

motor with 1 slot-pitch windings having static/dynamic rotor eccentricities, ε=0.5, α=0°. 
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4.5.2 Static Torque 

According to [ZHU09], the on-load static torque can be measured by a test rig, Fig. 4. 61. The 

motor with rotor eccentricity is clamped by the jaws of a lathe. The balance beam connects the 

motor and the digital scale, which transforms the static torque into force. To avoid the balance 

beam off the digital scale, the weight is employed on the balance beam. The armature winding 

is fed by the DC supply. Since three phase 120º electric square wave current waveforms are 

employed, the static torques are measured when only two phases are excited, i.e. IA= −IB =5A, 

IC =0A. For the 3s/2p motor without/with rotor eccentricity, ε=0.5, the predictions by FEM of 

on-load static torques are validated by the experimental results, Fig. 4. 62, and the on-load 

static torques remains unchanged no matter with/without rotor eccentricity, which verifies that 

the rotor eccentricity barely changes the average electromagnetic torque. In addition, good 

agreement between measured and FE predicted on-load static torques also exists under 

different phase currents, Fig. 4. 63. 

 

Fig. 4. 61. Experiment system of static torque. 
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(b) 6s/2p 

Fig. 4. 62. Predictions by FEM and measurements of on-load static torques at different rotor 

positions without and with static/dynamic rotor eccentricities, ε=0.5, IA=-IB=5A, IC=0A. 

 

(a) 3s/2p 

 

(b) 6s/2p 

Fig. 4. 63. Predictions by FEM and measurements of on-load static torque at different phase 

currents without and with static/dynamic rotor eccentricities, ε=0.5, IA=-IB=Imax, IC=0A. 
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4.6. Conclusion 

This chapter mainly focuses on the analysis of electromagnetic performances of the 3s/2p and 

6s/2p PM motors with static and dynamic rotor eccentricities, accounting for eccentricity ratio, 

eccentricity angle, and the rotor initial angle. For the 3s/2p motor, the static rotor eccentricity 

only affects the fundamental back-EMFs of three phases in terms of magnitudes and phase 

angles. In addition, the eccentricity angle can change the unbalanced ratio and phase angles of 

back-EMFs of three phases periodically. For the dynamic rotor eccentricity, the three phase 

back-EMFs remain balanced, but exhibit asymmetric positive and negative half-periods in the 

phase back-EMF waveform depending on the eccentricity angle and the rotor initial angle. The 

largest asymmetric back-EMF waveform occurs when the angle difference between the 

eccentricity angle and the rotor initial angle is equal to 90 elec. deg. Compared with static rotor 

eccentricity, the dynamic rotor eccentricity has almost the same average torque and UMF but 

larger torque ripple and peak cogging torque. For 6s/2p motors, when strong magnetic 

saturation exists, the static rotor eccentricity also leads to unbalanced back-EMFs of three 

phases, but the 2 and 3 slot-pitch windings can decrease this influence. Without saturation 

effect, the rotor eccentricity has negligible influence on the phase back-EMF, electromagnetic 

torque, and cogging torque. However, both static and dynamic rotor eccentricities have a 

significant influence on the average UMF.  

APPENDIX 4. A  

Simple Relative Permeance Model 

In this chapter, a simple relative permeance model [ZHU13] is used to explain the FE predicted 

results. To simplify the model, the slotting effect is neglected. The relative air-gap permeances 

(λ) for static/ dynamic rotor eccentricities considering eccentricity angle (α) are introduced as 

11 cos( )g g t         (4.A.1) 

where θ is the angular position, χ equals to 1 and 0 for the dynamic and static rotor eccentricities, 

respectively, ω is the rotor speed, λ1 is the 1st harmonic magnitude. 

Considering the rotor initial angle (β), the radial component (Br_slotless) can be given by  

 _

1,3,...

cos ( )r slotless rn

n

B B np t  


    (4.A.2) 

where Brn is the n th harmonic magnitude [XUJ11]. Considering the rotor eccentricity, the 
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additional compoennts should be added in Br_slotless  
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 (4.A.3) 

Thus, the additional flux of the n th coil can be given by 
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(4.A.4) 

The flux of one phase of the 3s/2p motor with dynamic rotor eccentricity (χ =1) can be 

calculated by 
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 (4.A.5) 

where θ0, θ1, and θ2 are the phase angles depending on the positions of the coils and the 

harmonic order, and kdk is the distribution factor. When n=1 and θ0=θ1=θ2=90°, the phase angle 

of the fundamental is 90°+β, and the phase angle of the 2nd order harmonic is 90 +α+β, as 

shown in (4.A.6). Therefore, the eccentricity angle only affects the phase angle of the 2nd order 

back-EMF harmonic due to dynamic rotor eccentricity, but the rotor initial angle affects the 

phase angles of the fundamental and 2nd order back-EMF harmonic. 
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CHAPTER 5 

INFLUENCE OF ROTOR ECCENTRICITIES ON ELECTROMAGNETIC 

PERFORMANCE OF 6-SLOT/2-POLE PERMANENT MAGNET MOTORS 

This chapter investigates the influence of circulating currents in parallel-connected windings 

due to static and dynamic rotor eccentricities on electromagnetic performance, including back-

EMF, various loss components, UMF, cogging torque, and torque, of a 6s/2p HSPM motor on 

both open-circuit/on-load conditions. The increased rotor eccentricity ratio leads to the 

increased circulating currents. Compared with no circulating currents, i.e. without rotor 

eccentricities or series-connected windings, the induced circulating currents in parallel-

connected windings result in increased various loss components, as well as decreased average 

UMF and cogging torque, while the average torque and torque ripple remain almost unchanged. 

5.1 Introduction 

Circulating currents may exist in the parallel-connected windings due to rotor or stator winding 

inter-turn short circuit fault, rotor eccentricity, and rotor vibration [WAN05] [KIM11]. The 

induced circulating current increases the copper loss and decreases the UMF caused by rotor 

eccentricity [YAN81] [DEB93]. In literature, there are several papers focusing on the 

circulating current in parallel-connected windings, including analysis and reduction methods 

for induction machines [DEB93] [TEN03] [MOI17], synchronous machines [WAN05] 

[ARK10] [WAL11] [SCH20], electrical machines under fault condition [CAN07] [KIM11] 

[ROD13] [MAF19], as well as permanent magnet machines with/without neutral point 

connection [TAK10] [MAR13].  

For a large synchronous generator [FOG99], the circulating currents caused by short-circuit 

and rotor eccentricity in the parallel-connected windings are computed, respectively. [WAN05] 

develops a method for fault detection in the generator by monitoring the circulating currents in 

parallel-connected stator windings. The machine faults include rotor winding inter-turn short 

circuit, stator winding inter-turn short circuit, rotor eccentricity, and rotor vibration. [CAN07] 

presents three methods for static rotor eccentricity detection in a non-salient two-pole 

synchronous generator. Those methods include axial shaft voltage, vibration, and circulating 

current monitoring. [ROD13] adopts circulating currents for fault detection in synchronous 

machines since the specific frequency components of the circulating currents react to the 

specific fault types. For a 126 MW salient pole synchronous generator, [MAF19] determines 

the rotor eccentricity position by measuring the values of the circulating currents in parallel 
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branches. However, those researches mainly employ circulating currents to detect faults, but 

the influence of circulating currents is not investigated.  

[DEB93] investigates the influence of rotor eccentricity and parallel windings in induction 

motors. It shows that the static and dynamic eccentricities result in the circulating currents in 

the parallel-connected windings, which can reduce the average UMF caused by rotor 

eccentricity. [TEN03] analyses the influence of circulating currents due to dynamic rotor 

eccentricity in the rotor cage and parallel-connected stator windings on the UMF in induction 

motors. It can be seen that the circulating currents affect the magnitude and direction of UMF. 

[ARK10] investigates the influence of magnetic forces on the rotor dynamic characteristic for 

a high-speed synchronous reluctance machine with dynamic rotor eccentricity. The results 

show when the stator windings are connected in parallel, the magnetic force with the induced 

circulating current has a large influence on the rotor dynamic characteristic, especially for four 

parallel branches. In [WAL11], the UMFs due to static rotor eccentricity in the 12-pole salient 

pole synchronous machine with the parallel-connected windings are calculated. The results 

show that the circulating current can reduce the UMF, but the reduction effect depends on the 

winding distribution and rotor offset direction. [TAK10] analyses the influence of rotor 

eccentricity on a 6s/4p IPM synchronous machine with parallel 2Y connection of windings, i.e. 

the neutral points are connected. It shows that rotor eccentricity leads to UMF and circulating 

current, which increases the mechanical loss and magnetic loss, respectively. [MOI17] presents 

an analytical method to calculate the UMF of doubly-fed induction machines (DFIM) with 

rotor eccentricity under open-circuit condition. It also shows that the circulating current reduces 

the UMF.  

To reduce the circulating currents, losses, and UMFs, a flux barrier rotor is employed in 

[TAK10]. [MAR13] compares the circulating currents in the 6s/4p IPM motors with connected 

and unconnected neutral points. It is found that the connected neutral points can reduce the 

circulating currents due to static rotor eccentricity. In addition, a theoretical expression for the 

circulating current is developed. [PER19] segments the rotor pole and actively controls the 

rotor magnetization to cancel the UMF and circulating currents caused by rotor eccentricity, 

which can improve the electromagnetic efficiency of the synchronous machines with static 

rotor eccentricity. [SCH20] proposes a method to calculate the circulating current in parallel-

connected windings caused by rotor eccentricity in twelve-pole six-phase salient pole 

synchronous machines under transient operation and no-load condition. The iron saturation is 

considered in this calculation method since it can reduce the induced circulating current. 
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Overall, most researches on circulating current due to rotor eccentricity focus on the large 

generator, induction motor, and salient pole synchronous machines. However, brushless direct 

current (BLDC) high-speed permanent magnet (HSPM) motors are widely employed for many 

applications [BIA04] [GER14] [SHE18], but there is rare research focusing on the influence of 

circulating current on the electromagnetic performance of the BLDC HSPM motors with rotor 

eccentricity. In general, the 2-pole rotor is employed to reduce the fundamental frequency and 

minimize the stator iron loss and converter loss [HES82] [ZHU97], and thus typical small-size 

HSPM motors include 6s/2p [SHI04] [NOG05] and 3s/2p motors [HES87] [ZHU97]. [ZHU13] 

presents that the rotor eccentricity does not change the back-EMFs of 6s/2p HSPM motors due 

to the symmetrical distribution of the coils in each phase. However, in small-size HSPM 

motors, the parallel winding connection is usually employed to reduce the back-EMF and meet 

the requirement of terminal voltage limitation. Therefore, the influence of circulating currents 

caused by rotor eccentricity in the parallel-connected windings on the electromagnetic 

performance of the 6s/2p HSPM motor will be investigated in this chapter. 

In section 5. 2, the machine topology of the 6s/2p HSPM motor and rotor eccentricity types are 

discussed. Section 5. 3 investigates the influence of rotor eccentricity on the back-EMFs of 

individual coils in the same phase and presents the production principle of circulating currents. 

Meanwhile, the effect of the rotor eccentricity ratio on the circulating currents is studied. In 

section 5. 4, the influence of circulating currents at the steady-state operation is investigated 

under open-circuit and on-load conditions. Section 5. 5 is the conclusion. In the appendix, the 

circulating currents with transient direct current (DC) components at the beginning of rotor 

eccentricity when it occurs are discussed under open-circuit and on-load conditions. 
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5.2 Machine Topologies and Rotor Eccentricity Types  

5.2.1 Machine Topology and Winding Connection 

Fig. 5. 1 (a) shows the machine topology and the main parameters are shown in Table 5. 1. A 

2-pole parallel magnetized magnet ring with a magnetic shaft is adopted. It is intended for high-

speed operation in handheld vacuum cleaners, and three phase 120º electric square wave 

current waveforms are employed for excitation. It requires light weight, long run time, and low 

noise. Therefore, the number of batteries is limited to minimize the weight, which restricts the 

terminal voltage and back-EMF of the HSPM motor. Therefore, the parallel star connection for 

two diametrically located phase coils is employed to reduce the back-EMF in the 6s/2p HSPM 

motor, Fig. 5 1 (b).  

 
 

(a) Machine topology (b) Winding connection 

Fig. 5. 1. Machine topology and winding connection of 6s/2p PM motor. 

5.2.2 Rotor Eccentricity Types 

Two kinds of rotor eccentricity are studied in this chapter, i.e. static rotor eccentricity (SE) and 

dynamic rotor eccentricity (DE). Fig. 5. 2 illustrates the difference between SE and DE, where 

g is the air-gap length of the motor without eccentricity, X is the rotor offset distance along the 

eccentricity direction, Rin is the stator bore radius, Rm is the magnet radius, i.e. rotor outer 

radius, Or is the centre of rotor, and Os is the centre of stator bore. When the rotor is rotating, 

the position of the centre of rotor (Or) is fixed for SE, while it is rotating around the centre of 

stator bore (Os) with a radius of the rotor offset distance for DE. It is assumed that the rotor 

eccentricity angle is zero when the rotor is offset towards phase A. To describe the degree of 

A1 A2
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rotor eccentricity, the eccentricity ratio (ε) is introduced, which is the ratio of rotor offset 

distance to the air-gap length of the motor without rotor eccentricity, i.e. ε = X/g. 

Table 5.1 

Main Parameters of 6S/2P PM Motor 

Stator outer diameter, mm 40 Magnet thickness, mm 2.75 

Stator bore diameter, mm  13.6 Magnet remanence, T 1.3 

Stator active length, mm 10 Shaft diameter, mm 5 

Tooth body width, mm  3.11 Winding factor 0.866 

Stator yoke height, mm  6.22 Magnet material N33SH 

Air-gap length, mm 1.55 Shaft material SUS430 

Slot opening, mm 1.5 Lamination material 20JNEH1200 

Number of turns/phase 20 Magnetization Parallel 

 

 

Fig. 5. 2. Illustration of static and dynamic rotor eccentricities. 

5.3 Effect of Rotor Eccentricity on Back-EMF and Circulating Current 

In this section, the circulating currents caused by static/dynamic rotor eccentricities in the 

parallel-connected windings are studied in detail, together with the influence of rotor 

eccentricity ratio. 
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5.3.1 Influence of Rotor Eccentricity 

Figs. 5. 3 and 5. 4 show the equipotential, flux contour, and air-gap field distributions of the 

motor without/with static/dynamic rotor eccentricities when the eccentricity ratio is 0.5 and the 

rotor position (θ) is 90° (when the rotor position is 0°, the results of static and dynamic rotor 

eccentricities are the same). It can be seen that with static rotor eccentricity, the non-uniform 

air-gap distribution is fixed relative to the stator, and coils A1 and A2 face the smallest and 

largest air-gap, respectively. With dynamic rotor eccentricity, the non-uniform air-gap 

distribution is rotating relative to the stator, and each coil faces the smallest and largest air-gap 

once in each rotor mechanical period. The spectra in Fig. 5. 4 show that both static and dynamic 

rotor eccentricities result in the 2nd, 3rd… order harmonics, and the fundamental magnitudes of 

air-gap flux densities with static/dynamic rotor eccentricities are larger than that without rotor 

eccentricity. 

  

(a) Without rotor eccentricity 

  

(b) Static rotor eccentricity 



205 
 

  

(c) Dynamic rotor eccentricity 

(I) Equipotential (II) Flux contour 

Fig. 5. 3. Equipotential and flux contour distributions of motors without/with rotor 

eccentricity, θ= 90°, ε=0.5. 

 

(a) Waveforms 

 

(b) Spectra 

Fig. 5. 4. Air-gap field distributions of 6s/2p HSPM motors with/without static/dynamic rotor 

eccentricities on the radial position (r = Rm + 0.3875 mm) and rotor position (θ= 90°), ε=0.5, 

under open-circuit condition. 
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Both static and dynamic rotor eccentricities have negligible influence on phase back-EMF 

waveforms, Fig. 5. 5, due to the symmetrical distribution of the coils in each phase winding. 

However, the static and dynamic rotor eccentricities have a significant influence on the back-

EMF waveforms of the individual coils in the same phase, Fig. 5. 6. The static rotor eccentricity 

not only changes the fundamental magnitudes of the back-EMFs of the coils in the same phase 

but also affects the phase angles of the back-EMFs of the coils in phases B and C, Fig. 5. 6 (I). 

It is worth noting that the back-EMF difference between two coils of phase A is the largest 

compared with phases B and C since the rotor is offset towards phase A. For the same reason, 

only in phases B and C, two coils have different phase angles of back-EMF. The dynamic rotor 

eccentricity does not change the magnitude and phase angle of the fundamental back-EMF of 

the coils in the same phase but leads to the 2nd order harmonics, and their phase angles are 

different, Fig. 5. 6 (II). 

  

(a) Waveforms 

  

(b) Spectra 

(I) Static rotor eccentricity (II) Dynamic rotor eccentricity 

Fig. 5. 5. Back-EMFs of 6s/2p HSPM motors with static/dynamic eccentricities, ε=0.5. 
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(a) Waveforms 

  

(b) Spectra 

  

(c) Phase angles of fundamental 

No 2nd order harmonic 

 

(d) Phase angles of the 2nd order harmonic 

(I) Static rotor eccentricity (II) Dynamic rotor eccentricity 

Fig. 5. 6. Six-coil back-EMFs of 6s/2p HSPM motors with static/dynamic eccentricities, 

ε=0.5. 
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(a) Static rotor eccentricity 

 

(b) Dynamic rotor eccentricity 

Fig. 5. 7. Back-EMF difference between two coils in parallel of three phases, ε=0.5. 

When the unbalanced back-EMFs of the parallel-connected coils in the same phase exists due 

to rotor eccentricity, the circulating current (ICIR) is produced and can be calculated by 

1 2

2 2 2
CIR

E E E
I

R j L Z

 
 


 (5.1) 

where E1 and E2 are the back-EMFs of two coils in the same phase. ΔE is the back-EMF 

difference between two coils, Fig. 5. 7. Rcoil and Lcoil are the resistance and inductance of one 

coil. Zcoil is the coil impedance, i.e. Zcoil = Rcoil +jωLcoil. ω is the angular frequency, i.e. ω=2πf. 

In this 2-pole motor, the rated speed is 180 krpm, and the frequency is 3,000 Hz. 

Since the circulating currents in two coils of the same phase have the same magnitude but the 

opposite directions, only the circulating currents of coils A1, B1, and C1 are shown in Fig. 5. 
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8 which shows the circulating current waveforms due to static and dynamic rotor eccentricities 

in 10 ms, i.e. 30 electric cycles. The positive and negative circulating currents mean the current 

directions in the coils. It can be seen that although the direct current (DC) components exist in 

the circulating currents at the beginning, they disappear after several electric cycles, Fig. 5. 9. 

Therefore, the effect of circulating currents in the 30th electric cycle without DC components 

is more important and will be investigated in the next section. The transient circulating currents 

with DC components will be discussed in the appendix since it only lasts a short time.  

 

(a) Static rotor eccentricity 

 

(b) Dynamic rotor eccentricity 

Fig. 5. 8. Relationship between circulating currents and time under static/dynamic rotor 

eccentricities. 
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(a) Static rotor eccentricity 

 

(b) Dynamic rotor eccentricity 

Fig. 5. 9. Relationship between DC components and time under static/dynamic rotor 

eccentricities. 

5.3.2 Influence of Rotor Eccentricity Ratio 

The influence of rotor eccentricity ratio on back-EMF and circulating current in the 6s/2p 

HSPM motor with parallel-connected windings is investigated. Since the same principle of the 

influence of rotor eccentricity ratio on the three phase windings, only phase A is presented in 

this section. Figs. 5. 10 and 5. 11 show the influence of rotor eccentricity ratio on the back-

EMF waveforms of coils A1 and A2, and the back-EMF difference between two coils. The 

results show that the increased static rotor eccentricity ratio results in an increase of magnitudes 

of the fundamental and the 3rd order harmonic of back-EMF in coil A1 due to it facing the 

shortest air-gap length and the local saturation exists. However, facing the longest air-gap 
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EMF difference between coils A1 and A2 increases with static rotor eccentricity ratio. With 

the increase of dynamic rotor eccentricity ratio, the fundamental magnitudes of the back-EMFs 

of coils A1 and A2 remain almost unchanged, while the magnitudes of the 2nd order back-EMF 

harmonic of coils A1 and A2 increase. Therefore, the back-EMF difference between coils A1 

and A2 increases with dynamic rotor eccentricity ratio since the phase angles of the 2nd order 

back-EMF harmonics of coils A1 and A2 are opposite. 

  

(a) Waveforms of Coil A1 

  

(b) Waveforms of Coil A2 

  

(c) Spectra 

(I) Static rotor eccentricity (II) Dynamic rotor eccentricity 

Fig. 5. 10. Influence of rotor eccentricity ratio on the back-EMFs of coils A1 and A2. 
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(a) Static rotor eccentricity (b) Dynamic rotor eccentricity 

Fig. 5. 11. Influence of rotor eccentricity ratio on the back-EMF difference between coils A1 

and A2. 

With the increase of rotor eccentricity ratio, the peak-to-peak values of circulating currents and 

DC components increase, Fig. 5 12, due to the increased back-EMF difference between coils 

A1 and A2, Fig. 5. 11. However, the rotor eccentricity ratio does not change the amount of 

time that the DC components decrease to zero, Fig. 5. 12 (b). For the first electric cycle, the 

circulating currents with DC components of coil A1 in the motors with different static/dynamic 

rotor eccentricity ratios are shown in Fig. 5. 13. For the 30th electric cycle, the circulating 

currents without DC components of coil A1 in the motors with different static/dynamic rotor 

eccentricity ratios are shown in Fig. 5. 14. 

  

(a) Circulating currents 

  

(b) DC components 

-30

-20

-10

0

10

20

30

0 60 120 180 240 300 360

Δ
E

 (
V

)

Rotor position (elec.deg.)

ε=0 ε=0.3
ε=0.6 ε=0.9

-30

-20

-10

0

10

20

30

0 60 120 180 240 300 360

Δ
E

 (
V

)

Rotor position (elec.deg.)

ε=0 ε=0.3
ε=0.6 ε=0.9

-20

-10

0

10

20

0 2 4 6 8 10

C
ir

c
u

la
ti

n
g

 c
u

rr
en

t 
(A

)

Time (ms)

ε=0 ε=0.3

ε=0.6 ε=0.9

-20

-10

0

10

20

0 2 4 6 8 10

C
ir

cu
la

ti
n

g
 c

u
rr

en
t 

(A
)

Time (ms)

ε=0 ε=0.3

ε=0.6 ε=0.9

-10

-5

0

5

10

0 2 4 6 8 10

D
C

 o
ff

se
t 

(A
)

Time (ms)

ε=0 ε=0.3

ε=0.6 ε=0.9

-10

0

10

0 2 4 6 8 10

D
C

 o
ff

se
t

(A
)

Time (ms)

ε=0 ε=0.3

ε=0.6 ε=0.9



213 
 

(I) Static rotor eccentricity (II) Dynamic rotor eccentricity 

Fig. 5. 12. Relationships between circulating currents and DC components of coil A1 and 

time under different static/dynamic rotor eccentricity ratios. 

  

(a) Waveforms 

  

(b) Spectra 

(I) Static rotor eccentricity (II) Dynamic rotor eccentricity 

Fig. 5. 13. Circulating currents with DC components of coil A1 in the motors with different 

static/dynamic rotor eccentricity ratios. 
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(b) Spectra 

(I) Static rotor eccentricity (II) Dynamic rotor eccentricity 

Fig. 5. 14. Circulating currents without DC components of coil A1 in the motors with 

different static/dynamic rotor eccentricity ratios. 

5.4 Steady-state Circulating Currents and Effect due to Rotor Eccentricities 

In this section, the effect of the circulating currents at steady-state operation with rotor 

eccentricity (in the 30th electric cycle), is investigated under open-circuit and on-load 

conditions. 

5.4.1 Open-circuit Condition 

The steady-state circulating currents due to static and dynamic eccentricities result in the phase 

angles of circulating currents in three phases differ by 60 elec. deg., Fig. 5. 15, and the spectra 

show that the circulating currents due to dynamic rotor eccentricity exhibit a double frequency 

component compared with the circulating currents due to static rotor eccentricity, which 

corresponds to the back-EMFs due to static and dynamic rotor eccentricities, Fig. 5. 6. For 

static rotor eccentricity, the circulating currents in phase A have larger fundamental magnitudes 

than those in phases B and C since the rotor is offset towards phase A and the back-EMF 

difference between coils in phase A is the largest. For dynamic rotor eccentricity, the 

magnitudes of the 2nd order harmonics of the circulating currents of coils in three phase are 

almost the same.  
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(a) Waveforms 

  

(b) Spectra 

(I) Static rotor eccentricity  (II) Dynamic rotor eccentricity 

Fig. 5. 15. Steady-state circulating currents caused by static/dynamic rotor eccentricities. 

The induced circulating currents directly lead to the additional copper loss, Fig. 5. 16. It can be 

seen that the circulating currents caused by static and dynamic rotor eccentricities result in 

almost the same average total additional copper loss of three phase windings due to the same 

resistance of coils and almost the same root mean square (RMS) value of the induced 

circulating currents. When employing the series-connected windings, the circuiting current will 

not be induced by rotor eccentricity and thus no additional copper loss. 

The rotor eccentricity leads to an increase of stator iron loss due to the local saturation when 

neglecting the circulating currents, Figs. 5. 17 (a) and 5. 18. Accounting for the induced 

circulating currents, the motor with dynamic rotor eccentricity has the largest stator iron loss, 

Figs. 5. 17 (b) and 5. 18, since the circulating currents due to dynamic rotor eccentricity exhibit 

a double frequency component compared with the circulating currents due to static rotor 

eccentricity. When considering the circulating currents, the iron core losses in the motors 

with/without rotor eccentricity are different, Fig. 5. 19. 
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6s/2p HSPM motor is small and can be neglected since only the space harmonics due to slot 

opening exist, e.g. the 5th and 7th order harmonics, Fig. 5. 20, but the slotting effect is relatively 

small due to the large air-gap. The static rotor eccentricity leads to the asymmetric air-gap 

distribution and significantly increases the rotor magnet loss, but the circulating currents 

decrease the rotor magnet loss since they decrease the magnitude of the 2nd order harmonic of 

air-gap flux density, Fig. 5. 21. However, the dynamic rotor eccentricity slightly increases the 

rotor magnet loss when neglecting the circulating currents. Accounting for circulating currents, 

the dynamic rotor eccentricity increases the rotor magnet loss due to the time harmonics of the 

circulating currents and spatial MMF harmonics.  

The 6s/2p HSPM motor with symmetrical stator topology has no inherent UMF. However, the 

rotor eccentricity can result in the UMF due to the non-uniform air-gap distribution. When 

neglecting circulating currents, the UMFs caused by static/dynamic rotor eccentricities have 

almost the same average value, Fig. 5. 22. When considering circulating currents, the average 

UMFs of the motors with static/dynamic rotor eccentricities are reduced by approximately 

36.3%.  

Fig. 5. 23 shows the influence of rotor eccentricity on the cogging torque with/without 

considering circulating currents. Neglecting circulating currents, the amplitudes and harmonics 

contents of cogging torque increase with rotor eccentricity. The static rotor eccentricity leads 

to the multiples of (2p)th order harmonics of cogging torque, i.e. 2nd, 4th, 6th… and the dynamic 

rotor eccentricity leads to multiples of (Ns)th order harmonics of cogging torque, i.e. 6th, Fig. 

5. 23 (I), where p is the number of pole pair and Ns is the number of slot. The induced circulating 

currents due to static/dynamic rotor eccentricities decrease the cogging torques, Fig. 5. 23 (II).  

  

(a) Static rotor eccentricity (b) Dynamic rotor eccentricity 

Fig. 5. 16. Open-circuit copper losses caused by circulating currents in three phase windings. 

0

1

2

3

0 60 120 180 240 300 360

C
o

p
p

er
 l

o
ss

 (
W

)

Rotor position (elec.deg.)

A

B

C

Total

Ave: 1.25 W

0

1

2

3

0 60 120 180 240 300 360

C
o

p
p

er
 l

o
ss

 (
W

)

Rotor position (elec.deg.)

A

B

C

Total

Ave: 1.33 W



217 
 

  

(a) Neglecting circulating currents 

  

(b) Considering circulating currents 

(I) Waveforms (II) Spectra 

Fig. 5. 17. Open-circuit stator iron loss of the motors with/without rotor eccentricity and 

neglecting/considering circulating currents. 

 

Fig. 5. 18. Open-circuit stator iron loss of the motors with/without rotor eccentricity and 

neglecting/considering circulating currents. 
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(a) Without rotor eccentricity, Max=1.1926×107 W/m3 

  

(b) Static rotor eccentricity,  

Max=1.6779×107 W/m3 

(c) Dynamic rotor eccentricity, 

Max=1.7576×107 W/m3 

Fig. 5. 19. Stator iron loss distributions with/without rotor eccentricity. 

 

Fig. 5. 20. Rotor magnet losses of the motors with/without rotor eccentricity and 

neglecting/considering circulating currents. 
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(a) Waveforms (b) Spectra 

Fig. 5. 21. Air-gap field distributions of the motors with/without static/dynamic rotor 

eccentricities on the radial position (r = Rm + 0.3875 mm) and rotor position (θ= 90°), 

without/with circulating current, ε=0.5. 

  

(a) Waveforms 

  

(b) Spectra 

(I) Neglecting circulating current (II) Considering circulating current 

Fig. 5. 22. UMF waveforms of the motors without and with static/dynamic eccentricities 

under open-circuit condition. 
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(a) Waveforms 

  

(b) Spectra 

(I) Neglecting circulating current (II) Considering circulating current 

Fig. 5. 23. Cogging torque waveforms of the motors without and with static/dynamic 

eccentricities under open-circuit condition. 
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5.4.2 On-load Condition 

With three phase 120º electric square wave current waveforms and the rated phase current, i.e. 

Imax=10A, Fig. 5. 24, the influence of the circulating current due to rotor eccentricity on the 

electromagnetic performance is investigated in this section.  

Figs. 5. 25 and 5. 26 show how the circulating currents due to static and dynamic rotor 

eccentricities affect the ideal square wave current of the coils in different phase windings. The 

steady-state circulating currents result in the different currents of two coils in the same phase 

since the circulating currents in two coils are opposite. It can be seen that the circulating 

currents due to static rotor eccentricity only increase the fundamental magnitudes of 120º 

electric square wave phase currents for all three phases. However, the circulating currents due 

to dynamic rotor eccentricity only affect the harmonic contents of three phase 120º electric 

square wave currents, i.e. additional 2nd order harmonic.  

With the induced circulating currents due to static and dynamic rotor eccentricities, the average 

total copper loss increases from 2.07W to 3.30/3.40W, approximately 64.3%, Fig. 5. 27. Under 

on-load condition, considering circulating currents, the motor with dynamic rotor eccentricity 

has the largest stator iron loss since the largest armature reaction caused by the 2nd order 

harmonics of the circulating currents due to dynamic rotor eccentricity, Fig. 5. 28. The on-load 

circulating currents due to static rotor eccentricity decrease the rotor magnet loss caused by 

static rotor eccentricity, while the circulating currents due to dynamic rotor eccentricity slightly 

increase the rotor magnet loss, Fig. 5. 29.  

Figs. 5. 22 and 5. 30 show that no matter neglecting or considering the circulating currents, 

under open-circuit or on-load conditions, the motors with static/dynamic rotor eccentricities 

have almost the same average UMFs. The induced circulating currents due to static/dynamic 

rotor eccentricities decrease the on-load average UMFs from 7.70 /7.60 N to 4.80/4.77 N, 

respectively. The on-load circulating currents due to static and dynamic rotor eccentricities 

have negligible influence on the average torque and torque ripple, Fig. 5. 31.  
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(a) Waveforms (b) Spectra 

Fig. 5. 24. Current waveforms of motors without rotor eccentricity. 

  

(a) Coils A1 and A2 

  

(b) Coils B1 and B2 

  

(c) Coils C1 and C2 
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(d) Coils of three phase windings 

(I) Waveforms (II) Spectra 

Fig. 5. 25. Currents waveforms of motors with static rotor eccentricity considering circulating 

current. 

  

(a) Coils A1 and A2 

  

(b) Coils B1 and B2 
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(c) Coils C1 and C2 

  

(d) Coils of three phase windings 

(I) Waveforms (II) Spectra 

Fig. 5. 26. Currents waveforms of motors with dynamic rotor eccentricity considering 

circulating current. 
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(b) Static rotor eccentricity (c) Dynamic rotor eccentricity 

Fig. 5. 27. Copper loss waveforms of the motors without and with static/dynamic rotor 

eccentricities considering circulating current. 

  

(a) Neglecting circulating current (b) Considering circulating current 

Fig. 5. 28. Stator iron losses of the motors without/with rotor eccentricity and 

neglecting/considering circulating currents. 

  

(a) Neglecting circulating current (b) Considering circulating current 

Fig. 5. 29. Rotor magnet losses of the motors without/with rotor eccentricity and 

neglecting/considering circulating currents in three phase windings. 
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(a) Waveforms 

  

(b) Spectra 

(I) Neglecting circulating current (II) Considering circulating current 

Fig. 5. 30. UMF waveforms of the motors with static/dynamic eccentricities under on-load 

condition. 
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(b) Spectra 

(I) Neglecting circulating current (II) Considering circulating current 

Fig. 5. 31. Torque waveforms of the motors with static/dynamic eccentricities under the on-

load condition. 

The rotor eccentricity leads to the circulating currents, which directly increase the copper loss 

with an approximate constant, Fig. 5. 32 (a). However, the rotor eccentricity has a small 

influence on the stator iron loss, Fig. 5. 32 (b). When considering circulating currents and the 

phase current is small, static and dynamic rotor eccentricities lead to the increases of rotor 

magnet losses by 18.1% and 4.0%, respectively, compared with no rotor eccentricity, Figs. 5. 

29 (b) and 5. 32 (c). It is worth noting that the influence of circulating current on copper loss 

and rotor PM loss decreases with the increase of phase current.  

The relationship between average UMF and phase current without/with static/dynamic rotor 

eccentricities and neglecting/considering circulating currents is presented in Fig. 5. 33. When 

considering the circulating current, the average UMFs of the motors with static/dynamic rotor 

eccentricities are decreased. In addition, the influence of the induced circulating current 

remains almost unchanged with the increase of phase current. As mentioned before, the 

circulating currents have no influence on the average torque and torque ripple. Therefore, the 

average torque and torque ripple increase linearly with the phase current, Fig. 5. 34, since the 

torque ripple is dominated by the product of rectangular current waveforms and sinusoidal 

back-EMF waveforms. 
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(a) Copper loss (a) Stator iron loss 

 

(c) Rotor PM loss 

Fig. 5. 32. Influence of static/dynamic rotor eccentricities on various loss components under 

different phase currents, considering circulating current. 

 

Fig. 5. 33. Relationship between average UMF and phase current with static/dynamic rotor 

eccentricities and neglecting/considering circulating current. 
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(a) Average torque (b) Torque ripple 

Fig. 5.34. Relationships between average torque, torque ripple, and phase current with 

static/dynamic rotor eccentricities considering circulating current. 

5.5 Conclusion 

In this chapter, the influence of circulating currents in the parallel-connected windings due to 

static and dynamic rotor eccentricities on the electromagnetic performance of the 6s/2p PM 

motor has been investigated by FE method, accounting for DC components in the circulating 

current, open-circuit/on-load conditions, and rotor eccentricity ratio. It is shown that the 

increased rotor eccentricity ratio leads to the increase of circulating currents which, in turn, 

increase the copper loss, rotor magnet loss, and stator iron loss, but reduce the cogging torque 

and UMF. However, as shown in the appendix, the DC components in the circulating currents 

at the initial transient state significantly increase the copper loss, rotor magnet loss, stator iron 

loss, cogging torque, and torque ripple, but reduce the UMF. 

Appendix 5. A 

Characteristics with Initial State of Rotor Static/Dynamic Eccentricities 

As shown in section III, there exist DC components in the circulating currents at the beginning 

when the rotor eccentricities occur. Therefore, the circulating currents with DC components is 

further analyzed in this section. The circulating currents in the first electric cycle under 

transient state due to rotor eccentricity (designated as the circulating currents in this section for 

simplicity) are selected in the investigation. 

A. Open-circuit condition 

Fig. 5. 35 shows the induced circulating currents due to static/dynamic rotor eccentricities in 

the first electric cycle. No matter what rotor eccentricity type, coils in phase A have the largest 
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peak values of the circulating currents, and coils in phases B and C have almost the same peak 

values. The main reason is that coil A1 facing the shortest air-gap length has the largest back-

EMF, but coil A2 facing the longest air-gap length has the smallest back-EMF, which leads to 

the largest peak value of the back-EMF difference between two coils, Fig. 5. 7. In Fig. 5. 35, 

the spectra show that the largest back-EMF difference between coils A1 and A2 mainly 

increases the DC component in the circulating currents. Since there is no phase angle difference 

between two coils in phase A, the back-EMF difference of two coils in phase A equal to zero 

when the rotor is at the initial position, which is the rotor position when the back-EMF of phase 

A is zero, Fig. 5. 36.  

  

(a) Waveforms 

  

(b) Spectra 

(I) Static rotor eccentricity (II) Dynamic rotor eccentricity 

Fig. 5. 35. Circulating currents of coils A1, B1, and C1 in the motors with static/dynamic 

rotor eccentricities, ε=0.5. 
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(a) Static rotor eccentricity (b) Dynamic rotor eccentricity 

Fig. 5. 36. Relationship between circulating current in coil A1 and the back-EMF difference 

between two coils in phase A, ε=0.5. 

The induced circulating currents caused by static and dynamic rotor eccentricities result in the 

additional copper loss, i.e. 2.14W and 2.20W, respectively, Fig. 5. 37, which are almost twice 

of those caused by the steady-state circulating current in section IV due to DC components in 

the circulating currents. Figs. 5. 38 and 5. 39 show the influence of circulating currents at the 

initial transient state on the stator iron loss and rotor magnet loss. It indicates that the circulating 

currents due to dynamic rotor eccentricity slightly increase the stator iron loss due to armature 

reaction, and significantly increase the rotor magnet loss due to time harmonics of the 

circulating currents with DC components and spatial MMF harmonics. 

As mentioned before, static/dynamic rotor eccentricities can cause UMFs due to non-uniform 

air-gap distribution. When neglecting circulating currents, the UMFs caused by static/dynamic 

rotor eccentricities are shown in Fig. 5. 40 (a), and they have almost the same average value. 

When considering circulating currents, the average UMFs of the motors with static/dynamic 

rotor eccentricities are reduced by approximately 33.3%. It also shows that with DC 

components, the minimum UMFs caused by static/dynamic rotor eccentricities are 1.93/2.43N, 

due to the 1st and 2nd order harmonics, respectively. 

Fig. 5. 41 shows the influence of rotor eccentricity on the cogging torque with/without 

considering circulating currents. Neglecting circulating currents, the cogging torque increases 

with rotor eccentricity and but is still very small, Fig. 5. 41 (a). The induced circulating currents 

with DC components significantly increase the cogging torque due to the conventional cogging 

torque and the torque produced by the circulating current. Accounting for the circulating 

currents, the cogging torque caused by dynamic rotor eccentricity is larger than that caused by 

static rotor eccentricity. 

-20

-10

0

10

20

0 60 120 180 240 300 360

V
a

lu
e

Rotor position (elec.deg.)

∆E Circulating current

-20

-10

0

10

20

0 60 120 180 240 300 360

V
a

lu
e

Rotor position (elec.deg.)

∆E Circulating current



232 
 

  

(a) Static rotor eccentricity (b) Dynamic rotor eccentricity 

Fig. 5. 37. Additional open-circuit copper loss caused by circulating currents in three phase 

windings. 

 

Fig. 5. 38. Open-circuit stator iron loss of the motors with/without rotor eccentricity and 

neglecting/considering circulating currents. 

 

Fig. 5. 39. Open-circuit rotor magnet losses of the motors with/without rotor eccentricity and 

neglecting/considering circulating currents. 
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(a) Waveforms 

  

(b) Spectra 

(I) Neglecting circulating current (II) Considering circulating current 

Fig. 5. 40. UMF waveforms of the motors without and with static/dynamic eccentricities 

under open-circuit condition. 
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(b) Spectra 

(I) Neglecting circulating current (II) Considering circulating current 

Fig. 5. 41. Cogging torque waveforms of the motors without and with static/dynamic 

eccentricities under open-circuit condition. 

B. On-load condition 

With three phase 120º electric square wave current waveforms and the rated phase current, i.e. 

Imax=10A, Fig. 5. 24, the influence of the circulating current with DC component due to rotor 

eccentricity on the electromagnetic performance is investigated in this section.  

Figs. 5. 42 and 5. 43 show that with static rotor eccentricity, coils A1 and A2 have the same 

harmonic content, but the fundamental magnitude of coil A1 is slightly larger than that of coil 

A2 due to the local saturation in the stator tooth facing coil A1. However, in phase B or C, two 

coils have the same harmonic content but significantly different fundamental magnitudes, 

which leads to different peak values of the currents in the two coils. The DC component in 

phase A is larger than those in phases B and C. With dynamic rotor eccentricity, two coils in 

the same phase have the same magnitude of the 2nd order harmonic and have a slight difference 

of the fundamental magnitude. 

With the induced circulating currents due to static and dynamic rotor eccentricities, the average 

total copper loss increases from 2.07W to 4.17/4.38W, more than 100%, Fig. 5. 44. No matter 

on-load or no-load condition, neglecting or considering circulating currents, the motor with 

dynamic rotor eccentricity has the largest stator iron loss. According to the same reason under 

the open-circuit condition, the circulating currents due to dynamic rotor eccentricity 

significantly increase the rotor magnet loss under on-load condition, Fig. 5. 46 (b).  

Fig. 5. 47 shows that the induced circulating currents with DC components decrease the on-

load average UMFs from 7.60 /7.49 N to 5.14/5.10 N, respectively. Under the on-load 
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condition, the static and dynamic rotor eccentricities have negligible influence on the average 

torque but slightly increase the torque ripple due to the increased cogging torque, Fig. 5. 48 (I) 

and Table II. Accounting for the circulating currents, the rotor eccentricity does not change the 

average torque but significantly increases the torque ripple, especially for dynamic rotor 

eccentricity, Fig. 5. 48 (II) and Table II. The spectra show that the induced circulating currents 

due to static and dynamic rotor eccentricities exhibit the 1st and 2nd order harmonics, 

respectively, which result in high torque ripple. However, the influence of circulating currents 

decreases with the increase of phase current, Fig. 5. 49. With the large phase current, the torque 

ripple of the motor without rotor eccentricity is dominated by the product of rectangular current 

waveforms and sinusoidal back-EMF waveforms. Therefore, the rotor eccentricity has 

negligible influence on the torque ripple when the phase current is large. 

  

(a) Coils A1 and A2 

  

(b) Coils B1 and B2 
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(c) Coils C1 and C2 

  

(d) Coils of three phase windings 

(I) Waveforms (II) Spectra 

Fig. 5. 42. Currents waveforms of motors with static rotor eccentricity considering circulating 

current. 

  

(a) Coils A1 and A2 
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(b) Coils B1 and B2 

  

(c) Coils C1 and C2 

  

(d) Coils of three phase windings 

(I) Waveforms (II) Spectra 

Fig. 5. 43. Currents waveforms of motors with dynamic rotor eccentricity considering 

circulating current. 
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(a) Without rotor eccentricity 

  

(b) Static rotor eccentricity (c) Dynamic rotor eccentricity 

Fig. 5. 44. Copper loss waveforms of motors without and with static/dynamic rotor 

eccentricities considering circulating current. 

  

(a) Neglecting circulating current (b) Considering circulating current 

Fig. 5. 45. Stator iron losses of the motors without/with rotor eccentricity and 

neglecting/considering circulating currents. 
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(a) Neglecting circulating current (b) Considering circulating current 

Fig. 5. 46. Rotor magnet losses of the motors without/with rotor eccentricity and 

neglecting/considering circulating currents in three phase windings. 

  

(a) Waveforms 

  

(b) Spectra 

(a) Neglecting circulating current (b) Considering circulating current 

Fig. 5. 47. UMF waveforms of the motors with static/dynamic eccentricities under on-load 

condition. 
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(a) Waveforms 

  

(b) Spectra 

(I) Neglecting circulating current (II) Considering circulating current 

Fig. 5. 48. Torque waveforms of the motors with static/dynamic eccentricities under the on-

load condition. 

 

Fig. 5. 49. Variation of torque ripple with the phase current with static/dynamic rotor 

eccentricities considering circulating current. 
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Table 5. 2 

Influence of Rotor Eccentricity on Torque 

 No ECCE 

Without  

circulating current 

With  

circulating current 

SE DE SE DE 

Average torque 

(mNm) 
13.37 13.26 13.34 13.12 13.20 

Torque ripple (%) 13.96 16.79 16.59 42.47 65.95 
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CHAPTER 6 

GENERAL CONCLUSIONS AND FUTURE WORK 

6.1. General Conclusions 

6.1.1 Stator Structure and Winding Configuration 

Three-phase 6s/2p HSPM motors with 1, 2, and 3 slot-pitch windings are compared by FEM 

in Chapter 2. Then, the 6s/2p HSPM motors with two different 2 slot-pitch winding 

configurations are analyzed in Chapter 3. Fig. 6. 1 shows four machine topologies. 

Firstly, different winding configurations lead to different end-winding structures, and thus four 

different 2-D and 3-D end-winding models are presented in Fig. 6. 2. 

Secondly, four HSPM motors are optimized by four different optimization methods, i.e. fixed 

current density, fixed copper loss, fixed stator loss, i.e. fixed copper loss and iron loss of the 

stator, and fixed stator loss with maximum current density, Table 6.1. It shows that fixing stator 

loss with maximum current density due to thermal limitation is a more suitable method for 

optimization since it can consider the stator iron loss due to high frequency, the end-winding 

length, the end-winding axial length due to different slot-pitch numbers, and local overheating.  

  

(a) 1 slot-pitch winding, M1 (b) 2 slot-pitch winding, M2/MA 

  

(c) 2 slot-pitch winding, M2/MB (d) 3 slot-pitch winding, M3 

Fig. 6. 1. Machine topologies of four 6s/2p HSPM motors with different winding 

configurations. 

A1

A2

B1

B2

C2

C1
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(a) 1 slot-pitch winding, M1 

 
 

(b) 2 slot-pitch winding, M2/MA 

 
 

(c) 2 slot-pitch winding, M2/MB 

  

(d) 3 slot-pitch winding, M3 

(I) 2-D model (II) 3-D model 

Fig. 6. 2. 2-D and 3-D end-winding models of four motors with different winding 

configurations. 

  

End-winding

Arc-1

End-winding

Arc-1

End-winding

Arc-1
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Thirdly, the electromagnetic performances of four optimized 6s/2p HSPM motors with 1, 2, 

and 3 slot-pitch windings are analyzed and compared. The results indicate that for high-speed 

applications, compared with 1 and 3 slot-pitch windings, the motor with 2 slot-pitch windings 

has a good trade-off between winding factor and end-winding axial length, which is attractive 

for improving torque density. In addition, the 6s/2p HSPM motors with alternate layouts of 2 

slot-pitch windings are analyzed. It shows that Motor B, Fig. 6. 1 (c), is an attractive motor 

design due to short axial length of end-winding, large torque density, and small phase 

inductance. 

Table 6. 1 

Optimized Designs of 6-Slot/2-Pole HSPM Motors by Different Optimization Methods 

 Fixed current density Fixed copper loss Fixed stator loss 
Fixed stator loss and 

current density 

Without 

end-winding; 

Max torque 

   

- 

Bmax=1.5 T, λ=0.34 Bmax =1.5 T, λ =0.42 Bmax =0.8 T, λ =0.34 

With 
end-winding 

copper loss; 

Max torque 

- 

  

- 

Bmax =1.5 T, λ =0.42 Bmax =0.8 T, λ =0.32 

With 

end-winding 

copper loss and 

axial length; 

Max torque 

density 

- 

   

Bmax =1.5 T, λ =0.41 Bmax =0.8 T, λ =0.32 Bmax =1.0 T, λ =0.32 
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Fourthly, the influence of end-winding axial length on the torque density of the 6s/2p HSPM 

motors with different stator active lengths is investigated. It found that when the stator active 

length is relatively long, i.e. longer than 30mm in this thesis, the motor with 2 slot-pitch 

windings has the largest torque and highest torque density. However, when the stator active 

length is relatively short, i.e. longer than 12mm in this thesis, the benefits of output torque in 

the motor with 2 slot-pitch windings outweigh the disadvantages of torque density, compared 

with the motor with 1 slot-pitch windings. 

Fifthly, a conventional 3s/2p HSPM motor with non-overlapping windings is compared with 

the 6s/2p HSPM motor with 2 slot-pitch windings since they have the same winding factor, i.e. 

0.866. The results show that compared with the 3s/2p HSPM motor, the 6s/2p HSPM motor 

with 2 slot-pitch windings has advantages in high torque, small phase inductance, low rotor 

loss, and no UMF, which is desirable for high-speed operation. 

6.1.2 Rotor Eccentricity 

Chapter 4 analyses the electromagnetic performances of 3s/2p and 6s/2p PM motors with static 

and dynamic rotor eccentricities considering rotor eccentricity ratio, rotor eccentricity angle, 

and rotor initial angle. In Chapter 5, the circulating currents will be induced in the parallel-

connected windings by rotor eccentricity in the 6s/2p PM motor. The influence of circulating 

currents on the electromagnetic performances, including copper loss, stator iron loss, rotor 

magnet loss, cogging torque, torque, and UMF, is investigated considering DC component in 

the circulating current, operation conditions, and rotor eccentricity ratio. The results can be 

summarised as follow: 

A. 3s/2p  

 Static rotor eccentricity leads to unbalanced back-EMF waveforms of three phases. 

 Static rotor eccentricity results in unbalanced fundamental and phase angles of back-

EMFs of three phases. 

 Unbalanced ratio and offset phase angle increase with the increase of static rotor 

eccentricity ratio. 

 Unbalanced ratio and offset phase angle changes periodically with the variation of static 

rotor eccentricity angle. 

 Dynamic rotor eccentricity does not cause unbalance in the three phase back-EMFs. 
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 Dynamic rotor eccentricity does not change the fundamental magnitudes but affects the 

harmonic contents of three phase back-EMFs, i.e. the additional 2nd order harmonic. 

 Positive and negative peak values increase with the increase of dynamic rotor 

eccentricity ratio. 

 Dynamic rotor eccentricity leads to asymmetric positive and negative half-periods of 

three phase back-EMF waveforms. 

 Largest asymmetric back-EMF waveforms, i.e. the maximum and minimum peak-to-

peak back-EMFs, occur when the angle differences between the eccentricity angles and 

the rotor initial angles are equal to 0° and 90°, respectively. 

 Rotor eccentricity has negligible influence on the average torque but affects the torque 

ripple, which increases with the increase of rotor eccentricity ratio. 

 Static rotor eccentricity leads to multiples of (2p)th order harmonics of cogging torque, 

and dynamic rotor eccentricity leads to multiples of (Ns)th order harmonics. 

 Increased cogging torque and torque ripple due to dynamic rotor eccentricity are larger 

than those due to static rotor eccentricity. 

 Rotor eccentricity results in additional UMF. 

B. 6s/2p without circulating current 

 Neglecting magnetic saturation, static and dynamic rotor eccentricities affect the 

magnitudes and phase angles of fundamental and the harmonic contents of coil back-

EMFs, respectively, while they have negligible influence on the phase back-EMF. 

 Considering magnetic saturation, the increased static rotor eccentricity ratio leads to a 

slight increase of unbalanced ratio and offset phase angles of back-EMFs. 

 Considering magnetic saturation, the increased dynamic rotor eccentricity ratio 

increases the positive and negative peak values. 

 The 3rd order back-EMF harmonic due to dynamic rotor eccentricity can be eliminated 

in 2 slot-pitch windings, and thus the peak-to-peak value remains the same with the 

variation of dynamic rotor eccentricity angle. 

 Rotor eccentricity and slot-pitch number have no influence on average torque and 

torque ripple. 

 Increased rotor eccentricity ratio leads to an increase of average UMF. 

 Average UMF caused by rotor eccentricity decreases with the increase of phase current 

due to the magnetic saturation effect. 
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C. 6s/2p with circulating current 

 When the unbalanced back-EMFs of the parallel-connected coils in the same phase exist 

due to rotor eccentricity, the circulating currents are produced. 

 DC components exist in the circulating currents when the rotor eccentricity occurs and 

then are delayed after several electric cycles. 

 Frequency of sinusoidal circulating current due to dynamic rotor eccentricity is twice 

of that due to static rotor eccentricity. 

 Rotor eccentricity leads to different peak values of circulating currents in parallel-

connected coils of three phase windings. 

 With DC components, circulating currents lead to the increase of copper loss, stator 

iron loss, rotor magnet loss, cogging torque, torque ripple. However, the average torque 

remains almost unchanged, and the average UMF is reduced compared with no 

circulating currents. 

 Without DC components, circulating currents lead to the increase of various loss 

components. However, the torque and torque ripple remain almost unchanged, and the 

cogging torque and average UMF decrease compared with no circulating current. 

 Rotor eccentricity ratio increases the back-EMF difference between two coils in the 

same phase, and thus the fundamental magnitude of circulating currents and DC offset 

increase. 

6.2. Future Work 

Firstly, in Chapters 2 and 3, the three-phase HSPM motors are optimized by FE method 

considering the effect of armature reaction on the stator iron loss, which needs a long 

computation time since there are three design variables, i.e. maximum stator iron flux density, 

split ratio, and phase current. Therefore, the analytical model can be developed considering the 

on-load stator iron loss, and the number of design variables can be reduced from 3 to 2, i.e. no 

phase current.  

Secondly, since the different winding configurations result in different end-winding axial 

lengths and different motor axial lengths, the rotor dynamic characteristic of three 6s/2p HSPM 

motors with 1, 2, and 3 slot-pitch windings can be analyzed considering the variation of the 

L/D ratio, i.e. the ratio of rotor length to diameter, which has a close relationship with the 

critical speed and moment of inertia. 
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Thirdly, in Chapter 3, the 6s/2p HSPM motors with 2 slot-pitch windings have two different 

winding configurations, and both of them are overlapping windings. Therefore, a non-

overlapping 2 slot-pitch winding with short end-winding axial length can be employed for 

improving torque density. 

Fourthly, although 3s/2p HSPM motors with inherent UMF may lead to high vibration and 

noise, the relatively large winding factor and simple manufacturing make this kind of motor 

popular in high-speed applications. However, few papers discuss the influence of the inherent 

UMF on rotor vibration and noise under high-speed operation. In addition, although the method 

of reducing the UMF of the 3s/2p [MAJ18] has been researched, the influence on the 

mechanical stress, the windage loss, and the vibration and noise under high-speed operation 

has not been investigated. Therefore, the influence of the UMF in a 3s/2p motor on the rotor 

vibration and noise under high-speed operation, including the method of reducing the UMF, 

can be investigated. 
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